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Abstract

Modern packaging materials are composed of several material layers, each with a different

function. A package needs to fulfill multiple criteria such as structural integrity and seal-

ing to prevent leakage or degradation of the package content. For the layers to fulfill their

respective roles in this regard, it is required that they adhere well to each other. However,

during handling, manufacturing and transport processes can sometimes cause delamina-

tion between the layers. On the other hand, controlled delamination is a prerequisite for

other aspects of package functionality, for example in various opening mechanisms. Re-

gardless of whether the aim is to avoid or facilitate delamination, interlaminate adhesion

and delamination properties must be a controllable and verifiable package property.

There are several methods to characterize adhesive strength in relation to delamina-

tion. One of the most common is the peel test, in which a layer is peeled off from a

substrate and the force required to do this is measured. From the peel force, the energy

associated with the adhesive fracture can be calculated. The deformation of the peel arm

also contributes to the measured peel force, as considered in classical analytical models of

peel testing, such as the Kendall and Kinloch models for linear elastic and elastic-plastic

deformation of the peel arm, respectively.

In this work, a 90◦ peel test rig has been developed to permit performing in-situ peel

testing with imaging by X-ray tomography. Using X-rays for in-situ peel testing is a novel

concept, allowing more information to be obtained than with a traditional peel test, where

only the macroscopic force and displacement are measured or in-situ peel tests where the

imaging relies on traditional high-speed cameras or scanning electron microscopy. In ad-

dition to establishing the new in-situ peel testing methods, and developing the required

experimental hardware, different failure mechanisms and inhomogeneous delamination

patterns are identified from the X-ray images. The experimental results are further ana-

lyzed by confronting them with numerical simulations based on a cohesive zone approach

as well as with classical models of peel testing. The potential to use Digital Volume Cor-

relation to obtain the full-field deformation of the peel arm is also explored as a possible

further elaboration of in-situ peel testing using X-ray tomography.
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1 Background

Packaging materials is a billion-dollar industry. The safe transport of food and dairy

products from production to shelf is dependent on reliable packages which keep their

structural integrity in every part of the chain, from manufacturing to filling and trans-

port. Packaging materials for the food and dairy industries are often composed of several

layers, with different functions, forming a laminate material. For example, paperboard

is typically used to provide stiffness, while aluminum foil acts as a light and oxygen bar-

rier and a polymer, such as polyethylene, provides a barrier between the paperboard and

the content. To provide maximum shelf life, it is crucial that the adhesion between the

layers is sufficient, otherwise the product can be degraded, reducing its shelf life consid-

erably. Other requirements are package opening mechanisms that maintain their sealing

properties until the seal is intentionally broken.

The peel test is one of the most common ways to study adhesion and many different

peel test variants have been developed over the years, some of which have been standard-

ized in regulatory norms. Ideally, when peeling a film layer off a substrate, the work of

separation is a measure of the adhesion energy [75]. However, due to deformation of the

layer being peeled off, called the peel arm, the supplied energy is often orders of magni-

tude greater than the adhesion energy. The effect of elastic and plastic deformation during

peeling has been studied extensively, for example in [29, 48, 49], deriving expressions for,

e.g., the fracture energy and mode mixity. Cohesive zones are another popular way to

model decohesion phenomena and some of the developments in cohesive zone modelling

are summarized in this work. Additional insight into the decohesion mechanisms can

be gained by combining the peel test with imaging methods such as scanning electron

microscopy and X-ray tomography.

2 Theories of adhesion

There are a number of different theories on how adhesion is built up and degraded. The

existence of an adhesive force holding bodies together was identified already by Aristotle.

The adhesion phenomena was also considered by Isaac Newton. Although Newton could

not perform any of the experiments known today, he grouped the theory of adhesion into

two categories: fundamental and practical adhesion. Fundamental adhesion is concerned

with the study of what makes two surfaces stick, while practical adhesion is concerned with

the study of what is required to separate them. Hence, some of the theories of adhesion,

like ”the weak boundary layer theory”, are more concerned with practical questions of

where the decohesion will occur during failure, while others, like the ”adsorption theory”,

attempt to explain how and why surfaces in contact bond in the first place, based on

thermodynamic considerations. Both the weak boundary layer theory and the adsorption

theory are thoroughly discussed in, e.g., [21] and [72]. Actual research into adhesion

phenomena is considered to have started in the 1920s with McBain and Hopkins [55] and
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some different theories on the subject during the middle of the 20th century. The view of

the scientific community on adhesion theories seems to have shifted from a more exclusive

view originally, to a more complementary view in recent years. In other words, the first

proponents of the theories often had an antagonistic view of other theories and researchers

were intent on finding a ”master theory”, explaining fully the phenomena of adhesion and

decohesion. Today, different theories are more often seen as emphasizing different aspects

of adhesion, rather than being mutually exclusive.

2.1 Mechanical interlocking

One of the first theories, trying to explain adhesion, is that of mechanical interlocking,

first proposed by McBain and Hopkins in 1925 [55]. According to this theory, adhesion

is formed due to surface roughness and cavities. With good wetting, an adhesive is able

to fill the surface cavities creating an interlocking bond between the two surfaces. The

mechanical interlocking theory is contradicted by the fact that smooth surfaces can also

form adhesive bonds, but attempts have been made to reconcile these facts by considering

adhesion to be governed by both mechanical interlocking and thermodynamic interfacial

interactions [34]. Based on this, Wake [100] suggested that the strength G of the adhesive

bond can be partitioned as

G = constant× (mechanical interlocking component)

× (interfacial interaction component) (1)

By this multiplicative split of the contributing factors, it should be possible to reach a

high level of adhesion by improving both the surface morphology and the physical and

chemical surface properties of the bonded surfaces and the adhesive. However, in most

cases, mechanical interlocking can be thought to simply improve the adhesion by the

fact that the interfacial area increases due to surface roughness. Some authors have also

suggested that a rough surface increases bond strength not through interlocking, but by

enabling higher viscoelastic and plastic dissipation [3, 40, 102].

2.2 Electronic theory

According to the electronic theory of adhesion, an electron transfer mechanism between

substrate and adhesive, having different electronic band structures, can occur to equalize

Fermi levels [72]. This could induce the formation of a double electrical layer at the

interface. Deryaguin et al. proposed that the resulting electrostatic forces can give a

significant contribution to the adhesion [23–25]. Hence, the junction between adhesive

and substrate can be modeled as a capacitor. During interfacial failure of this system,

separation of the two plates of the capacitor leads to an increasing potential difference until

a discharge occurs. Therefore, it is considered that adhesion is a result of the attractive

electrostatic forces across the electrical double layer. The energy of separation of the

interface, Ge, is therefore related to the discharge potential Ve by:

2



Ge =
hεd
8π

(
∂Ve
∂h

)2

(2)

where h is the discharge distance and εd the dielectric constant. Moreover, according to

such an approach, adhesion could vary with the pressure of the gas in which measurement

is performed. However, there is no clear correlation between electronic interfacial param-

eters and the work of adhesion and the energy dissipated viscoelastically or plastically

is not considered in this theory. In peeling experiments on vacuum-deposited metallic

films on borosilicate substrates, von Harrach and Chapman found that the electrostatic

adhesion energy amounted to a maximum of 20% of the van der Waals adhesion energy,

which in turn was found to always be smaller than the total work of separation [98].

The electronic theory of adhesion has also received considerable criticism, for example by

Huntsberger [43] and Gardon [33].

2.3 Weak boundary layer theory

The adhesion theory of weak boundary layers states that material near the interface will

have different properties than the bulk materials due to the presence of the opposing

surface. The zones for which this is true are in this view on adhesion denoted boundary

layers. According to the weak boundary layer theory, only cohesive failure, occuring

in the weakest of these boundary layers, should be possible and no purely interfacial

failure will take place, motivated by a statistical reasoning. Much of the early work, in

which the weak boundary layer theory is exploited, was done by Bikerman and colleagues

in the 1950s and 1960s, who frequently observed cohesive failure close to the interface

and who could show the existence of a weak boundary layer in certain cases, e.g. [12].

Bikerman’s position was that weak boundary layers are widespread, that interfacial failure

is impossible and that the practical strength of an adhesive bond depends on the rheology,

not on interfacial forces [12]. This view is not supported in recent literature, but its effect

in stimulating discusssion and research is recognized. It is acknowledged that at the time,

the recognition of the importance of the rheology of bonds was an important contribution,

while the neglection of interfacial forces was not justified. Another key concept is the

locus of failure, stating that when weak boundary layers are important, failure typically

occurs within this weak layer, close to, but not at, the interface between the adhesive and

substrate. This layer can be very thin, giving the impression that the failure is adhesive

when in fact it is cohesive. This insistence that interfacial can not occur has, according to

recent reference literature, led to more detailed studies of the failure locus of the locus of

failure, employing modern surface analysis, although it is still sometimes neglected. Such

studies have, however, shown that pure interfacial failure is rare, but does occur [21]. A

criticism of the theory is that cohesive failure close to the interface does not prove the

presence of a weak boundary layer. It was shown already in 1972 that cohesive failure close

to an interface is possible without introducing a weak boundary layer [36]. More recently,

Chen et al. demonstratedy that the failure locus depends on the mode mixity of the

loading and hence the crack does not propagate universally along the weakest boundary

layer, as the weak boundary layer theory predicts [17].

3



2.4 Adsorption theory

The most widely used adhesion theory is the adsorption or thermodynamic theory, at-

tributed to Sharpe and Schonhorn[80]. This theory is based on the idea that adhesion

is due to interatomic and intermolecular forces at the interface. The magnitude of these

forces can generally be related to thermodynamic quantities, such as the surface free en-

ergies of adhesive and adherend. Wetting criteria as well as surface and interface free

energies can be defined, according to the adsorption theory. The reversible work of adhe-

sion W can then be estimated. Next, the relation between measured adhesion strength G

to the free energy of adhesion W can be modeled in various ways.

Most adhesive bonds are formed when a liquid adhesive comes into contact with a solid

substrate. Therefore, the degree of wetting and other factors that can affect this solid-

liquid interface are of importance. A significant body of theories on the thermodynamics

of spreading and wetting has been developed, which can be used to relate surface energies

and surface tensions to contact angles and to the extent of wetting. If the surface energy

or the contact angle is known, the adhesion strength can be calculated and predicted [21].

The idea of adhesion between bodies being due to interatomic and intermolecular

forces established at the interface is given. Experimental substantiation of this is given

by Leadley and Watts, who used X-ray photoelectron spectroscopy to identify several

distinct acid-base interactions at the interface between a polymer and a metal oxide [50].

One of the main models mapping the reversible work of adhesion to the measured

adhesion strength is the rheological model, or the model of multiplying factors, proposed

by Gent and Schultz [34]. This theory states that the measured peel strength is the

product of the reversible work and a loss function Φ = Φ(v, T ) which depends on the peel

rate v and the temperature T, providing

G =WΦ(v, T ) (3)

The loss function corresponds to the energy dissipated viscoelastically or plastically. Usu-

ally, the loss function is much greater than the reversible work of adhesion.

2.5 Diffusion theory

The diffusion theory originated with S. S. Voyutskii and coworkers in the middle of the

20th century, as discussed by da Silva et al. in [21]. The original work was mainly on self-

adhesion of elastomers and was later extended to polymer adhesion. Effects of parameters

such as time, temperature, contact pressure and molecular weight were studied. It was

argued that adhesion is associated with the interdiffusion of molecular polymer chains.

Even though the work was concerned with polymer-polymer adhesion, Voyutskii argued

its applicability also to polymer-metal adhesion .

A thermodynamic criterion for the compatibility of polymers is that the Gibbs free

energy of mixing ∆Gm is negative. If this is the case, spontaneous mixing will occur. The

change in Gibbs free energy is given by

∆Gm = ∆Hm − T∆Sm (4)
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where ∆Hm is the change in enthalpy, T is the temperature and ∆Sm is the change in

entropy. The second term is always negative since mixing will increase entropy. However,

for polymers, the entropy change is small due to the long molecular chains with limited

ability to change conformation, compared to small molecules. Polymers as similar as

polypropylene and polyethylene are incompatible. It has been found that most polymers

are incompatible, which points to the limited applicability of the theory, except for self-

adhesion.

Thanks to molecular dynamics, detailed descriptions of polymer chain motion can be

given, as shown by Wool [105, 106]. The relaxation behavior of polymers has thus been

related to five mechanisms: short-range Fickian diffusion of single chain segments, Rouse

relaxation between chain entanglements, Rouse relaxation of the entire chain, reptation

motion and Fickian long-range diffusion. These are given in increasing order of timescales,

with short-range Fickian diffusion being the fastest and long-range Fickian diffusion being

the slowest. The reptation region is the main contributor to interfacial strength [107].

3 Classical approaches to peel test modeling

The peel test is a standard method to evaluate adhesion properties. In a peel test, a peel

arm is peeled off from a substrate at an angle θ as shown in Fig. 1. The angle is between 0

and 180◦. If the test is done at 0 or 180◦, tensile test grips are usually used, while for 90◦,

a ”German wheel” can be used to keep the peel arm at right angle to the substrate. Such a

wheel is free to rotate, keeping the angle at (ideally) 90◦ as the delamination propagates.

3.1 Fracture energy

An energy balance of this system was done by Rivlin [75], assuming a rigid peel arm. If

that is the case, it can be shown that the fracture energy required to separate the surfaces

is

GRivlin
c =

F

b
(1− cosθ) (5)

where b is the width of the sample (in the out-of-plane direction of Fig. 1).

l

F

θ
u

a
Substrate

Thin film

Figure 1: Schematic illustration of peeling of a thin film from a rigid substrate. The film,
of width b and thickness h≪ b, is peeled of by a force (vector) F at an angle θ from the
substrate, which is assumed to be rigid. The displacement of the end of the peel arm is
denoted by the vector u. The length of the adhesive fracture zone and the length of the
stretched peel arm is denoted by a and l, respectively.
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However, more recent studies recognize that, in general, the peel arm can not be

regarded as rigid. In particular, Kendall [48] extended the energy balance analysis to

account for linear elasticity and small strains in the peel arm. This approach provides the

fracture energy

GKendall
c =

1

2

F 2

Eb2h
+
F

b
(1− cos θ) (6)

which is greater than the Rivlin fracture energy. Further analyses were provided by

Kinloch, e.g. [49], who assumed the peel arm material to be elasto-plastic with bilinear

hardening. A general expression for fracture energy by Kinloch’s approach is provided by

Gc =
1

b

(
dUext

da
− dUs

da
− dUdt

da
− dUdb

da

)
(7)

where dUext is the external work, dUs the stored (recoverable) strain energy in the peel

arm, dUdt the energy dissipated during tensile deformation of the peel arm, and dUdb

the energy dissipated during bending of the peel arm. Kinloch recognized that during

initiation of the peel test, there is first a bending of the peel arm to obtain the angle θ.

As the peel test then progresses, however, there is local reverse bending and straightening

of the peel arm near the crack front. The dissipation during bending and straightening is

what causes the most complications in the calculations. If the bending and straightening

are both elastic, then Gdb =
1
b
dUdb

da
= 0 and

G∞E
a

Ge
max

=
1− cosθ

[1− cos(θ − θ0)]
· k

2
0

3 (8)

where G∞E
a is the fracture energy for an infinitely stiff peel arm in tension with zero

bending stiffness, Ge
max the maximum elastic strain energy, θ0 the root rotation angle at

the peel front and k0 = R1

R0
is the ratio of the radius of curvature at the onset of plastic

deformation R1 = h
2ǫy

to the radius of curvature at the peel front R0 . This case arises

when 0 < k0 < 1. If the initial bending is plastic, but the unloading elastic, Kinloch states

that

Gdb

Ge
max

= (1− α)
{

k20
3
+ 2(1−α)2

3k0
− 1

}
(9)

and

G∞E
a

Ge
max

=
1− cos θ

[1− cos(θ − θ0)]
· k

2
0

3 (10)

where α ∈ [0, 1] is the slope related to the bilinear hardening plasticity model. In other

words, the dissipated bending energy changes to non-zero, but not the ratio G∞E
a

Ge
max

. It can
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be noted that α = 1 corresponds to linear elasticity. This case is found when 1 < k0 <

2(1 − α)/(1 − 2α) or α ≥ 0.5. A third possibility is plastic bending and unloading, in

which case

Gdb

Ge
max

= f1(k0) (11)

and

G∞E
a

Ge
max

=
1− cos θ

[1− cos(θ − θ0)]
· f2(k0) (12)

where f1 and f2 are functions of k0 involving α. This case arises when k0 > 2(1−α)/(1−
2α) and α < 0.5. It is interesting to note that the loading and unloading case can be

predicted purely from the slope α.

Following the arguments by Kinloch in [49], it can in passing be noted that a mixed

mode analysis for 0 < θ < 90◦ is usually not called for and consideration of only mode

I loading usually suffices. This is also the viewpoint adopted in several later studies on

peeling of thin polymer films, for example in [62].

Relations between the fracture energy, the peel force and the peel angle for general

elastic models of the peel arm and with a pre-strain in the peel arm prior to peeling were

derived by Williams and Kauzlarich [104]. If the peel arm is assumed to be pre-strained

by a strain ε1 corresponding to a force F , then for the case of linear elasticity, it is shown

in [54, 103] that

Gc =
P

b
(1− cos θ) +

(P − F )2

2b2Eh
(13)

and if the peel force P in the tape is given by a general constitutive law

P = f(ε) (14)

it is shown in [104] that the expression for the strain ε2 in the peel arm becomes

(1− ε1)(1 + ε2)f(ε2)− cos θf(ε2)−
∫ ε2

ε1

f(ε)dε = bGc (15)

where ε2 is the strain associated with the steady peel force P, i.e. P = f(ε2). Eq. (15)

was used with two constitutive laws, the first being

P = Bεn and n < 1 (16)

and the second being

F = A
ε

c+ ε (17)

7



where A,B and C are material constants. Inserting eq. (16) into eq. (15) yields

(
P

B

)n+1
n

+ P ′
(
P

B

)
= q (18)

where

P ′ =
1− ε1 − cos θ

1− ε1 − 1
n+1

(19)

and

q =
Gcb
B

− ε1
n
+ 1

1− ε1 − 1
n+1

(20)

Using the second constitutive law, described by eq. (17), it is shown in [104] that the

relation

(1− c) [A− (1− c)P ]

A− P
+ c

A

P
ln

{
A− F

A− P

}

+
A− P

A− F

F

P

[
c−

(
Pc

A− P

)2
]
− cos θ =

Gc

P/b

(21)

between the fracture energy Gc, the peel force P , the pre-tension F and the peel angle θ

holds. In the special case c = 1,

A

P
ln

{
A− F

A− P

}
+

A

A− F

F

P

A− 2P

A− P
− cos θ =

Gc

P/b (22)

holds. Moreover, if there is no pre-tension, the expression is further reduced to

A ln

{
A

A− P

}
− P cos θ =

Gc

b (23)

and for both constitutive models it is stated in [104] that for small strains the relations

degenerate to eq. (6) or eq. (13), depending on the value of F .

A different possibility is to model the peel arm as hyperelastic, isotropic and incom-

pressible in a finite strain setting. To identify the adhesive fracture energy release rate

Gc, an energy balance can be established as

Gc bȧ = Ẇ − U̇ − Ḋ (24)

where W is the external work done by the peel force F with magnitude F , U is the strain

energy stored in the peel arm and D ≥ 0 is the energy dissipation. A superposed dot

8



denotes differentiation with respect to time. The external work power can be evaluated

from the vector product between the peel force and the rate of displacement to provides

Ẇ = F · u̇ = F
(
l̇ − ȧ cos θ

)
(25)

where l is the length of the peeled-off strip and θ the peel angle. Combining eqs. (24) and

(25) yields

U̇ +Gc bȧ = F
(
l̇ − ȧ cos θ

)
− Ḋ (26)

Next, a finite strain setting is assumed and the polymer film constituting the peel arm

is in the present case modeled using a constitutive model that assumes an isotropic,

hyperelastic and incompressible material behavior, as discussed in [29]. Under uniaxial

tensile loading of the film, the stretch ratio λ = l/a can be identified and the elastic

strain energy density can, quite generally, be expressed as Ũ = Ũ(I1, I2), in terms of

I1 = λ2 + 2λ−1 and I2 = 2λ + λ−2, being the first and second invariants of the left

Cauchy-Green strain tensor. At this stage, the elastic strain energy can be evaluated as

U = bh

∫ a

0

Ũ(λ)ds (27)

This strain energy can now be inserted into the energy balance in eq. (26) to provide

abh
dŨ

dλ
λ̇+ bhŨ ȧ +Gc bȧ = F

(
l̇ − ȧ cos θ

)
− Ḋ (28)

With λ = l/a, eq. (28) can be further recast into

bh
dŨ

dλ
l̇ − bh

dŨ

dλ
λȧ+ bhŨ ȧ +Gc bȧ = F

(
l̇ − ȧ cos θ

)
− Ḋ (29)

Noting that the nominal uniaxial stress in the peel arm is provided by

σ(λ) =
dŨ

dλ
=
F

bh
(30)

the energy balance in eq. (29) can be stated as

[
bhŨ + F (cos θ − λ) +Gc b

]
ȧ = −Ḋ ≤ 0 (31)

For ȧ ≥ 0, a positive dissipation is ensured by
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Gc =
F

b
(λ− cos θ)− hŨ(λ) (32)

It can be noted that the Rivlin and Kendall models can be obtained as special cases of

this model. If the stretch λ = 1 during the loading, then the elastic strain energy Ũ = 0,

which corresponds to the situation of a rigid peel arm material. It can then be seen that

eq. (32) collapses to the Rivlin model in eq. (5). Assuming instead small strains, such

that ε ≪ 1, then λ = 1 + ε and the elastic strain energy becomes

Ũ =
1

2
σε =

1

2

F 2

E(bh)2 (33)

where E is the elastic Young’s modulus of the peel arm material. Inserting eq. (33) into

eq. (32) yields

Gc =
1

2

F 2

Eb2h
+
F

b
(1− cos θ) (34)

which is the Kendall fracture energy, cf. eq. (6). Thus, the Rivlin and Kendall models

are obtained as special cases of this general model. As shown in [29], the different models

of the adhesive fracture energy release rate are related as

GRivlin
c ≤ GKendall

c ≤ Gc (35)

According to eq. (35), the Rivlin model can be expected to provide a lower-bound estimate

of the adhesive energy release rate.

It can be noted that the energy balance provided by eq. (24) corresponds to the one

used by Kinloch et al. in [49], with the dissipation D containing contributions from plastic

bending close to the peel front. It is, however, shown in the peel experiments on thin low-

density polyethylene (LDPE) films conducted in [62], that the energy dissipated in the

bending deformation is two orders of magnitude smaller than the peel energy, also for

an extreme peel angle of θ = 180◦. A similar conclusion is arrived at in [59] where the

combined plastic dissipation from bending and stretching of the peel arm is calculated to

be about one order of magnitude lower than the fracture energy. The conclusion drawn

in [62] is that the energy dissipation due to bending during peeling of a thin polymer film

can be neglected. The same viewpoint is adopted also in the present work and the plastic

dissipation will not be distinguished as a separate component.

3.2 Phase angle

Thouless and Yang [87] presented an improved expression for the phase angle in the

peel test, based on the criterion by Thouless and Jensen in 1992 [86] but taking into

account shear at the crack tip. The phase angle indicates the degree of mode mixity. The

dimensionless constants α and β, indicating elastic modulus mismatch, were introduced

as [87]
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α =
Ē − Ēs

Ē + Ēs

,

β =
Ēg(νs)− Ēg(ν)

Ē + Ēs

(36)

where Ē is the effective Young’s modulus for the peel arm, with Ē = E for plane stress and

Ē = E
1−ν2

in plane strain and Ēs is the corresponding effective modulus of the substrate.

Further ν is the Poisson’s ratio for the peel arm, νs is the Poisson’s ratio for the substrate

and

g(ν) =

{
1−2ν
2(1−ν)

in plane strain

1−2ν
2

in plane stress
(37)

The peel arm was modeled as a beam, assuming an infinitely thick substrate. The phase

angle was chosen in accordance with models given in [70, 109] as

ψ = tan−1

√
GII

GI
(38)

where GI is the fracture energy in Mode I and GII is the fracture energy in Mode II. If a

compressive force N is applied at the crack tip, the fracture energy is given by [87]

GN =
1

2

N2

Ēh (39)

with a phase angle ψN = ψN (α, β) given in [83]. For α = β = 0, ψN = 52.1◦. If a bending

moment M is applied at the crack tip, the fracture energy is given by [87]

GM = 6
M2

Ēh3 (40)

with a phase angle ψM(α, β) = −90◦ + ψN(α, β). The fracture energy for a shear force V

applied at the crack tip is given by [87]

GV = 3.764
V 2

Ēh (41)

where fV (α, β) a function of the elastic mismatch given in [51] for β = 0 and the phase

angle ψV = ψV (α, β). If all three components act at the crack tip, the phase angle and

fracture energy are given by [51]

ψ = tan−1

[
Nh
M

sin ψN +
√
12 sin ψM +

√
2fV (α, β)

V h
M

sin ψV

Nh
M

cos ψN +
√
12 cosψM +

√
2fV (α, β)

V h
M

cos ψV

]

(42)

11



and

G =
N2

Ēh

[
0.5 +

√
2fV (α, β)

(
V

N

)
cos(ψN − ψV )

]

+
M2

Ēh3

[
6 + f 2

V (α, β)

(
V h

M

)2

+ 2
√
6fV (α, β)

(
V h

M

)
cos(ψV − ψM)

] (43)

If the three loading components are known, the phase angle can be determined. While

analytical expressions exist for the calculation of the phase angle for an axial force and

a bending moment, the values of the function fV (α, β) cannot be calculated analytically,

but have to be estimated numerically. Thus, including shear forces makes analysis of the

peel test significantly more complicated [51].

3.3 Rate effects

A lot of work has been done to investigate the rate dependence of the peel test. Peng et

al. [71] found that the peeling rate of a viscoelastic thin-film on a rigid substrate had a

great influence on the adhesion. An expression for the viscolastic energy release rate was

derived, based on theoretical analysis by Chen et al. in [18]. For steady state peeling, the

energy release rate is found to be

G =
F

w
(1 + εpeel − cos θ)− 1

w

∫ ∞

0

(
M
dk

ds
+ T

dεm
ds

)
ds (44)

where F is the peel force, εpeel = F/(E∞wh) is the film strain at the end of loading and

E∞ is the long-time relaxation modulus. Furthermore, M is the bending moment and T

is the axial force in any cross-section of the film, k is the curvature and εm the tensile

strain in the film. Eq. (44) can be recast into

G =
F

w
(1− cos θ) +

1

w

∫ ∞

0

k
dM

ds
ds+

1

w

∫ ∞

0

εm
dT

ds
ds (45)

For small peeling strains, F/(E0wh) << 1, the viscoelastic energy release rate can be

approximated as

G ≈ F

w
(1− cos θ) (46)

which has a format similar to the classical Rivlin formula. However, in the viscoelastic

case, F is rate-dependent. Peng et al., as well as other experimenters [10, 27, 52, 112]

have found that the dependence on peeling rate can be written approximately as

F

w
= C0(1 + kvn) (47)
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which can be substituted into eq. (46) to provide

G = C0(1− cos θ)

(
1 +

(
v

k0

)n)
(48)

where k0 =
1

n
√
k
, C0 and k are related to the peeling angle and film thickness and n is a

constant to be determined. The effect of rate is also studied by Williams and Kauzlarich

in [104], where it is first shown that, for a rigid peel arm, there will be a velocity ratio

between the peel velocity and the crosshead speed, given by

v

vch
=

1

1− cos θ (49)

where v is the peeling rate and vch the crosshead speed in the tensile loading stage. If the

tape extends, however, the peeling rate is shown in [104] to be

v =
vch

[(1− ε1)(1 + ε2)− cos θ] (50)

where ε1 is the pre-strain and ε2 the peel strain. A relationship between fracture energy

and peeling rate was also found from experiments in [104] as

Gc ∝ vz (51)

where the exponent z was found to be 0.07 for a synthetic acrylic adhesive tape, indicating

a very low rate dependence. For a tape with a rubber based adhesive, z was found to

be 0.4 for peel angles θ > 60◦ and 0.25 for θ = 20◦, at constant temperature conditions.

With a silicon adhesive, z was 0.21 for θ > 50◦ and 0.12 for θ = 20◦ [104]. Thus, the

rate dependence also seems to depend on the peel angle, with lower rate dependence for

smaller peel angles. It can be noted that Peng et al. as well as Williams and Kauzlarich

found a power-law dependence of the fracture energy on the peeling rate.

4 Numerical modeling

In this section some background to cohesive zone modeling is provided along with a brief

summary of aspects and considerations of importance in relation to such modeling.

4.1 Cohesive zone modeling

A common way of modeling interfacial failure between two bodies is by using cohesive

zones. The concept of cohesive zones was originally proposed by Barenblatt [6]. The

general idea is to obtain finite stresses in the vicinity of a crack tip, as opposed to the

stress singularity that arises in classical fracture mechanics, dating back to Irwin [44].

Ideally, the cohesive zone is rigid unless an activation stress T0 is applied, after which
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there is a gradual softening of the material until complete failure, i.e. zero stiffness. For

numerical implementations, a finite initial stiffness K is usually required. This is achieved

by relating the activation stress T0 to an initial separation of the interfaces, δ0. Some

common variants of the resulting traction-separation law are illustrated in Fig. 2. As

indicated in the figure, the fracture energy GIc is obtained by integration of the traction-

separation law (the index I indicates mode I fracture).

a)
Traction, T

Separation, δ

t0

δmax

GIc

b)
Traction, T

Separation, δ

T0

δ0 δmax

GIc

c)
Traction, T

Separation, δ

T0

δ1 δ2 δmax

GIc

Figure 2: Different traction-separation laws. a) Ideal bilinear b) Bilinear model with finite
initial stiffness c) Trapezoidal model.

4.2 Damage initiation criteria

To initiate damage in the cohesive zone, different criteria can be used. The criteria are

usually expressed in terms of stress components or separation in the interfacial layer.

Different fracture modes may interact or be considered separately. As an example, a

damage criterion based on maximum tractions can be formulated as

max

(〈tn〉
tn0

,
ts
ts0
,
tt
tt0

)
= 1 (52)

where tn0 is the maximum normal traction and ts, tt are the maximum shear tractions

in mode II and III, respectively. The Macaulay brackets around tn provide 〈tn〉 = (tn +

|tn|)/2, thereby avoiding damage initiation from compressive normal loading. The damage

criterion in eq. (52) ensures that only the mode with the highest stress activates damage.

In contrast, an alternative criterion can be defined as

√(〈tn〉
tn0

)2

+

(
ts
ts0

)2

+

(
tt
tt0

)2

= 1 (53)

in which the different modes interact to compound the stress. In the commercial finite

element software Abaqus, used for the numerical simulations in the present study, eq. (52)

and eq. (53) are implemented as the “maxs” and “quads” damage criterion, respectively.

For the 90◦ peel test considered in the present study, it can be assumed that the delamina-

tion progresses as a pure Mode I fracture. Therefore, high threshold values are set for the
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shear modes, ensuring that shear deformation does not activate damage. This also causes

the criteria in eq. (52) and eq. (53) to be roughly equal, since the shear terms vanish for

large threshold stresses.

Once damage is initiated, the interface gradually loses stiffness. This is usually traced

by using a damage variable D, 0 ≤ D ≤ 1, where D = 0 is an undamaged material and

D = 1 a fully damaged material, that scales the stiffness of the cohesive zone.

4.3 Cohesive zone stiffness

The stiffness K of the cohesive zone needs to be as large as possible to prevent excessive

compliance in the interface. For very high values however, numerical problems often

arise. Different guidelines to estimate K have been proposed in the literature. For fiber

reinforced plastics, the mode I interface stiffness was proposed by Daudeville et al. [22]

to depend on the out-of-plane ply stiffness E3 and the interfacial thickness t according to

K =
E3

t (54)

In [113], Zou et al. proposed an interface stiffness of 104 to 107 times the interfacial

strength, also for fiber reinforced plastics. In [89], Turon et al. proposed an interface

stiffness

K = α
E3

t (55)

where α >> 1 is a numerical factor, proposed to be around 50 by the authors. This will

give a loss of stiffness near the interface of less than 2 %. One issue with all of the above

models is that they assume orthotropic elasticity of the bulk material, which is not the

case here. For a nonlinear material, it is not clear what E3 corresponds to. If the peel

arm is undeformed or at small strain, the initial stiffness might be appropriate, but for

finite deformation a different and ideally dynamic stiffness appears as the candidate.

Yuan and Li [110] used a trapezoidal cohesive zone law with a J2 plasticity model for

the bulk material, with Ramberg-Osgood hardening. In their model, the specific cohesive

zone stiffness was expressed as

K =
Tmax

δ1
ξ (56)

where Tmax is the maximum traction and δ1 the separation at which the maximum traction

is first reached, cf. Fig. 2c. The parameter ξ is the characteristic length of the cohesive

zone. Yuan and Li found the effect of cohesive zone stiffness on force versus displacement

to be negligible, while the prediction of the crack length ∆a varied as much as 35 %

depending on the value of the initial cohesive stiffness K.
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4.4 Cohesive zone length

Cohesive zones introduce a length scale into the model. The cohesive zone length lcz is

defined as the distance from the crack tip to the point at which the material has retained

its full stiffness. The material in between has softened but not yet failed. There is no

consensus on how to determine this length scale, but in general it can be estimated from

lcz =ME
Gc

T 2
0

(57)

where M is a parameter that depends on the particular material and application and

where E is the Young’s modulus of the bulk material, Gc the fracture energy and T0 the

peak stress. In general, M is chosen in the interval between 0.21 and 1. Hui et al. [42]

used M = 0.21 for soft elastic solids, Irwin proposed a value of 0.31 for a ductile solid

[45]. Dugdale and Barenblatt arrived at a value of 0.40 for an elastic-ideal plastic mode I

crack and an ideally brittle material, respectively [7, 28]. Falk et al. and Rice used a value

of 0.88 in [31] and [74], in studies on dynamic fracture. Hillerborg [39] used a value of

unity for concrete. Harper et al. [38] found that eq. (57) has a tendency to overestimate

the cohesive zone length and wrongly motivate use of coarser meshes than called for and

argued for a factor M = 0.5 to provide a conservative estimate for delamination in an

orthotropic composite material. In general, the pattern seems to be a higher factor for

more brittle materials like concrete, and a lower factor for more ductile materials.

It is important to resolve the cohesive zone length with a sufficient number of cohesive

elements to provide a realistic representation of the cohesive fracture [31, 58, 89]. If the

mesh is too coarse, two strategies exist: the first is to refine the mesh by increasing the

number of elements spanning the cohesive zone length. This is not always feasible if the

finite element model is large compared to the cohesive zone, e.g. an adhesive patch on a

full vehicle model, since the run time may become prohibitive. The second approach is

to reduce the cohesive strength. Alfano and Crisfield [1] found that when reducing the

interface strength, the load/displacement curve did not change drastically for a double

cantilever beam model, while the stress field did. Hence, the accuracy of the stress field

is uncertain, but the load/displacement curve is still fairly stable.

Turon et al. [89] found that for a double cantilever beam specimen, below a certain

interfacial strength, the resulting force was higher and more oscillatory than for lower

strengths. Blackman et al., on the other hand, found that for a double cantilever beam

specimen of carbon fiber reinforced plastics, the load decreased with lower interfacial

strength [13]. The same study also found a nonlinearity present in the beginning of the

curve which did not appear for higher interface strengths. The cantilever arms were

made of materials with similar properties in both studies and the geometries had similar

dimensions. It is not clear why the discrepancy emerges. The initial crack length was

shorter (22 mm) for Blackman than for Turon (55 mm), which may make a difference.

Blackman also performed an analysis of a 90◦ peel test in the same study, using a cubic

cohesive zone model. It was concluded that using a two-parameter cohesive zone model,

there is a lack of uniqueness of the solution, since it was found that several combinations
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of Gc and T0 could give a reasonable estimation of the force. Others have also used the

method of reducing the interfacial strength to use a coarser mesh, for example in [30].

Another expression for cohesive zone length for slender bodies was first given by Bao

and Suo [5] as

lcz =

(
E
Gc

T 2
0

)1/4

h3/4 (58)

where h is the half-thickness of a laminate. This length is related to fiber bridging mech-

anisms in composites and therefore is not technically relevant in the current work, but it

is interesting to compare eq. (58) to eq. (57). The main difference is that the thickness h

of the laminate affects the cohesive zone length in a major way, which is reasonable for

slender bodies.

Some skepticism about the possibility to increase the cohesive zone length by reducing

interfacial strength was voiced by Harper and Hallett [38], who concluded that while it may

be possible for mode I analyses of carbon epoxy composites, a similar reduction in mode

II can cause excessive softening ahead of the crack tip due to very long cohesive zones.

Harper and Hallett also made a distinction between the physical cohesive zone length,

defined as the length over which irreversible damage processes occur ahead of a crack tip

and the numerical cohesive zone length, over which cohesive elements are on the softening

branch of their constitutive response. Based on the definition by Harper and Hallett,

Álvarez et al. [2] stated that each integration point which is irreversibly damaged, but

not broken, belongs to the numerical cohesive zone. The numerical cohesive zone length

was then calculated as

lCZ,numerical =
0<d<1∑

j

wj

2
lie (59)

i.e. by the sum over all integration points j for which 0 < d < 1, where lie is the total length

of the deformed midsurface of the element and wj is the Gauss weight factor used, divided

by two for Gauss-Legendre integration. This definition evaluates the contribution of each

integration point. The authors used both classical linear cohesive elements and quadratic

elements and found the quadratic elements superior and far less mesh-dependent. Due to

the higher number of nodes per element, and increased accuracy of the quadratic shape

functions in describing displacements, a coarser mesh can be used with retained accuracy,

although too coarse a mesh will still yield inaccurate results. For industrial simulations

of large structures such as adhesive bonds in airplanes or vehicles, such a reduction in

element size can be crucial in reducing the computational cost.

4.5 The Xu-Needleman model

Most of the cohesive models available in commercial software are classic models. The

commonly encountered exponential model was originally proposed by Xu and Needleman

in 1994 [108]. The trapezoidal model is based on work by Tvergaard [90] and Tvergaard
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and Hutchinson [91] from the 1990s. Some models, like the Xu-Needleman model, are

based on a potential function, while others are non-potential-based. A potential-based

model has the property of path-independence for mixed-mode fracture, i.e. it does not

matter how a state of combined normal and shear damage is reached [56]. For uncoupled

models, the normal traction is independent of the tangential opening separation and

vice versa, making the model in general path dependent. A common critique of non-

potential based models is that they are in general not thermodynamically consistent. This

is problematic since such models are quite popular. Also, the tangent stiffness matrix is

not guaranteed to be symmetric, in contrast to the potential-based models, where the

components of the tangent stiffness matrix are given by the second derivatives of the

potential. The potential models can be classified into two groups: potentials depending

only on the displacement jump, and potentials which depend on the displacement jump

as well as on internal variables representing the loading history [61].

In its original form, the potential φ in the Xu-Needleman model is given by

φ = φn + φnexp

(
−∆n

δn

){[
1− r + ∆n

δn

]
1−q
r−1

−
[
q + r−q

r−1
∆n

δn

]
exp

(
−∆2

t

δ2t

)}
(60)

where q = φt

φn
, i.e. the ratio of tangential fracture energy to normal fracture energy.

Moreover, r = ∆∗
n

δn
, where ∆∗

n is the value of ∆n after complete shear separation with

Tn = 0. The normal and tangential work of separation can be written as

φn = eσmaxδn, φt =

√
e

2
τmaxδt (61)

respectively, with σmax and τmax being the peak tractions and δn and δt being the corre-

sponding separations. Thus, the model is intrinsically different in the normal and shear

directions, although some equalities can be enforced. For example, if the peak tractions

and work of separation are equal, the displacements at peak traction will differ. Since

the stresses and the tangent stiffness are based on a potential, the formulation is path-

independent. Assuming q = 1, the tractions are given by the gradient of the potential,

i.e.

Tn =
∂φ

∂∆n
=
φn∆n

δ2n
exp

(
−∆n

δn

)
exp

(
−∆2

t

δ2t

)

Tt =
∂φ

∂∆t
=

2φn∆t

δ2t
(1 +

∆n

δn
)exp

(
−∆n

δn

)
exp

(
−∆2

t

δ2t

) (62)

where some terms in eq. (60) were eliminated and simplified.

It was recognized by van den Bosch et al. [95] that the Xu-Needleman model needs

improvements in order to accurately describe mixed-mode failure. The ratio of fracture

energies in Mode I and Mode II, provided by q, is often assumed to be 1, i.e. identical

fracture energies in Mode I and II are adopted. For q 6= 1, the coupling between the modes
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is non-physical. For example, if q < 1 (smaller fracture energy in Mode II), additional

separation energy is required for normal fracture even when the failure shear strain has

been reached. In [95], an analytical test case is devised where the model is first loaded in

the normal direction and then in the tangential direction, and vice versa. If φn > φt and

normal loading is performed first, the total work of separation can be expected to increase

monotonically from φt to φn with the normal displacement ∆n. In other words, a higher

work of separation should be required when first applying normal and then shear load

than when applying a pure shear load, and as the normal failure separation is reached

or exceeded, the work of separation should approach φn. Conversely, when first applying

a shear and then a normal load, the work of separation should decrease monotonically

from φn to φt. This is not the case with the classical Xu-Needleman model. Instead,

the total work of separation as a function of ∆n decreases to less than φt to a minimum

and then approaches φn for large normal separations. In the other case, the total work

of separation does not reach the expected value of φt for large ∆t, but is found to equal

φn irrespective of ∆t, so that additional work is required even when the interface should

have failed in shear. Because of this, van den Bosch et al. proposed to modify the shear

traction by replacing the normal fracture energy φn with an independent shear fracture

energy φt, yielding

Tt = −2φt∆t

δ2t

(
1 +

∆n

δn

)
exp

(
−∆n

δn

)
exp

(
−∆2

t

δ2t

)
(63)

while the normal traction is unchanged. Due to this change, the tractions can no longer be

derived from a potential function. However, van den Bosch et al. were still able to verify

that the model behaves correctly under mixed-mode loading and could fit simulation data

to double cantilever beam experiments done by Benzeggagh and Kenane [11] at different

mode-mixities with reasonable accuracy. Due to the non-potential based tractions, there

is a path dependency, for example apparent if the failure separation in mode I is reached,

which makes the normal traction become zero. For the test case previously described, it

was found that the total work of separation increased monotonically from φt to φn when

first prescribing a normal displacement, and decreased from φn to φt in the other case, as

expected.

Similar problems with the original Xu-Needleman were identified by McGarry et al.

for q = 2 [56]. When applying an initial tangential separation, it was found that negative

work in the normal direction had to be provided, resulting in negative, i.e. repulsive,

normal tractions for mixed-mode loading. This is because the work of separation for

mixed-mode loading approaches φn, as seen in eq. (60) where the second term vanishes

due to the exponentially decaying terms. The maximum normal traction after complete

tangential separation was in [56] found to be

Tn,max = −σmax exp(−r)
1− q

r − 1 (64)

Clearly, this term only becomes zero when q = 1 and in other cases, spurious residual

normal tractions exist. McGarry et al. further showed that for q = 1 the tangential
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behavior will be erratic in case of mixed-mode over-closure. The tangential tractions

were shown to decrease as the over-closure and turn negative for large over-closures. To

overcome these issues, a modified potential was proposed in [56] on the form

φ(∆n,∆t) =φn

[
1 + exp

(
−f(∆t)∆n

δn

) ((
1− r +

f(∆t)∆n

δn

)(
1− q

r − 1

)

− exp

(
−∆2

t

δ2t

)(
q +

f(∆t)∆n

δn

(
r − q

r − 1

)))] (65)

where

f(∆t) = 1 +m−m exp

(
−∆2

t

δ2t

)
(66)

and the parameter m provides additional coupling between normal and tangential behav-

ior. The tractions now appear as

Tn(∆n,∆t) =f(∆t)
φn

δn
exp

(
−f(∆t)∆n

δn

){
f(∆t)∆n

δn
exp(−∆2

t

δ2t
)

+
1− q

r − 1

[
1− exp

(
−∆2

t

δ2t

)][
r − f(∆t)∆n

δn

]} (67)

and

Tt(∆n,∆t) = 2
φn

δt

∆t

δt
exp

(
−∆2

t

δ2t

)
exp

(
−f(∆t)∆n

δn

)[{
q +

(
r − q

r − 1

)
f(∆t)∆n

δn

}

+

{
m∆n

δn

(
f(∆t)∆n

δn
exp

(
−∆2

t

δ2t

)

+

(
1− q

r − 1

)(
1− exp

(
−∆2

t

δ2t

))(
r − f(∆t)∆n

δn

))}]

(68)

The parameter m, appearing in eq. (66), controls the region of influence of pure tangential

separation for mixed-mode conditions and the model degenerates to the Xu-Needleman

model form = 0 [56]. Asm increases, the negative normal tractions after initial tangential

separation are reduced, but it is also pointed out in [56] that negative normal tractions

cannot be fully eliminated for a potential-based model where q > 1, i.e. with a higher

work of separation in shear than under normal loading.

A study of the thermodynamic consistency of a number of cohesive models was done

by Dimitri et al. [26]. The evaluated models comprise: the improved Xu-Needleman

model proposed by van den Bosch et al. [95], a model by McGarry et al. [56] and the
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two mixed-mode bilinear models by Högberg [41] and Camanho et al. [16]. It was found

that all models, except for the improved Xu-Needleman model, were thermodynamically

inconsistent due to incomplete dissipations or non-monotonic variations of the total frac-

ture energy, i.e. the same problems identified by van den Bosch et al. for the original

Xu-Needleman model in [95]. For the model by van den Bosch et al., another issue is

identified. Due to the non-potential based tractions, loading and unloading are defined

separately and neither unloading or contact were covered in the original work. Dimitri et

al. therefore proposed further improvements by defining a Helmholtz energy. The elastic

energy is assumed to be additively decomposed according to [26]

ψe = ψn(∆n) + ψn(∆t) (69)

where each term is only associated with one mode of displacement. Further, the damage

is introduced through scalar damage variables with a multiplicative coupling according to

ψ = (1− dnn)(1− dtn)ψn(∆n) + ψ = (1− dnt )(1− dtt)ψt(∆t) (70)

where dji ∈ [0, 1] with i = n, t and j = n, t. By applying the Coleman-Noll procedure to

the Helmholtz energy in eq. (70), the traction vector becomes [26]

T = (1− dnn)(1− dtn)
∂ψn(∆n)

∂∆
+ (1− dnt )(1− dtt)

∂ψt(∆t)

∂∆ (71)

where ∆ = [∆n∆t] is the displacement vector. A quadratic assumption for the elastic

energies is made, yielding

ψn =
1

2
Kn∆

2
n

ψt =
1

2
Kt∆

2
t

(72)

where Kn and Kt are the cohesive stiffnesses in the normal and tangential directions,

respectively. These elastic energies have the derivatives

∂ψn(∆n)

∂∆
= Kn∆nn

∂ψt(∆t)

∂∆
= Kt∆tt

(73)

where n is the unit vector in the normal direction and t is the unit vector in the tangential

direction. Using these derivatives, the traction vector becomes

T = (1− dnn)(1− dtn)Kn∆nn+ (1− dnt )(1− dtt)Kt∆tt (74)
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It was further shown that by writing the tractions on the form

Tn = (1− dnn)(1− dtn)Kn∆n

Tt = (1− dnt )(1− dtt)Kt∆t

(75)

the cohesive stiffnesses can be written [26]

Kn =
φn

δ2n

Kt = 2
φt

δ2t

(76)

by equating eqs. (62) and (75) for the tractions. Furthermore, the damage variables can

be written

dnn = 1− exp

(
−∆n

δn

)

dnt = 1−
(
1 +

∆n

δn

)
exp

(
−∆n

δn

)

dtt = dtn = 1− exp

(
−∆2

t

δ2t

)
(77)

and by imposing non-decreasing damage variables, loading and unloading are dealt with

automatically. Dimitri et al. also dealt with contact by further decomposing the Helmholtz

energy according to [26]

ψ = (1− dnn)(1− dtn)ψ
+
n + ψ−

n + (1− dnt )(1− dtt)ψt (78)

where

ψ+
n =

1

2
Kn〈∆n〉2 (79)

and

ψ−
n =

1

2
Kp

(
∆n − 〈∆n〉2

)2
(80)

where Kp is a penalty stiffness for ∆n < 0 and Kn is the usual opening stiffness. This way,

the opening stiffness degrades for ∆n > 0, while contact does not reduce the stiffness. The

model was further implemented and verified for a patch test and matrix-fiber debonding

[26].

Thus, a lot of proposed improvements to the original Xu-Needleman cohesive model

exist. Some authors [56, 95] argue in favor of a non-potential based model while others

[26] argue in favor of deriving a potential function from a Helmholtz free energy.
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4.6 The PPR cohesive zone model

A notable potential-based model developed in recent years is the Park-Paulino-Roesler

model [69]. The potential ψ for mixed-mode fracture in this model is written

Ψ(∆n,∆t) = min(φn, φt) +
[
Γn

(
1− ∆n

δn

)α (
m
α
+ ∆n

δn

)m

+ 〈φn − φt〉
]

×
[
Γt

(
1− |∆t|

δt

)β (
n
β
+ |∆t

δt

)n

+ 〈φt − φn〉
] (81)

where φn, φt are the fracture energies in Mode I and II, respectively, Γn,Γt are energy

constants, m and n are non-dimensional exponents and α, β are shape parameters for

Mode I and II, respectively. The non-dimensional exponents m and n are defined as

m =
α(α− 1)λ2n
(1− αλ2n)

n =
β(β − 1)λ2t
(1− βλ2t )

(82)

where the initial slope indicators λn and λt are defined as the ratio of critical crack opening

width to final crack opening width, i.e.

λn =
δnc
δn

and λn =
δtc
δt (83)

The smaller the value of λn or λt, the stiffer the initial elastic behavior in the respective

modes. The energy constants are defined as

Γn =




(−φn)

<φn−φt>/(φn−φt)( α
m
)m for φn 6= φt

−φn(
α
m
)m for φn = φt

Γt =

{
(−φt)

<φt−φn>/(φt−φn)(β
n
)n for φn 6= φt

(β
n
)n for φn = φt

(84)

thus being different depending on whether the fracture energies in normal and shear

separation are equal or not.

By calculating the gradient of the potential function, the tractions in the normal and

tangential directions can be evaluated as

Tn(∆n,∆t) =
Γn

δn

[
m

(
1− ∆n

δn

)α (
m
α
+ ∆n

δn

)m−1

− α
(
1− ∆n

δn

)α−1 (
m
α
+ ∆n

δn

)m]

×
[
Γt

(
1− |∆t|

δt

)β (
n
β
+ |∆t|

δt

)n

+ 〈φt − φn〉
] (85)
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and

Tt(∆n,∆t) =
Γt

δt

[
n
(
1− |∆t|

δt

)β (
m
α
+ ∆n

δn

)m−1

− β
(
1− |∆t|

δt

)β−1 (
n
β
+ |∆t|

δt

)n
]

×
[
Γn

(
1− ∆n

δn

)α (
m
α
+ ∆n

δn

)m

+ 〈φn − φt〉
] (86)

The thermodynamic consistency of the PPR model has been examined in a work [82],

noting that the model was not originally derived based on a thermodynamics consistency

principle. In [82], an anisotropic Helmholtz free energy function is first introduced as

ψ =
n∑

i=1

(1− di)ψi = (1− dn)ψn + (1− dt)ψt (87)

where ψn is the energy related to the normal separation and ψt the energy related to

tangential separation. dn and dt are damage variables related to damage in the normal

and tangential directions, respectively, with values ranging from 0 to 1 where 0 indicates

an undamaged material and 1 a fully damaged material. From these preliminaries, the

dissipation inequality comes out as

D = ψnḋn + ψtḋt ≥ 0 (88)

and since the energies ψn and ψt are assumed to be positive, the second law of thermo-

dynamics is satisfied if

ḋn ≥ 0 and ḋt ≥ 0 (89)

i.e. the damage variables need to be monotonically increasing. By rewriting the PPR

potential in terms of the Helmholtz free energy function, the damage variables for this

model become

dn(κn, κt) = 1− T′n(κn, κt)

Enκn
(90)

and

dt(κn, κt) = 1− T′t(κn, κt)

Etκt
(91)

where κn and κt are history variables representing the maximum normal and the absolute

tangential opening attained during the loading history. The tractions Tn(κn, κt) and

Tt(κn, κt) are provided by
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T′n(κ, κt) =
Γn

δn

[
m

(
1− κn

δn

)α (
m
α
+ κn

δn

)m−1

− α
(
1− κn

δn
)α−1(m

α
+ κn

δn

)m]

×
[
Γt

(
1− κt

δt

)β (
n
β
+ κt

δt

)n

+ 〈φt − φn〉
] (92)

and

T′t(κn, κt) =
Γt

δt

[
n
(
1− κt

δt
)β(m

α
+ κn

δn

)m−1

− β
(
1− κt

δt

)β−1 (
n
β
+ κt

δt

)n
]

×
[
Γn

(
1− κn

δn

)α (
m
α
+ κn

δn

)m

+ 〈φn − φt〉
] (93)

which is very similar to eqs. (85) and (86). The only difference is that these tractions de-

pend on the maximum normal and tangential separations reached at any stage of loading,

while eqs. (85) and (86) are used with the current separations. En and Et are the initial

stiffness parameters in the normal and tangential directions, respectively. The stiffness

parameters are evaluated as

En = −Γn

δ2n

(m
α

)m−1

(m− α)
[
Γt

(
n
β

)n

+ 〈φt − φn〉
]

(94)

Et = −Γt

δ2t

(
n

β

)n−1

(n+ β)
[
Γn

(
m
α

)m
+ 〈φn − φt〉

]
(95)

Due to the thermodynamic constraint that the damage variables must be monotonically

increasing, the history parameters are given by

κn = max
{
∆n

}
and κt = max

{
|∆t|

}
(96)

When unloading, the damage variables and the history parameters should retain their

values, i.e. the crack should not, in general, heal due to decreasing displacement. There

are three possible unloading cases for the PPR model: unloading in the normal mode,

unloading in the tangential mode and simultaneous unloading in both of these modes.

The unloading constitutive relations are given by

T ν
n (∆n,∆t) = T′n(κ,∆t)

(
∆n

κn

)αν

(97)

and

T ν
t (∆n,∆t) = T′n(∆n, κt)

(
∆t

κt

)βν

(98)
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where αv and βv are unloading parameters to describe different unloading paths. When

these parameters are unity, the unloading is linear. For αv < 1, the unloading curve is

concave and for αv > 1, it is convex and similarly for βv. The dissipation inequality must

hold in all of these cases for the model to be considered as thermodynamically consistent.

Spring et al. [82] found that the original PPR formulation is not thermodynamically

consistent for simultaneous unloading, as it was found that the damage decreases with

decreasing separation. A coupled version was also tested, with a single history variable

κ = max(
√
∆2

n +∆2
t ) (99)

But this formulation was also found to be thermodynamically inconsistent for mixed-mode

loading, as the damage variable was non-monotonic also for this model. The unloading

constitutive relation for the coupled model is

T ν
n (∆n,∆t) = T′n(∆

ν
n,∆

ν
t )
(√

∆2
n+∆2

t

κ

)αν

T ν
t (∆n,∆t) = T′t(∆

ν
n,∆

ν
t )
(√

∆2
n+∆2

t

κ

)βν
(100)

where the modified displacements ∆ν
n,∆

ν
t are given by

∆ν
n =

∆nκ√
∆2

n +∆2
t

∆ν
t =

∆tκ√
∆2

n +∆2
t

(101)

To remedy this, a thermodynamically consistent version of the PPR model was proposed

in [82]. In this proposed model, the unloading constitutive relation is

T ν
n (∆n,∆t) = T′n (κn, κt)

(
∆n

κn

)

T ν
t (∆n,∆t) = T′t (κn, κt)

(
∆t

κt

) (102)

where it can be noticed that the tractions T′n and T′t are now dependent on the maxi-

mum separation in both directions, rather than just the maximum normal or tangential

separation. In addition, the shape parameters are no longer required. The components of

the tangent stiffness matrix, Dν are provided by the gradient of the unloading tractions.

The stiffness matrix is thus found as

Dv(∆n,∆t) =

[
Dν

nn Dν
nt

Dν
tn Dν

tt

]
=

[
∂T ν

n

∂∆n

∂T ν
n

∂∆t
∂T ν

n

∂∆t

∂T ν
t

∂∆t

]

(103)
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and also need to be prescribed for each unloading case. For simultaneous unloading, i.e.

∆n < κn and |∆t|< κt, the stiffness matrix components are given by

Dν
nn = T ν

′n(κn, κt)
1

κn

Dν
tt = T ν

′t(κn, κt)
1

κt

Dν
nt = Dν

tn = 0

(104)

This provides constant diagonal components and zero off-diagonal components. For nor-

mal unloading, the stiffness matrix components appear as

Dν
nn = T ν

′n(κn,∆t)
1

κn

Dν
tt = Dtt(κn,∆t)

Dν
tn = 0

Dν
nt = Dnt(κn,∆t)

∆n

κn
[3mm]

(105)

and similarly for tangential unloading

Dν
nn = Dnn(∆n, κt)

Dν
tt = T ν

′n(κn,∆t)
1

κt

Dν
nt = 0

Dν
tn = Dtn(∆n, κt)

∆t

κt

(106)

The thermodynamic consistency of this model was verified by Parker et al. in the same

paper [82]. Thus, to ensure thermodynamic consistency, it is not necessary to modify

the traction-separation law for loading, but the unloading/reloading relationship must be

changed. This is perhaps not surprising since it is stated explicitly by Park and Paulino,

two of the inventors of the PPR model, that the unloading relationship is independent of

the PPR potential [68]. Thus, the original model satisfies the dissipation inequality for

pure loading, since the loading is based on a potential, but not for unloading/reloading

where the model becomes reversible. Both the Xu-Needleman and the PPR model have

been modified using a Helmholtz function in order to satisfy the dissipation inequality,

perhaps indicating a growing trend. The requirements for using cohesive zones at finite

displacements were discussed in [66], where it was mentioned that for small displacements

the dissipation inequality is the only restriction on the formulation. For finite displace-

ments, however, the balance of angular momentum and the principle of frame indifference
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must also be fulfilled. It is mentioned that only elastic isotropic models with or with-

out isotropic damage fulfill all these requirments. An novel elasto-plastic framework was

proposed and generalized in [66]

4.7 Other aspects of cohesive zone models

The numerical integration scheme also matters for cohesive elements. It has been found

that conventional Gauss integration results in oscillatory tractions if combined with too

high cohesive stiffness [73, 79]. For this reason, other integration schemes such as Newton-

Cotes and Lobatto integration are usually recommended. In recent years, an adaptive

integration scheme was proposed by Bak et al. in [4]. In the deformed configuration,

the separation was described in a local coordinate system defined on the middle surface,

defined as

x̄ = p+
1

2

(
u+ + u−)

(107)

where u+ + u− is the separation of two initally coinciding points. The local coordinate

system (e1, e2, e3) is derived from curvilinear coordinate system (ξ, η) according to [4]

vξ =
∂x̄

∂ξ

vν =
∂x̄

∂η

(108)

and

e1 =
vξ

|vξ|

e3 =
vξ × vη

|vξ × vη|

e2 = e3 × e1

(109)

It can be noted that only e1 and vξ are parallel, due to η and ξ not being parallel, in

general. The transformation tensor Θ between global and local coordinates is

Θ =



e11 e12 e13
e21 e22 e23
e31 e32 e33


 (110)

An eight-node isoparametric brick element with a bilinear cohesive zone law was used, in

which the opening displacements ∆ are defined as [4]

∆ = ΘNq (111)
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where N is the shape function vector and q is the nodal displacement vector. The shape

functions are given by

N1 =
1

4
(1− ξ)(1− η)

N2 =
1

4
(1 + ξ)(1− η)

N3 =
1

4
(1 + ξ)(1 + η)

N4 =
1

4
(1− ξ)(1 + η)

(112)

The shape function matrix is then given by [4]

N+ =



N1 0 0 N4 0 0
0 N1 0 · · · 0 N4 0
0 0 N1 0 0 N4




N− = −N+

N =
[
N+N−]

(113)

The internal force vector can then be derived from the principle of virtual work as [37]

f =

∫

S̄e

= NTΘτdS̄e =

∫

ξ

∫

η

NTΘTτ |vξ × vη|dηdξ (114)

where S̄e is the middle surface of the element in the deformed configuration and τ is

the traction vector obtained from the cohesive law. The element stiffness matrix can

then be obtained as the derivative of the internal force vector with respect to the nodal

displacements. The element stiffness matrix was written [4]

Kt ≈
∫

S̄e

NTΘTDΘNdS̄e =

∫

ξ

∫

η

NTΘTDΘN |vξ × vη|dηdξ (115)

where D is given by the traction-separation law. It was assumed that the damage was

purely in Mode I, with no rotation of the midplane of the interface. Under this assumption

Θ and the mode mixity β are constant. In addition to the usual Gauss and Newton-Cotes

integration points, an adaptive integration scheme was proposed. The integration scheme

was chosen based on the state of deformation. With no damage present, the integrands

in eqs. (114) and (115) are second-order polynomials and can be integrated exactly using

Gauss-Legendre integration, which was therefore chosen. When the interface is partially

damaged, the integrands in eqs. (114) and (115) are not polynomials and have large

variations of the slope, which means a higher-order quadrature is necessary. With full
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damage, internal force vector and stiffness matrix are zero, except in the case of contact,

which was not treated in [4]. It is further stated that convergence difficulties and spurious

solutions appear due to too few elements in the cohesive zone. Oscillations in the force-

displacement response of a model with too few elements in the cohesive zone were found to

have a spatial period of one element length. It was found that Gauss-Legendre integration

resulted in a smaller integration error than Newton-Cotes integration, since the outer

integration points for Newton-Cotes integration are located on the element boundary,

where the traction gradients are large when the element undergoes damage.

There is also a problem with cohesive models in that they do not guarantee uniqueness

of the solution. In fact, for peel tests it has been shown that several combinations ofGc and

Tmax can give an almost identical peak force. Hence, some other experimental quantity

needs to be compared to the simulation results to find the best parameter set. Suggestions

have been made to use damage zone length or fracture displacement [13]. These quantities

may, however, not be easily measured experimentally, if it is at all possible. For peel tests,

the radius of curvature and other geometrical properties could be used also for calibration,

while it is difficult, if not impossible, to measure how far ahead of the crack the material

is damaged but not broken. Comparison to geometrical features, such as the peel arm

curvature and thickness, is the path taken in the present study.

Recently, some interesting work has been done to optimize the structure of the peel

arm during a peel test. As an example, Mergel et al. [57] did a shape optimization of the

peel arm. The aim was to have a strong adhesion to the substrate while minimizing large

strains in the peel arm. Additional constraints were placed on the volume of the peel arm,

whereby the height and width were subjected to box-constraints. A finite rotation beam

formulation was used, introduced by Sauer et al. [78]. It was found that the optimal

shape was much thicker close to the point of application for the peel force than at the

far end, while the width was smaller close to the peel front. Interestingly, this resembles

the shape of a gecko spatula. The optimization was done on a microstructural level,

with dimensions in the sub-micron range [57]. While interesting, this shape would not be

suitable for packages, since the height cannot be allowed to be zero anywhere, as this would

cause undesired contact between layers. Still, an optimal or improved structure might be

achieved variable thickness of some layers. However, the sub-micron scale optimization

done by Mergel et al. cannot be readily realized in package manufacturing.

5 Experimental methods

In this section, a background is provided to the experimental work in the present study.

In addition to these methods, classic tensile tests have been used. Different experimental

methods have been employed for peel test investigations in the literature, such as scan-

ning electron microscopy (SEM) [65, 96, 99]. Neggers et al. [65] used SEM and optical

microscopy for a metal-elastomer interface separated by peeling to study the dissipative

mechanisms. A copper peel arm was peeled off a PDMS substrate in T-peel test and a 0◦

peel test. A fibrillation mechanism at the peel front was observed. In addition, Digital

Image Correlation (DIC) was used to obtain the strain field in the 0◦ peel test. The
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fibrillation mechanism turned out to be related to the surface roughness and to initiate

by mechanical interlocking in the copper roughness valleys. The fibrillation was found

to dissipate significant amounts of energy. It was also found that the copper surfaces

were covered by of PDMS, showing that the crack had spread into the substrate. Since

the fracture toughness of PDMS was known to be significantly larger than the interface

adhesion energy, it was concluded that large stress separations must have been present.

Similar results were obtained by Vossen et al. [99], who investigated reasons for the high

work of separation. Three potential reasons were given: dynamic release of stored elastic

energy by fibril fracture, the interaction of the fibrils with the adjacent deforming bulk

material and the highly nonlinear behavior of the elastomer.

5.1 X-ray tomography

One of the novelties in the present work is the combination of the peel test with X-ray

tomography. X-ray tomography is an experimental technique that can be used to charac-

terize materials, for example by 3D imaging. A sample is placed between an X-ray source

and a detector, schematically illustrated in Fig. 3. Three different scanning modes exist:

absorption (used in this work), phase contrast and holotomography. In the absorption

mode, radiographs are taken at angles between 0 and 180◦ or between 0 and 360◦. Each

radiograph shows the transmission of the X-rays through the material and this is linked

to the absorption coefficient µ by the Beer-Lambert law. Contrast in the images is then

given by the difference in absorption coefficient. The absorption coefficient is related to

the atomic number and the density. In general, the absorption coefficient increases with

atomic number, i.e. heavier elements absorb more X-rays than light elements. This means

that it may be difficult to distinguish phases with similar atomic numbers, if their spatial

distribution is not previously known. Light elements, such as polymers which contain

a lot of carbon, may be difficult to distinguish from the background. Using a filtered

backprojection algorithm, the volume can be reconstructed from the radiographs.

Figure 3: Principle of X-ray tomography. The sample is exposed to X-rays and rotated
to obtain a 3D image.
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Two main setups exist for X-ray tomography: X-ray tube (lab) tomography and syn-

chrotron tomography. In lab tomography, a metallic X-ray tube is exposed to an ion

beam, generating a polychromatic, divergent X-ray beam. Depending on the detector,

the beam is called a fan beam if a line (1D) detector is used, or cone beam if a 2D

detector is used. Due to the divergent beam, a geometric magnification of the sample

will take place. The advantages of a lab tomography is that it is comparably cheap and

can be installed in-house at any research department. The disadvantage is that the scan

takes a long time compared to a synchrotron source, and a number of artefacts can arise

due to the polychromatic and divergent nature of the beam. Beam hardening happens

when a polychromatic beam passes through a dense material. Due to the density, lower

energy (”soft”) X-rays are attenuated while higher energy (”hard”) X-rays pass through at

a higher rate, raising the mean energy of the beam [14].

In a synchrotron facility, high intensity X-rays are generated by acceleration of electri-

cally charged particles such as electrons. A white beam can be obtained or a monochroma-

tor used to obtain a single wavelength. The X-ray beam is parallel, with no magnification

and if a monochromatic beam is used, there will be no beam hardening. A synchrotron

is advantageous in that it offers a higher intensity beam and shorter scan time than a lab

tomograph. The downside is that synchrotrons only exist at a few designated facilities

and usually require applications for beam time that is provided after a proposal review

process [77].

Once the X-ray scan is completed, a series of radiograms and slices are generated.

These slices then have to be used with a reconstruction software to generate a 3D image.

The 3D image shows the distribution of the absorption coefficient µ within the sample

and the smallest unit is called a voxel (being the volume equivalent to a 2D “pixel”). The

reconstruction can be done in two main ways. The first is by algebraic methods, solving a

linear system of equations to obtain the coefficients µ throughout the sample. The other

is backprojection of the transmitted intensity using Fourier transform.

To extend the range of experiment that can be performed, the sample can be held

in different environments, such as a furnace, or be deformed in a load stage, to perform

in-situ testing. Such in-situ experiments are sometimes referred to as 4D testing (3D +

time). In this work, a load stage, permitting testing by pure tensile loading as well as by

90◦ peeling, has been used with X-ray tomography to provide in-situ measurements.

5.2 Digital Volume Correlation

The experimental technique Digital Volume Correlation (DVC) is based on Digital Image

Correlation (DIC), which has been around since the 1980s [15] [19] [85] [84]. When doing

DIC, a speckle pattern is created on the surface of a sample prior to experimental testing.

During the experiment, the speckle pattern is tracked using a camera. By identifying

distinct regions and tracking them from one state of deformation to the next, a full

deformation pattern can be obtained. It should be pointed out that individual pixels

are not being tracked, since it may be difficult to distinguish one point from another.

Instead, a small square region of pixels is tracked, which ideally has a wider variation in

light intensity values and can be distinguished from other regions more easily. To identify

32



the deformation the region has undergone, a cross-correlation coefficient must be defined,

which measures the similarity of two regions. The simplest criteria is the cross-correlation

coefficent, defined in two dimensions by

CCC =

M∑

i=−M

M∑

j=−M

f(xi, yi)g(x
′
j, y

′
j) (116)

where 2M + 1 is the number of pixels in each dimension, f(xi, yi) is the grayscale value

of the undeformed pixel and g(x′j, y
′
j) is the grayscale value of the deformed pixel. Other

correlation coefficients are the normalized cross-correlation (NCC), which normalizes by

the mean of f and g and the sum of squared differences (SSD), which instead measures the

difference of the pixels and hence should be minimized. It is also common to interpolate

the displacement within pixels, called sub-pixel interpolation. The displacement yielding

the highest correlation coefficient or the lowest squared difference is found by using an

optimization algorithm [67].

The 2D DIC can be extended to 3D-surface DIC by using two cameras and stereoscopic

vision [46], but the out-of-plane deformation can obviously only be measured on the surface

of the sample and not within the sample. DVC is the extension of DIC to obtain the full

3D deformation field. Where DIC uses pixels for correlation, DVC uses voxels (volumetric

pixels). Similar to DIC, DVC requires the material to have some inhomogeneous texture

in order to distinguish regions [8]. One of the first use cases was ontrabecular bone [9].

There are different methods to obtain the volumetric image, most commonly using X-ray

tomography, but confocal microscopy and optical slicing of transparent samples are other

alternatives [8].

For any of the three methods, the deformation gradient can be calculated, but the

number of components that can be calculated differs. For 2D DIC, only the in-plane

derivatives of the in-plane displacments can be calculated. For 3D surface DIC, the in-

plane derivatives of the out-of-plane displacements can be calculated. Since there is no

information on the variation in the thickness direction, no out-of-plane derivatives can be

computed. Finally, with DVC, the full 3D deformation gradient and strain field can be

computed.

An interesting approach was taken by Shen and Paulino [81] who used DIC together

with a cohesive model. To illustrate the method, it is noted that the FE formulation of a

crack problem can be stated as

∫

Ω

σ : δEdΩ−
∫

Γext

T ext · δudΓext −
∫

Γcoh

T coh · δ∆udΓcoh = 0 (117)

where Ω is the specimen domain [111]. In addition, Γext is the boundary where the surface

traction T ext is applied, Γcoh is the cohesive surface where the cohesive traction T coh and

crack opening displacement ∆u exist, σ is the Cauchy stress tensor, E is the Green

strain tensor and u is the displacement tensor. Following [81] and using the Galerkin

discretization scheme provides [81]
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(Kb +Kc(u;λ))u = F ext (118)

where Kb is the global bulk material stiffness matrix, Kc the global cohesive stiffness

matrix, u the global displacement vectors, λ a set of parameters related to the cohesive

model and F ext the externally applied force. The inverse problem of deciding λ with

known displacements u was studied in [81] where the optimization problem was formulated

as

min
λ∈Rm

φ(λ) =
∥∥(u∗(λ)− ū)T

∥∥
2
,λ ∈ Ωλ

(119)

where M is the number of input parameters, φ(λ), the difference between the numerical

and experimental displacements, is the cost function to be minimized, Ωλ the feasible

domain for cohesive zone parameters and ū the displacement field obtained from DIC.

The numerical displacement is given by

u∗(λ) = K−1
b F̂ ext(ū;λ) (120)

where

F̂ ext(ū;λ) = F ext −Kc(ū;λ)ū (121)

Flexible spline interpolation was used to construct the cohesive model, with a number of

control points. The vector λ is associated with the cohesive traction σc and the opening

displacement ∆n,i at each control point,

λ =
{
σ1,∆n,1, σ2,∆n,2, ..., σµ,∆n,µ

}
(122)

The opening displacement control points must be positive and in ascending order to

construct a reasonable cohesive zone law, which is written mathematically as [81]

Ωλ =
{
λ|λi > 0,∆n,1 < ∆n,2 < ... < ∆n,µ

}
(123)

A Nelder-Mead optimization method was used to minimize the objective function. A

limitation of the method is the assumption that the bulk material remins elastic. Fracture

testing was done on single-edge notched beam specimens of PMMA bonded by adhesive

and Garolite. As verification of the extracted cohesive zone models, the fracture energy of

the finite element model was compared to the experimentally computed fracture energy,

obtained from the force-displacement relationship. A good agreement was found in [81].

It has been recognized that capturing a crack opening at sub-pixel level for a fractured

material can be extremly difficult. In response to this, a new DVC method called H-DVC

(H for Heaviside), where H is for Heaviside, was developed recently in [92]. The method

is based on similar methods as H-DIC in 2D [93], and stereoscopic H-SDIC for 3D surface

analysis [94]. For classical DVC, the objective function is written by Valle et al. [92] as
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Si (P) = Si

(
u, v, w,

∂u

∂x
,
∂v

∂x
,
∂w

∂x
,
∂u

∂y
,
∂v

∂y
,
∂w

∂y
,
∂u

∂z
,
∂v

∂z
,
∂w

∂z

)

=
f(Xi)− f̄D

σD
− g(xi)− ¯gD′

σD′

(124)

where D denotes the domain under consideration and where u, v, w are the x, y and z

displacements respectively. In addition, X the initial configuration and x the current

configuration. Further, f̄D and ¯gD′ are the averages of the subregion gray level in the

initial state D and the final state D ’, respectively, while σD and σD′ are the corresponding

standard deviations. The inverse problem is to find the vector P of displacements and

their gradients that satisifies Si(P) = 0. The mathematical formula for the position in

the deformed configuration, using the H-DVC method, is

x = Œ(X) = X+U+
∂U

∂X
(X−X0) +U′H(X−X0) (125)

where U is the displacement vector and the third term is the first order derivative of U

with respect to X at point X0, used for a Taylor approximation. The first three terms

correspond to classic DVC methods [35] and the last term consists of a jump vector U′

which is activated depending on the value of the Heaviside function H(X − X0). This

corresponds to cutting the domain in two parts, D1 and D2, with different kinematics ϕ1

and ϕ2

ϕ1(X) = X+U1 +
∂U

∂X
(X−X0) in domainD1 (H = 0)

ϕ2(X) = X+U2 +
∂U

∂X
(X−X0) in domainD2 (H = 1)

(126)

A spherical coordinate system (r, θ, γ) is introduced to describe the opening plane defined

by the Heaviside function. The jump vector U′ is defined as

U′ = U2 −U1 = (u′, v′, w′) (127)

and the Heaviside function

H(X−X0) = H((x cos θ + z sin θ, cos γ + y sin γ − r) = H(r, θ, γ) (128)

defines the cutting plane. The objective function for H-DVC is then written

Si(P) = Si

(
u, v, w,

∂u

∂x
,
∂v

∂x
,
∂w

∂x
,
∂u

∂y
,
∂v

∂y
,
∂w

∂y
,
∂u

∂z
,
∂v

∂z
,
∂w

∂z
, u′, v′, w′, r, θ, γ

)
(129)

i.e. six additional variables compared to eq. (124) which increases the computational cost

considerably. A comparison of runtimes by Valle et al. [92] showed that a DVC calibration
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of a volume of a few millions that took 15 min took 5h with H-DVC. The performed H-DVC

method was verified with a simulated opening mode and a sliding mode deformation of a

sphere inclusion in a cube and subsequently applied to a real tensile test of polypropylene

with 3 weight % zinc filler particles. The model could identify displacement jumps in a

satisfactory manner, while the classic DVC method was less successful in this [92].

The optimization-based methods can be used to obtain a better strain measure than

with a classic macroscopic test. If the deformation is inhomogeneous to a substantial

degree, a strain gauge at a single point will not capture this field. In the peel test, for

example, the strain field at the top of the peel arm is not the same as that near the peel

front. However, this is not taken into account when the displacement is measured at the

top of the peel arm. The strain field can also be used for inverse analysis to calibrate

parameters in constitutive models. This has been done for tensile tests [20] and for com-

pression of concrete [32], but it has also been done for cohesive models [81] and crack

propagation laws [53]. Speedup of DVC using Graphical Processing Units (GPUs) has

been achieved as discussed in [101]. The resulting DVC algorithm implementation was

used for the inverse problem of finding the displacement field in three different setups: a

sequential implementation, a multithreaded CPU implementation and a GPU implemen-

tation. A substantial speedup was found using GPUs compared to the sequential process

(18-23x) and even the multithreaded process (3-3.7x).

A graphical user interface (GUI) for DVC called TomoWarp2 has been developed by

Tudisco et al. in recent years [88]. The program uses a local approach to DIC. The

code is open source and uses both Python and C. To use the program, two images in the

undeformed and deformed state must be provided, along with an estimated displacement

range, the size of the region of interest and the spacing between analysis points. The

program is parallelized through the use of Python multiprocessing libraries. The pixel

search is implemented in C and connected to Python using Swig. The program has three

main processes, a single management process, a single process handling data loading and

communication, and numerous identical worker processes. The correlation coefficients are

computed for all displacements in the displacement range for a particular pixel, and the

worker processes handle a region each, allowing for parallelization [88]. Thus, user-friendly

and modifiable software for DVC analysis is readily available.

6 Materials and experimental preparations

A packaging material for the food and dairy industry comprises several layers. A typical

laminate is shown in Fig. 4. The inside layer has contact with the content of the package

and is commonly made of a polymer like polyethylene, providing a barrier between the

content and the other layers. The aluminum layer keeps out light and oxygen, and is

bonded to the inside layer by an intermediate adhesive layer. This adhesion may also be

due to the inside layer itself forming a bond to the aluminum during manufacturing, as the

materials are rolled together at high temperature and subsequently cooled quickly. The

paperboard provides stiffness to the structure and the laminate layer provides adhesion

between the aluminum and the paperboard. The decor layer usually has a clay coat to
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Paperboard layer
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Figure 4: Schematic illustration of a typical packaging material laminate, comprising
several layers of different materials such as polymer films, adhesive layers, paperboard
and aluminum foil.

provide a good surface for printing.

Since packaging materials are manufactured in a system of rollers and extruders, there

will be distinct material properties in the direction along which the material is produced,

called the machine direction (MD). The laminate will also have a certain width, as set in

the manufacturing process. The direction across the width is called the cross direction

(CD). The third direction is the out-of-plane direction, often called Z-direction (ZD). The

manufacturing process induces an anisotropy into the materials. The produced materials

will usually be stiffest in MD, somewhat more compliant in CD and most compliant in

ZD. A rule of thumb is that the MD stiffness is an order of magnitude higher than the CD

stiffness and two orders of magnitude higher than the ZD stiffness. This is due to fibers

in the paperboard, polymer chains in the inside polymer etc. aligning with the MD to a

certain extent, making MD the preferred direction for load transfer. The reason ZD is so

much more compliant is that it is much thinner than the other two directions and in the

case of paperboard, the fibers mostly orient in the MD-CD plane. For this reason, it is

also much harder to do experiments to evaluate ZD properties.

Different batches of materials were considered in the present experimental campaign.

Three different batches were produced, with structures illustrated in Fig. 5. Each material

is then described in more detail, outlining the reasoning behind each produced material

and giving detailed descriptions of each laminate structure.
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Figure 5: Sketch illustrating the different layers (not drawn to scale) in: a) Material 1, b)
Material 2 and c) Material 3 .

The first type of material, denoted ”Material 1” consists of a paperboard substrate

about 450 µm thick with clay coat on the outside, a thin adhesive layer, a 6.3 µm thick

aluminum foil, an inside polymer of ethylene acrylic acid copolymer (EAA) of 4 µm thick-

ness and a 13 µm metallocene-catalyzed polyethylene (mPE) film. Of all three material

types, Material 1 most closely resembles packaging materials used for commercial pro-

duction. The EAA and mPE have almost identical mechanical properties and together

formed the peel arm in the tests. The adhesion studied is that between the aluminum

and the inside polymer, with the latter being the peel arm material.

Material 1 is creased, with lines guiding and decreasing the moment required for fold-

ing, as shown in Fig. 6. This introduces a heterogeneity into the structure. To prevent

this from affecting measurements, it was always ensured that the peeling was done over

non-creased regions. Moreover, all tests are done with peeling along MD.
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MD

CD

Figure 6: The crease pattern in Material 1.

When using Material 1, due to the small radius of the wheel and the high bending

stiffness of the paperboard, the paperboard does not easily conform to the shape of the

wheel. Because of this the paperboard does not always adhere well to the wheel/tape.

In addition, there are usually zones of internal delamination within the paperboard after

the significant bending required to fit the substrate onto the wheel. To prevent this from

affecting the experiments, it was sometimes found necessary to peel past such zones by

hand before starting the experiment. Since all the layers adhere to each other from the

start, it is crucial to separate the inside polymer from the aluminum. At the same time

it is also important not to delaminate the aluminum foil from the paperboard or cause

delamination within the paperboard since this would cause the delamination to follow

these paths instead of the interface between the inside polymer and the aluminum. Due

to the very thin inside polymer, it is also crucial to avoid cohesive failure of the polymer

when creating the peel arm.

The second type of material, denoted “Material 2”, was produced in an attempt to

alleviate the aforementioned issues. To obtain a peel arm quicker and easier, a number

of mylar sheets were placed between the inside polymer and the aluminum layer during

laminate production. These sheets provide zones with little or no adhesion, which can

be used to peel off the inside polymer directly, while the process for Material 1 was more

manual and therefore unpredictable. The use of mylar sheets is shown in Fig. 7a.

Material 2 was produced with paperboard, but with the clay coat on the other side,

weakly adhered to the aluminum foil. LDPE extruded at a low temperature adheres to

the paperboard and EAA adheres to the Al foil. The low extrusion temperature of the

LDPE causes weak adhesion to the clay coat, which means that the adhesive between

Al foil and clay coat, the Al foil and the inside polymer can easily be peeled off from
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the paperboard. This material conforms easily to the shape of the wheel, compared to

Material 1 with stiff paperboard. Material 2 is shown in Fig 7b, where it is seen that a

very clean separation from the paperboard is obtained. For the first material, separation

of aluminum and paperboard could not be done without some amount of fibers sticking

to the aluminum. Some of the clay coat usually adheres to the surface of the aluminum

foil after separation, but this surface can be cleaned prior to experiments. The thickness

of the peel arm in this round of materials is 15, 30 or 45 µm. The peel arm is made of

EAA or LDPE, and the composition of Material 2 is illustrated in Fig. 5b.

a) b)

CD

MD

Figure 7: a) Brown mylar sheet making the creation of a peel arm easier. b) The aluminum
foil and peel arm are easily separated from the paperboard in the second batch of materials.

To investigate the potential of using Digital Volume Correlation (DVC) with the peel

test, a number of polymer films with different filler materials have also been produced.

These polymer films have been scanned using X-ray tomography to assess their suitability

for DVC, cf. Section 7. Based on the findings in Section 7, a peel arm material with 5 %

CaCO3 filler has been identified as a suitable candidate for DVC experiments. A third

batch of materials was subsequently produced, denoted Material 3. Two different peel

arm materials were chosen for Material 3: LDPE and EAA. In addition, the LDPE was

produced both with thin paperboard with high out-of-plane stiffness, and with easily

removable paperboard, similar to Material 2. Greater thicknesses of the peel arm were

used compared to Material 2, since the smallest thickness of 15 µm was found to be hard

to use in practice. The composition of the paperless variant of Material 3 is illustrated in

Fig. 5c.

The experimental set-up has been developed to be able to perform 90◦ peel tests as

well as tensile tests. In the development of the experimental set-up, certain criteria had

to be met. To be able to bring the X-ray source and detector closer together in the

tomograph, to enhance radiogram resolution, the rig dimensions have to be minimized.

40



Instabilities, friction and other sources of error in force/displacement measurement also

have to be reduced.

A procedure for specimen handling and mounting was developed with the intention

to be as reproducible as possible. First, the laminate is mounted to a wheel with adhe-

sive tape. The next (optional) step is to place the wheel under pressure for up to three

days. The reason for this is that the laminates with no paperboard can sometimes de-

laminate from the adhesive tape. By placing the samples under pressure and aging, the

laminate/tape adhesion can be somewhat improved by curing. This step can be skipped

when the laminate contains paperboard, because it is less of an issue then. Two different

jigs for applying pressure are shown in Fig. 8a. In the metal jig shown at the top, the

wheels are placed between two metal casings which are held together by the three black

bolts. At the bottom of Fig. 10a, the second jig type is shown. Two wheels (one on each

side of the white plastic cylinders) are placed inside the plastic casing which is tightened

with a bolt.

After the pressing/curing step, the free end of the peel arm is attached to the grip

of the loading stage. For repeatability, a jig is used to keep the length of the peel arm

reasonably constant, as shown in Fig. 8b. The wheel is then mounted to a hub using a

small bolt, mounted using roller bearings to reduce friction, as seen in Fig. 8c. Finally, the

hub is placed on top of a transparent plastic tube and mounted on the test rig, as shown

in Fig. 9. The plastic tube carries the load during testing and is transparent to X-rays,

so that the setup itself does not block the X-rays during scanning. When the sample is

mounted, the position of the grip needs to be adjusted and aligned with the wheel.

a) b)

c)

Figure 8: Steps in mounting procedure. a) First, the wheels and samples are put under
pressure for 1-3 days to cure the bond (adhesive double-sided tape) between the laminate
material and the wheel. b) The length of the peel arm is maintained between tests through
the use of a jig. c) The wheel is attached to a metal hub.
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Wheel

Transparent
PMMA tube

Peel arm

Grip

Figure 9: Zoomed-in sideview of the experimental set-up ex-situ (outside the tomograph).
To perform peeling, the lower grip is moved downwards. The roller bearings reduce friction
during rotation of the wheel. The plastic tube is transparent to X-rays and the hole helps
with adjustments during setup.

When the hub has been mounted on the test rig, the test rig can be used in-situ (inside

a tomograph) or ex-situ. Fig. 10 shows the test rig mounted in-situ. The test rig is placed

between the X-ray source and detector. Note that the source and detector are spaced

much further apart in Fig. 10 than during an experiment, for visualization purposes.
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Figure 10: The peel test device developed for the present study with main components
marked. The X-ray source is to the left, and the CCD detector to the right of the test
specimen. Note that during the experiment, the source and detector are brought much
closer to the device, to increase resolution. The diameter of the PMMA tube is 20 mm.

7 Preliminary notes on Digital Volume Correlation

using particle-filled peel arm polymers

It is well known that the strain of the peel arm material has an influence on the measured

peel force and fracture energy [49]. However, so far only the macroscopic strain has been

measured or estimated, e.g. Karbhari and Engineer [47]. With the aid of experimental

techniques such as Digital Image Correlation for 2D and Digital Volume Correlation for

3D, a full strain field can be obtained, cf. Section 5.2. To be able to use Digital Volume

Correlation during a peel test, the peel arm can be filled with a suitable particle filler

during manufacturing. A good filler must show sufficient contrast to the bulk material

when scanned in the X-ray tomograph. It must also be sufficiently dispersed and rela-

tively evenly spread. However, a perfectly even spread is not desired since there must

be an inhomogeneous pattern to distinguish between particles and clusters of particles.

Moreover, the filler must not significantly change the mechanical properties of the peel

arm, compared to an unfilled polymer. With these criteria in mind, a preliminary study

of different filler materials and fill ratios has been conducted. The bulk polymer material

is LDPE, which is commonly used as a peel arm material. Three different filler materials

are investigated: Calcium carbonate, talc and titanium dioxide. Three different fill ratios

are also scrutinized: 2, 5 and 10 weight % of each type of filler. A reference batch of

unfilled polymer is also produced for comparison of mechanical properties. X-ray scans

of the polymer carrying 10 wt. % of each filler material is shown in Fig. 11.
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a) b)

c)

Figure 11: X-ray scans of LDPE filled with 10 wt % of a) Titanium dioxide, b) Talc and
c) Calcium carbonate

Based on Fig. 11 and additional scans with lower fill grades, it can be concluded that

both talc and titanium dioxide give insufficient patterning, while the calcium carbonate

looks promising. Consequently, the calcium carbonate materials are studied further by

performing tensile tests on filled and unfilled polymer samples. The results are shown

in Fig. 12 and scans of polymer films carrying calcium carbonate with different weight

fractions are shown in Fig. 13.
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Figure 12: a) Force-displacement curve registered during tensile tests (loaded in MD) of
pure and calcium-carbonate filled polymer samples. b) Samples tested in CD.
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a) b)

c)

Figure 13: X-ray scans of PE filled with CaCO3 with fill ratios of: a) 2 %, b) 5 % and c)
10 %

The unfilled and the 5 % filled polymers used in the tensile tests in Fig. 12 have

an average thickness of 47 µm while the 2 and 10 % filled polymers have an average

thickness of 100 µm. Even though there are some variations in the stress-strain response,

the differences are minor. The more brittle response of the 2 and 10 % may be due to

their lower thickness. The 5 % filled polymer most closely resembles the pure polymer in

terms of stress-strain response and hence that fill ratio is chosen for further study. From

Fig. 13, it can be seen that all fill grades look quite similar in terms of dispersion. The

material with 2% filler is a bit more sparsely filled compared to the other fill ratios, but

both 5 and 10 % are deemed sufficient. Based on this, laminate materials with 5 weight

% CaCO3 in the peel arm were produced manufactured for further experimental studies.

8 Experimental work

In this section, the experimental work done in the present study is summarized.

46



8.1 Tensile testing of the peel arm material

To mechanically characterize the peel arm material in Material 1, a series of tensile tests

were performed. Tensile test specimens were produced from the peel arm material by

chemically removing the LDPE film from the rest of the laminate. Dog bone shaped

specimens were then punched out from the free-standing LDPE film and tested in a

tensile load frame. The tensile tests were performed at four different deformation rates,

10 mm/min, 50 mm/min, 100 mm/min and 500 mm/min. The results from the tensile

tests are shown in Fig. 14. A total of 6-9 tests were performed at each deformation rate

and the error bars in Fig. 14 indicate the spread in the test data. Despite the quite wide

span of deformation rates, it appears that the rate dependence is negligible and the peel

arm material is therefore treated as rate independent for the remainder of the present

study. The average thickness of the specimens was 20 µm.
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Figure 14: Results from tensile testing of the peel arm material at different deformation
rates. The rate dependence is found to be negligible.

Images from an experiment done on Material 1 are shown in Figs. 16 and 17 and the

corresponding force-displacement curve is provided in Fig. 15. Some images of the other

batches are also shown.

8.2 In-situ peel tests

All three types of materials (Material 1, 2 and 3) were analyzed in the Zeiss Xradia XRM

520 Versa tomography system, hosted by the 4D Imaging Lab at Lund University, using

80 kV X-rays at 7 W power.

8.2.1 Material 1

A sample of the first material has been peeled 2.5 mm in Fig. 16 and 5 mm in Fig. 17.

The sample is peeled at a rate of 0.5 mm/min. The width of the sample is 2 mm. The

fracture appears to be interfacial, i.e. the fracture did not occur inside either the peel

arm or the substrate. The images are also reasonably stable, even though relaxation has

occurred during acquisition, which is evident from the two drops in force seen in Fig. 15.
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Figure 15: Force-displacement curve of an in-situ peel test of Material 1.

a) b)

Figure 16: Example image from in-situ peel testing of Material 1 after 2.5 mm peeling:
a) Side view and b) Top view.

a) b)

Figure 17: Example image from in-situ peel testing of Material 1 after 5 mm peeling: a)
Side view and b) Top view.
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a) b)

Figure 18: Example image from in-situ peel testing of Material 1 after 5 mm peeling: a)
After peeling 2.5 mm and b) After peeling 5 mm.

Some differences between the sample at 2.5 and 5 mm peel displacement are evident.

In both states, the sample delaminates first at the edges and later at the center, which is

seen from the fact that the delamination is further progressed along the edges than in the

middle. However, the pattern is more uniform at 5 mm than 2.5 mm displacement, which

has a more wavy delamination front, as seen when comparing Fig. 16a and Fig. 17a. This

might be due to edge distortions induced during sample cutting. It could also be due to

the fact that during the creation of the peel arm, the peel arm can be peeled off in an

inhomogeneous, uneven manner, owing to the manual nature of the process. This pattern

may then persist from the beginning of the peeling process, until the peeling reaches a

steady state. In both states, the laminate sticks well to the tape. This is relevant later

on when comparing to the other laminates.

Another phenomenon is shown in Fig. 19. In some of the tests, the peel arm appears

to split, with strands of adhesive sticking to the substrate. A possible reason is that

the peel arm may split since it is made of two materials (EAA+mPE), cf. Fig. 5a. In

the experiments, a split peel arm was found to correspond to a lower peak force than

otherwise, indicating that the mode of fracture had been altered. It can thus be seen

that in a single type of peel test, quite different failure mechanisms can be induced. This

highlights the need to identify the damage mechanism involved to be sure of what type

of process is actually being evaluated during a standard peel test.
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a)
Peel arm

Al foil

b)

Residual adhesive

Al foil

Figure 19: Example images from in-situ peel testing a) Laminate seen from the side. b)
Peeling seen from above

The relaxation of this material was further studied ex-situ, i.e. outside the tomograph,

as shown in Fig. 20. A sample was peeled to a force of 0.4 N and then held at the same

displacement. After 1h, a typical scanning time in the tomograph, the force was reduced

to 0.2 N and relaxation was still prevalent after 60+ hours. Hence, relaxation is not

something that can be avoided in the lab tomograph.
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Figure 20: Force-time response during a relaxation test in the peel test load rig. The force
is first increased to 0.4 N, after which the relaxation test commences.

8.2.2 Material 2

Side view 2D images of peel tests are shown in Fig. 21 and 22. Material 2 has a peel arm

made of EAA, with a thickness of 30 µm and no paperboard in the substrate. The sample

is peeled at a rate of 0.1 mm/min and the width of the sample is 3 mm. Note that the

fibrous structure in the images is not paperboard but the cellulose core of the adhesive

tape, which is a different tape from the one used in the images of the first material.
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Wheel
Adhesive tape

Al foil

Peel arm

Figure 21: Images from in-situ peel testing of a material without paperboard at 0 mm
displacement. The peel arm is made of EAA and unfilled.

Void

Figure 22: Images from in-situ peel testing of a material without paperboard at 0.4 mm
displacement. Note the void between the tape and the polymer covering the aluminum.

In Fig. 22 it can be seen that a void has started to grow at the interface between the

tape and the polymer on the wheel-side of the aluminum foil. Since the polymer in this

layer was produced at a low temperature to ensure low adhesion to the paperboard, it

is not surprising that it has low adhesion to other surfaces as well. Based on these and

similar results, a procedure for improving the adhesion to the tape was developed. The

procedure described in Section 6 was developed for this purpose. The laminates without

paperboard were placed on the wheel and then put under pressure for some time.
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8.2.3 Material 3

Fig. 23 shows the force-displacement curve for a laminate material with a filled polymer

acting as the peel arm. The 3D images acquired at 0 and at 1.5 mm displacement,

respectively, are shown in Fig. 24. The substrate consisted of a thin paperboard, adhering

to the aluminum foil and the peel arm was a 60 µm thick LDPE film with 5 weight

% CaCO3. The paperboard was thinner and with higher out-of-plane stiffness than for

Material 1.
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Figure 23: Force-displacement curve for a peel test with a filled polymer.

a) b)

Figure 24: Images from in-situ peel testing with the filled LDPE material as peel arm.
The images are acquired a) Before peeling and b) After 1.5 mm peeling.
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Adhesive tape

Paperboard

Al foil

Peel arm

Figure 25: Image from in-situ peel testing of the filled PE material, before peeling.

Figure 26: Image from in-situ peel testing of the filled PE material, after 1.5 mm peeling.

Looking at the peel front in Fig. 24b, it appears that the peel front is much more

straight than in the original material. As seen in the 2D image after peeling in Fig. 26,

the peel arm is also much more rounded than for the first two materials. A similar

experiment of the same material is shown in Fig. 27.
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a) b)

Figure 27: Images from in-situ peel testing with the filled PE material as peel arm. a)
Before peeling. b) After 3 mm peeling.

8.3 Pilot study at the PSI synchrotron

Additional experiments were done at the TOMCAT beamline at the Paul Scherrer In-

stitute (PSI) in Switzerland. With the higher flux and parallel beam provided at the

synchrotron, it was possible to obtain images at a much higher rate than in the lab. It

was even possible to perform in-situ, continuous, peeling. The exposure time was set to

1 ms and the voxel size to 1.6 µm. Most of the PSI tests focused on Material 1 and on

one of the materials with a filled polymer as the peel arm. The material with a filled

polymer had a substrate of thin paperboard with extra out-of-plane stiffness so that it

could easily be attached to the wheel, while ideally preventing tape delamination previ-

ously associated with the materials containing no paperboard. The first peeling rate was

0.07 mm/min or about 1.16 µm/s, which allowed continuous scanning without too much

movement relative to the voxel size. Two other rates, 0.2 mm/min and 0.3 mm/min,

were also used. To prevent radiation damage, the samples were not scanned continuously,

but every 30 s until the end, with an intermittent period where the sampling rate was

increased. The period of higher sampling rate was chosen at a time when the peeling was

believed to have stabilized. Some preliminary results from the first experiment done at

PSI is shown in Figs. 28. The test was done with Material 1 and the lowest peel rate

previously mentioned. A total of about 110 scans were done during the experiment and

scan number 1, 50 and 100 are shown in Figs. 28a-c. Note that due to imperfect alignment

between the grip and the wheel, the peel arm was not perfectly vertical at the synchrotron

experiments, but should still be acceptable since a 90◦ angle between the wheel and the

peel arm.
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a)

b)

c)

Figure 28: Images from continuous peel testing at PSI with Material 1 taken at scan
number a) 1, b) 50 and c) 100.

The resolution of the images in Figs. 28a-c is a lot better than for the images obtained

in the lab tomograph. It appears that the adhesion to the tape was not optimal in this

particular test, especially in Fig. 28c. Still, it seems to have been acceptable in Figs. 28b

and 28c, at the start and in the middle of the test, respectively. Some variation in the
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peel arm thickness can be seen, particularly in Fig. 28c, where the peel arm looks close

to failure at the lower end of the peeled off part. Further analysis of the data from PSI is

part of future work.

9 Numerical simulations

A numerical model of the peel test has been developed in the commercial finite element

software Abaqus. The model uses a van der Waals hyperelastic model for the peel arm

material and a bilinear cohesive law for the interface between the peel arm and substrate.

Consistent with [59, 60], a Van der Waals hyperelastic model was adopted for the peel

arm material. Assuming incompressibility, the strain energy potential function for this

model has the format

Ũ (I2) = µ

{
−
(
λ2m − 3

)
[ln (1− η) + η]− 2

3
a

(
I2 − 3

2

)3/2
}
, η =

√
I2 − 3

λ2m − 3
(130)

This form is in fact somewhat special, assuming only a dependence on I2. In the most

general form, I2 is replaced by Ĩ = (1− β)I1 + βI2 where 0 ≤ β ≤ 1. In the present case,

the experimental data was found to be acceptably fitted by the hyperelastic model using

β = 1.. The constitutive model for the peel arm material is fitted, using least-squares

fitting, to the average of the tensile test data shown in Fig. 29. From the calibration

procedure, the locking stretch λm = 5.28, the interaction parameter a = 0.53 and the

shear modulus µ = 16.8 MPa were identified. The calibrated model response is shown

together with the experimental data in Fig. 29.
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Figure 29: Uniaxial tensile response of the Van der Waals hyperelastic model (solid line),
fitted to the averaged tensile test data from Fig. 14

The interface is modeled as a cohesive surface. A total of 2, 24 and 108 elements are

used through the thickness, across the width and along the wheel perimeter, respectively.

The aluminum foil and paperboard are assumed to be rigidly bonded to the wheel and

are not explicitly modeled, but only represented as a rigid surface with an offset in the
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radial position. The parameters of the calibrated cohesive zone were a fracture energy Gc

= 210 J/m2 and interface strength t0 = 7.5 MPa. The interface stiffness was set to K =

1013 Pa/m. Using eq. (55) with E3 = 100 MPa, t = 20 µm, and α = 2. Turon et al. [89]

recommended a factor of around 50. However, it is emphazised that eq. (55) was derived

for an orthotropic peel arm material. Moreover, by the time peeling initiates, the stiffness

of the peel arm material will be lower due to the strain in the peel arm, cf. Fig. 14. Hence,

it can be assumed that excessive compliance of the interface is not a problem. Assuming

an initial stiffness E = 100 MPa for the peel arm material, the cohesive zone length is

between 78.5 µm and 374 µm according to eq. (57), depending on the value used for

M. Compared to the element dimensions used for modeling, this length is spanned by a

sufficient number of elements.

An in-situ test of Material 1 is used for model verification. The force-displacement

curve and the geometry of the peel arm (curvature and peel arm thinning) are matched

against the experimental observations, as shown in Fig. 30.

Wheel

Adhesive tape

Paperboard

Al foil

Peel arm

Figure 30: Side view of the peel test. The red lines represent the simulated peel arm
geometry, overlaid on top of an experimental X-ray image.

It is seen in experiments of the first material that the delamination front is curved, cf.

Fig. 17. This behavior can be reproduced with the numerical model, with the interface

being damaged and failing at the edges earlier than in the middle, as shown in Fig. 31.
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Wheel

Unpeeled laminate

Peel arm

Fully damaged

Undamaged

Figure 31: View of the peel front. The peel arm is pulled downwards. The colors indi-
cate the damage in the cohesive zone, with red elements having failed and blue or green
elements having a lower degree of damage.

10 Conclusions

Adhesion has been studied extensively for the past century. This collective work has

resulted in a number of theories on adhesion and decohesion. A distinction can be made

between fundamental and practical adhesion, where the field of solid mechanics is mainly

concerned with practical adhesion, i.e. what it is that causes surfaces to separate and

identification of the forces, energies etc. required to do so. The view has shifted in

recent years from one of mutual exclusivity to one of complementarity, meaning that a

grand unified theory on adhesion is no longer the central quest, but rather a patchwork

of complementary theories.

Peel testing has previously been studied with other in-situ methods, such as scanning

electron microscopy (SEM) [64, 65, 99], transmission electron microscopy [63] and optical

microscopy [71, 97, 99], but the present approach with X-ray tomography appears new. A

main motivation for using tomography is to gain 3D information about the peeling process,

not provided other methods. While X-ray tomography does not have the highest resolution

of the available imaging methods, it enables a complementary insight into 3D phenomena

related to adhesion and can be used together with other methods. For example, using in-

situ tomography, a region of interest can be identified which can then be studied at higher

resolution with SEM. In-situ X-ray tomography also generates the 3D displacement field
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necessary to use Digital Volume Correlation. Digital Volume Correlation has increased

in use in recent years and steps have been taken to increase efficiency by using GPUs

rather than CPUs [101]. The correlation for volumes with cracks has also been improved

by introducing a Heaviside function in the kinematical transformation [92].

Even though cohesive zone models are widely used, there are considerable issues re-

lated to many of the models available in commercial simulation softwares. A number of

the frequently used models are not thermodynamically consistent, or consistent only in

special cases. In recent years, more focus than previously has been placed on developing

thermodynamically consistent cohesive laws, based on potentials and on Helmholtz free

energy functions utilizing history-dependent variables. Models such as the PPR model

are thermodynamically consistent for loading, but not for general unloading, unless prop-

erly modified. Exponential models like the Xu-Needleman model require improvements to

fulfill the laws of thermodynamics. For a peel test between 0 and 90◦, it has been argued

that a mixed-mode analysis is not usually called for [49, 62]. Still, a future analysis of

decohesion mechanisms in packaging materials should include a mixed-mode analysis and

a complex loading history during e.g. creasing and folding. For this reason, it is important

that the unloading/reloading behavior is described in a physically relevant manner.

In the present work, the adhesion between the layers in a packaging material laminate

has been studied with a novel in-situ method. The combination of peel testing with X-

ray tomography allows adhesion phenomena and mechanisms that are not apparent from

macroscopic testing to be investigated in great detail. It is, for example, found that the

delamination does not necessarily propagate in a homogeneous manner along the width of

the sample, but can initiate earlier at the edges than at the peel arm center. The reason

for this is thought to be the transverse contraction of the peel arm as well as edge effects

and local damage caused by sample cutting. It is also seen that peel arms composed of

two layers may split. The reasons for this are not entirely clear, but may be related to

artifacts from the sample preparation. In the test shown in Fig. 19, the peel arm starts to

split during testing. However, it is also possible to involuntarily split the peel arm during

sample preparation, so that a thin layer of adhesive on the aluminum foil remains stuck.

Using a synchrotron beamline for in-situ X-ray tomography shows great improvements in

resolution, providing further data for analysis.

The elimination of the paperboard from the laminate presented additional challenges

in the testing procedure. For the materials without paperboard or with thinner paper-

board than Material 1, it appears that the adhesion to the tape is a potential issue when

performing peel tests. This is also evident in that the displacements are lower, 1.5 mm

compared to 5 mm for Material 1. One way to reduce this effect is to place the laminate

and tape under pressure for a few days. This should both increase the areas in contact and

allow the adhesion between the tape and laminate to cure to achieve a greater strength.

A recommended aging time from many tape manufacturers is three days. Even with these

efforts, however, issues related to weak adhesion often remain. Ensuring adhesion to the

tape proves important, which is usually not a major concern when the structure contains

paperboard.

When the peel arm is filled with 5% CaCO3, the peel front appears much more rounded

than for both of the other types of materials (Materials 1 and 2). Although the addition
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of a filler does not seem to alter the tensile properties of the investigated polymers to a

significant extent, it is possible that the adhesive properties are altered. It is also clear

that the sample preparation is important when it comes to measuring adhesion. Some

phenomena, like edge lift-off, may be due to the way the samples are cut and can be

somewhat alleviated by considering alternative cutting methods.

For certain material combinations, fibrillation or crazing can be observed between the

adherends, e.g. when a rubbery material is attached to a metal [65, 97, 99] or a polymer

to a polymer [76]. This is thought to be due to localized stretching near the peeling zone.

In the current work, no such effect is seen. This seems to indicate that a purely adhesive

fracture happens. This is also confirmed by the fact that no evidence is found of cracks

spreading into the substrate or into peel arm. The exception is the cohesive fracture of the

peel arm observed in some cases when the peel arm comprises two similar polymer layers.

This phenomenon needs to be studied further, for example by complementary SEM scans.
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Abstract

In the present work, peel testing is performed on a packaging material laminate in order

to investigate the mechanisms that are involved in the adhesive fracture and that provide

the adhesive properties, as measured by standard macroscopic tests. Using a peel test

load rig, specially designed for the present purposes, peel tests are performed in-situ in a

laboratory X-ray tomograph. The peel test results are analyzed using a combination of

theoretical models for the adhesive fracture and 3D finite element simulations based on a

cohesive zone model approach. Complementary experiments are performed to character-

ize the properties of the peel arm material. Relaxation of the material is found to occur

during image acquisition in the in-situ tests. Despite this, it is possible to obtain 3D

reconstructions with good quality during peeling. Peel test properties like root rotation

angle and peel arm thinning are quantified. In the present 90◦ peel tests, it is found that

the delamination progresses in an inhomogeneous manner, with the edges delaminating

before the center. A number of issues and mechanisms during the peel test are identified.

As an example, the peel arm itself can sometimes split, leaving residues of adhesive on

the substrate surface. Such phenomena indicate the ambiguities involved in assessing ad-

hesion properties from standard macroscopic force-displacement measurements, without

accounting for the mechanisms involved on finer length scales.

Keywords: Peel test, Delamination, Cohesive zone, Packaging materials, X-ray tomog-

raphy

1 Introduction

Packages for food and dairy products, for example, commonly comprise multiple layers

of different materials that together form a laminate, as illustrated in Fig. 1. Each layer

serves a different purpose in preserving and protecting the package content and in pro-

viding package rigidity. During manufacturing and handling, the packaging material is

∗Corresponding author. Mail: hakan.hallberg@solid.lth.se. Tel.: +46 46 222 90 92.
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Figure 1: Schematic illustration of a typical packaging material laminate, comprising
several layers of different materials such as polymer films, adhesive layers, paperboard
and aluminum foil.

subject to conditions that may cause unwanted delamination between the layers. This can

decrease the barrier properties of the package and result in a reduced product shelf-life

and overall unsatisfactory package performance. In contrast, controlled delamination can

also be required in some cases, for example during creasing and folding of the packaging

material laminate during manufacturing or in different built-in mechanisms for opening

of the package. Being such a critical aspect in the use and performance of packaging

material laminates, understanding and controlling adhesion between the laminate layers

is of pivotal importance. There is a clear need for an increased understanding of the

fracture mechanisms that are involved in the delamination and for an improved ability

to predict the adhesion properties of different packaging material laminates and under

different loading conditions. In this study, a combination of experimental investigations

and numerical simulations is employed to study the fracture zone during delamination in

a typical packaging material laminate.

Peel testing is a commonly used approach to assess the adhesion properties in laminate

materials and many different types of peel tests have been developed for different applica-

tions and for investigating different delamination mechanisms [1, 6, 8]. Most standardized

peel test methods are, however, based on macroscopic measurements and provide little

insight into the adhesion mechanisms that are active on the microscale. A peel test device

has been developed in the present work that is specially adapted to the peeling of very

thin polymer films, as often used in packaging material laminates. The test device is

designed such that it permits in-situ testing in a laboratory X-ray tomograph system or

at larger synchrotron facilities. Peel testing of thin polymer films with in-situ imaging has

been performed previously using digital cameras, for example, in the T-peel experiments

in [10, 11, 16]. However, the use of X-ray tomography for in-situ imaging of peel tests

appears to be an unexplored approach, but one that could provide additional insights

into the peeling process by adding 3D understanding of the process as opposed to just

boundary force and displacement measurements or observation of the edges which will be
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subject to edge-effects. A first aim of the present study is to provide a proof-of-concept

study of the specially designed peel test rig, in addition to investigating the processes

of peeling in 3D to shed new light on the mechanisms involved in the adhesive fracture.

To permit further analyses of the experimental results, a 3D finite element model of the

peel test setup is established using a cohesive zone representation of the adhesive fracture

region. Complementary tensile testing of the peel arm material is performed to permit

calibration of the constitutive model that is used in the numerical simulations.

This paper is structured with the experimental work presented first in Section 2,

comprising a presentation of the newly developed peel test load rig as well as a discussion

on the in-situ peel testing itself. In the same section, the characterization of the peel arm

material is also discussed. The finite element simulation model is detailed in Section 3

along with a discussion on the cohesive zone model of the adhesive fracture path and on

the modeling and model calibration related to the thin polymer film constituting the peel

arm. A discussion is provided in Section 4, in which the experimental results are analyzed

and confronted with the aforementioned simulation results. Based on an energy balance,

an analytic general fracture energy model is established that contains the classical Rivlin

and Kendall formulations as special cases. In the present formulation, however, non-

classical finite stretching of the peel arm, modeled as hyperelastic, is also considered. The

applicability of such an analytical approach in the present case is discussed. Finally, some

concluding remarks close the paper in Section 5.

2 Experimental work

As illustrated in Fig. 1, a packaging material laminate usually comprises a number of layers

of different materials. The laminate’s adhesion properties can be quite cumbersome to

assess when performing peel testing on a complete packaging material laminate in which

several interfaces are present between the layers and where also damage processes, not

least in the fiber structure of the paperboard, can be expected to influence the test results.

To facilitate the present investigations, a specially designed laminate was manufactured at

Tetra Pak by extrusion. This custom laminate consists of a paperboard substrate about

450 µm thick, a thin adhesive layer, aluminum foil of 6.3 µm thickness, an ethylene acrylic

acid copolymer (EAA) adhesive layer of 4 µm thickness and a 13 µm thick metallocene-

catalyzed polyethylene (mPE) film, as shown conceptually in Fig. 2. The adhesive layer

and the mPE film have nearly identical mechanical properties, and together formed the

peel arm in the tests. The nominal thickness of the combined mPE+EAA peel arm is

17 µm.

To characterize mechanical properties, standard tensile testing was performed on stan-

dalone films of the peel arm material. A custom built load rig was used to perform peel

testing of the laminate material under in-situ peeling in a laboratory X-ray tomograph

as well as in complementary ex-situ peel tests. The different experiments are further

discussed in the following subsections.
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Figure 2: Sketch illustrating the different layers in the studied laminate material, with
dimensions in µm (not drawn to scale).

2.1 Tensile testing of the peel arm material

A number of tensile test specimens were produced from the peel arm material by chem-

ically removing the polymer film from the rest of the laminate. This was achieved by

separating as much of the aluminum foil from the paperboard as possible by hand, then

placing the foil and peel arm material in a bath of acetic acid. The acetic acid had a

concentration of 10 %, which was concentrated enough to weaken the adhesion, but not

to damage the polymer. The material was held in this bath for one week, after which

the adhesion between the peel arm and aluminum was weak enough that they could be

separated by hand without any tangible force. The polymer films were then dried at

23◦ C and 50% relative humidity in a climate controlled environment. Dog bone shaped

specimens were punched out from the free-standing polymer film and tested in a tensile

load frame. The average thickness of the peel arm material was 20 µm, somewhat more

than the nominal 17 µm of the mPE+EAA used in the peel test experiments.. The ten-

sile tests were performed at four different deformation rates: 10 mm/min, 50 mm/min,

100 mm/min and 500 mm/min. The results from the tensile tests are shown in Fig. 3.

A total of 6-9 tests were performed at each deformation rate and the error bars in Fig. 3

indicate the spread in the test data. Despite the quite wide span of deformation rates, it

appears that the rate dependence is negligible and the peel arm material can be treated

as rate independent for the remainder of the present study.
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Figure 3: Results from tensile testing of the peel arm material at different deformation
rates. The rate dependence is found to be negligible.

2.2 Peel test experiments

A peel test approach similar to a standard “German wheel” setup, for example defined

by the DIN 53357 standard, is employed. The present setup is, however, miniaturized

and designed to also permit in-situ testing with X-ray imaging. As illustrated in Fig. 4a,

for each test a strip of the laminate to be tested is attached to an aluminum wheel, of

diameter 2R = 20 mm and thickness 3 mm, using double-sided adhesive tape. The tape

was Tesa 64620, with a polypropylene backing, a thickness of 185 µm and a synthetic

rubber adhesive. The laminate samples were cut into 2 mm wide strips using a CNC

cutter and were mounted with the paperboard side facing the aluminum wheel. The

narrow (2 mm) width of the samples was chosen to facilitate a higher resolution during

the tomography acquisition. To mount the test specimen in the load rig, cf. Fig. 4b,

a part of the polymer film is manually peeled off to provide an initial peel arm that

can be clamped by the grip of the load rig. During testing, the grip is actuated by a

piezoelectric motor that pulls the peel arm downwards. Since the center of the wheel

is held fixed from translating in space, a 90◦ peel angle is maintained throughout the

test. The setup is convenient for in-situ imaging of the peel process, as the peel front

remains at approximately the same location in space throughout a test. Further, the

small dimensions of the test device allows the X-ray source and detector to be placed very

close to the sample and the clear PMMA tube housing allows the X-rays to freely pass

through the laminate sample being peeled, cf. Fig. 4b. Note that in Fig. 4b, the source

and detector are much further apart than in the actual experiments, to provide a clearer

view of the setup. During testing, the displacement is measured by the position sensor,

an optical encoder with a displacement resolution of 1.25 µm and an accuracy of ±3 µm,

on the piezoelectric LL06 motor manufactured by PiezoMotor. The peel force is obtained

from an LCDF-1KG load cell manufactured by Omega Engineering Inc. The load cell is

calibrated to a maximum force of 9.8 N with an accuracy of ±0.15% of full scale output.

The in-situ peel tests were performed in a Zeiss Xradia XRM 520 Versa at the 4D

Imaging Lab at Lund University, using 80 kV X-rays at 7 W power. As shown in Fig. 4b,
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Figure 4: a) Geometrical parameters defining the peel test. The polymer film has a width
b (normal to the paper) and a thickness h ≪ b. The film is attached to a wheel of radius
R. The film is peeled of vertically downwards by a peel force F and the peel arm obtains
a reduced thickness h′ < h. At the peel front, the film forms an angle ϕ with the wheel
and the free peel arm has a local radius of curvature ρ. b) The peel test device developed
for the present study with main components marked. The X-ray source is to the left, and
the CCD detector to the right of the test specimen. Note that during the experiment, the
source and detector are brought much closer to the device, to increase resolution. The
diameter of the PMMA tube is 20 mm.
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the peel test specimen is placed between the X-ray source and the CCD detector. The peel

test rig can be freely rotated around its vertical axis, allowing X-ray radiographs to be

acquired at different rotation angles. Many such radiographs from a full 360◦ rotation can

then be used for 3D reconstruction to provide a 3D image of the test specimen. During

acquisition of each X-ray tomography, the displacement of the peel arm was stopped and

held constant. The total acquisition time was about 1h 7 mins during which 1601 images

are obtained with an exposure time of 2.5 s. The final 3D images had cubic voxels of

dimension 3.2 µm.

During the tomography acquisitions, it was noted that relaxation occurred in the test

specimen, as shown by the drops in force seen in Fig. 5a. To investigate the severity of

relaxation during image acquisition, continuous peel tests were conducted to provide unin-

terrupted peel force versus displacement data. For calibration of the numerical simulation

model, a test series of 10 continuous peel tests was conducted ex-situ, i.e. outside the

X-ray tomograph. These results were also compared to the in-situ curves. The average

of the curves and the standard deviation is shown in Fig. 5b. The average force at the

plateau was 0.385 N, with a standard deviation of 0.03-0.06 N. These results are compared

with the in-situ force-displacement response, with stops for image acquisition, shown in

Fig. 5a. It can be noted that the plateau force level appears relatively unaffected by the

relaxation during the acquisition. It is emphasized that while Fig. 5a shows data from a

single peel test, Fig. 5b shows data averaged from a number of tests. For both the in-situ

and ex-situ tests, the displacement rate was 0.5 mm/min. Pure relaxation tests were also

performed by loading peel test specimens and then keeping the displacement fixed. The

registered force as function of relaxation time is shown in Fig. 5c. The force was increased

to 0.4 N before commencing relaxation and after 1h, the relevant time scale for the scans,

the force was below 0.2 N. The relaxation test was run for a longer time than shown in

Fig. 5c. Relaxation, although small, was observed also after 60+ hours.

A remedy to reduce the relaxation effects is to increase the acquisition rate, for example

by performing the in-situ peel tests at a synchrotron X-ray facility. This is part of ongoing

work.
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Figure 5: a) Force-displacement curve registered during an in-situ peel test. The force
drops at approximately 2.5 and 5 mm displacement correspond to the relaxation that
takes place in the peel arm and laminate during acquisition of the X-ray image. b) Force-
displacement curves registered during continuous peeling. The solid line is an average of
10 tests and the spread in the data is indicated by the error bars. c) Force-time response
during a relaxation test in the peel test load rig. The force is first increased to 0.4 N,
after which the relaxation test commences.
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Figure 6: Example images from in-situ peel testing using the methods and equipment
described in this section. a) Laminate seen from an angle. b) Laminate seen from above,
down along the peel arm.
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Figure 7: 2D image from the side of in-situ peel test. Same experiment as in Fig. 6.
The 2D view is from the middle section. a) Overview. b) Zoom-in of the peel zone, as
indicated by the red frame in figure a). An estimate of the opening angle φ is indicated
in figure b).

The images in Fig. 6 are obtained at 5 mm displacement, cf. Fig. 5a. From the

images in Fig. 6, some details about the delamination can be observed. It can be seen

that the delamination progresses in the shape of a thumbnail, i.e. the edges of the peel

arm delaminate prior to the center region. This appearance is consistent throughout the

tests and is mainly due to the transverse contraction of the peel arm and edge effects.

Furthermore, most likely, the integrity of the edges will be compromised by local damage

and pinching during cutting of the samples. Despite the continuous deformation caused by

relaxation during image acquisition, the image in Fig. 7a appears quite sharp, suggesting

that the motion was minor.

From the 2D side-view image in Fig. 7a, it can be seen that a nearly right angle

is maintained at the peel front, at least when viewed from a distance. Looking at the
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zoomed-in image in Fig. 7b, the opening angle ϕ, cf. Fig. 4a, is estimated to 35◦. The

zoomed-in image in Fig. 7b corresponds to the region marked by a red box in Fig. 7a. It

is also seen that the fracture remains adhesive between the peel arm and the aluminum

foil (appearing in white). This is consistent with observations made in other studies,

noting that the fracture mechanism can vary from interlaminar (adhesive) to translaminar

(cohesive) as the peel angle increases from 90◦ to 180◦ [15]. Further, as seen in Fig. 7,

the thickness of the stretched peel arm has been reduced to about 15 µm, from the initial

thickness of 20 µm. This thinning of the peel arm, as well as the transverse contraction of

the peel arm seen in Fig. 6, indicate the substantial peel arm deformation that is involved

during the present peel test.

In Fig. 8, it appears that the peel arm separated, which is a phenomenon observed in

some of the tests, with strands of adhesive sticking to the substrate. This seems to be due

to the peel arm splitting, which may happen since the peel arm is made of two materials

(EAA+mPE), cf. Fig. 2. In general, the peel force seems to reach a lower plateau in the

tests where the peel arm was split, which would indicate that the mode of failure has been

altered. Such observations are of interest as they indicate the uncertainties involved in

performing standardized macroscopic peel tests to assess adhesion properties. Depending

on the microstructural damage processes, quite different results are obtained. Fig. 6 also

reveals a wavy pattern on the interface between the aluminum foil and the peel arm.

This is one cause of the peel force oscillations seen in Fig. 5a and can be related to the

non-homogeneous adhesion properties reported in [20]. Oscillations of the peel force can

also be expected due to a stick-slip behavior, as noted in [4, 18].

a)
Peel arm

Al foil

b)

Residual adhesive

Al foil

Figure 8: Example images from in-situ peel testing a) Laminate seen from the side. b)
Peeling seen from above

3 Numerical simulation model

A numerical 3D simulation model is built using the commercial finite element software

Abaqus to recreate the peel test experiments. In the model, a sector of the wheel is

represented by a rigid analytic surface. The sector is spanned by the angle ϕ1+ϕ2 = 15◦,

as illustrated in Fig. 9a. The cohesive zone is spanned by the angle ϕ2 = 10◦. The wheel

surface is rigidly connected to the wheel center, at which the translational degrees of
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freedom are held fixed. To prevent numerical issues associated with rigid body rotation,

a small rotational stiffness, of 10−4 Nm/rad is added to the wheel center. The peel

arm is discretized using C3D20H 20-node brick elements with a hybrid formulation, to

avoid the element locking, which is a likely issue when considering (nearly) incompressible

materials. A total of 2, 24 and 108 elements are used through the thickness, across the

width and along the wheel perimeter, respectively. The aluminum foil is assumed to

be rigidly attached to the wheel, i.e. the aluminum foil and the paperboard are not

explicitly described in the model, they are only represented in terms of an offset in the

radial position of the peel arm material. The adhesive fracture region between the peel

arm and the substrate is modeled using a cohesive surface model. A bi-linear traction-

separation law, shown in Fig. 10 is employed. This model is defined by three parameters:

the fracture energy Gc, the peak traction t0 and the separation at full cohesive failure,

δ0. However, due to the bilinear formulation, only two of these parameters need to be

calibrated to fully define the traction-separation behavior. In the present case, Gc and

t0 are used for calibration against the experimental results. It can be noted that bilinear

traction-separation laws have been used for similar purposes in, for example, [2, 3, 14].

A penalty-based contact condition is prescribed between the peel arm and the wheel to

avoid nonphysical penetration of the polymer through the aluminum foil/wheel surface.

Peeling is achieved by prescribing a vertical displacement u of the free end of the peel

arm, as illustrated by the sequence of pictures in Fig. 9. After a couple of time steps, cf.

Fig. 9b, the peel arm attains a 90◦ angle with respect to the wheel and the actual peel test

simulation can commence by prescribing further vertical displacement of the free end of

the peel arm, cf. Fig.9c. This method of peel force application is similar to the approach

used in the 2D peel test model used in [19].

a) Initial state

Cohesive
zone

20 µm

10.6 mm

Peel
arm

ϕ1

ϕ2

x

y

z

F , u

b) Start of peeling

x

y

z

F , u

c) Peeling

x

y

z

F , u

Figure 9: Schematic side view of three consecutive stages (a-c) of the 3D finite element
peel test model used for the simulations in the present study (not drawn to scale).
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Traction, t

Separation, δ

t0

δ0 δmax

Gc

Figure 10: Bilinear traction-separation law for mode I loading.

In line with [12, 13], a Van der Waals hyperelastic model is adopted for the peel arm

material. Assuming incompressibility, the strain energy potential function for this model

has the format

Ũ (I2) = µ

{
−
(
λ2
m − 3

)
[ln (1− η) + η]− 2

3
a

(
I2 − 3

2

)3/2
}
, η =

√
I2 − 3

λ2
m − 3

(1)

where I2 = λ−2 + 2λ is the second invariant of the left Cauchy-Green tensor and λ is

the stretch. Under uniaxial loading, the nominal strain ε provides the stretch λ = 1 + ε

and Eq. (1) yields the nominal stress as

σ(λ) =
∂Ũ

∂λ
= µ(1− λ−3)

(
1

1−η
− a

√
I2−3
2

)
(2)

The constitutive model for the peel arm material is fitted, using a least-squares fitting

procedure, to the average of the tensile test data shown in Fig. 3. From the calibration

procedure, the locking stretch λm = 5.28, the interaction parameter a = 0.53 and the

shear modulus µ = 16.8 MPa were identified. The calibrated model response is shown

together with the experimental data in Fig. 11.
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Figure 11: Uniaxial tensile response of the Van der Waals hyperelastic model (solid line),
fitted to the averaged tensile test data from Fig. 3 in Section 2.1 (dashed line).
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4 Evaluation of experimental data and simulations

The aim of establishing the numerical model is to evaluate the forces, deformations and

energies involved during continuous peeling. Fig. 12a shows the peel force versus peel

arm displacement obtained in the simulations and Fig. 12b shows the force-displacement

response obtained in the peel test experiments, cf. Section 2.2.

Compared to the experiment, the model is significantly stiffer, as evident from the slope

of the curve in Fig. 12a. This is mainly due to the fact that the substrate is modeled as a

rigid surface. Experimentally, there is some compliance in the substrate, especially since

the paperboard is weakest in the out-of-plane direction. The adhesive tape used to attach

the laminate to the wheel also adds some compliance. However, the present focus lies on

the continuous peeling, i.e. the force plateau, which is well captured by the model, rather

than the initial stage of peel arm formation and deformation. The model calibration was

achieved using a fracture energy Gc = 210 J/m2 and a peak traction t0 = 7.5 MPa.
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Figure 12: a) Force-displacement response of calibrated cohesive zone model. b) Force-
displacement response of experiments, cf. Fig. 5b.

In Fig. 13, different energy quantities are extracted from the simulated peel test and

the partition of the external work into peel arm strain energy and fracture energy can be

seen. In the force-displacement data from the simulations, Fig. 12, a small bump in the

force can be noticed after about 0.5 mm. A close comparison with the energies in Fig. 13

reveals that the strain energy is also lowered at around the same displacement, while the

damage energy increases more steeply than before. This also seems to correspond to a

number of elements simultaneously detaching from the substrate. Hence, it seems that

during the first delamination, some of the stored elastic energy is dissipated in damage

initiation. After that, the system reaches a steady-state with a more stable peak load,

but with small fluctuations due to stick-slip behavior.
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Figure 13: Energy distribution between strain energy and damage energy, as part of total
supplied work in cohesive zone model.

It can be seen in Fig. 13b that, after less than 1 mm, the damage energy surpasses

the strain energy. This is due to the fact that a greater number of the elements have

delaminated, since the energy is summed up for the whole model, but it is also seen that

the damage energy increases more quickly than the strain energy. In the early stages

of loading, most of the supplied energy goes into strain energy (except small damping

energies) with no damage dissipation, until damage becomes dominant.

In addition to calibration of the simulated peel force plateau level, the geometry of

the peel arm is also of interest for model calibration. Fig. 14 shows an overlay of the

simulated peel arm geometry, represented by red lines, onto the geometry observed by X-

ray tomography. A reasonable agreement is obtained. The opening angle for the numerical

model is estimated to 53◦. This is more than the 35◦ measured experimentally, but there

is a qualitative agreement between the shapes and an exact determination of the opening

angle is hard to achieve, in simulation output and tomography images alike. The thickness

of the peel arm is reduced from 20 µm to about 17-18 µm, indicating that the thickness

reduction is somewhat underestimated compared to the experiment.
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Wheel

Adhesive tape

Paperboard

Al foil

Peel arm

Figure 14: Side view of the peel test. The red lines represent the simulated peel arm
geometry, overlaid on top of the experimental X-ray image.

A close-up of the simulated peel front is shown in Fig. 15, where the peel arm has

been peeled downwards in the vertical direction. The wheel is indicated for visualization

purposes. It is seen that the crack front is curved, with the edges damaged further ahead

from the peel front than the center of the peel arm. This agrees with the peel front shape

that can be seen in the tomography image in Fig. 6.
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Wheel

Unpeeled laminate

Peel arm

Fully damaged

Undamaged

Figure 15: View of the peel front. The peel arm is pulled downwards. The colors indi-
cate the damage in the cohesive zone, with red elements having failed and blue or green
elements having a lower degree of damage.

The damage variable (Abaqus output CSDMG) and axial stress (in the peeling direc-

tion) are measured across a set of nodes spanning the width of the sample. The nodes are

chosen along a line close to the initial peel front. A damage value of CSDMG = 0 means

the interface is undamaged while a value of CSDMG = 1 means the adhesion is completely

lost. The quantities are measured at two points in time during the simulation, indicated

by red marks in Fig. 12a. The first point in time (point a in Fig. 12a) corresponds to when

damage has just initiated at some of the nodes and the second time (point b in Fig. 12a)

is when the system has reached a steady state and all of the nodes in the traced set have

failed (CSDMG = 1).

The damage variable CSDMG and the axial stress across the width of the sample

are shown in Fig. 16. It is again seen that the edges are damaged first. A somewhat

surprising finding is the higher stress and corresponding damage in the center compared

to the material between the center and the edges in Fig. 16a and b. This is likely due

to the uneven deformation (transverse contraction) of the peel arm. When the damage is

fully developed, which is shown by the damage variable being 1 across the whole width

in Fig. 16c, the stress profile is parabolic with a peak in the middle. Hence, as peeling

initiates, the edges are damaged first due to higher stresses in these regions. Due to being

damaged first, the edges subsequently delaminate first, leading to a lower stress along the

specimen edges.
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Figure 16: a) Damage variable as function of position along width when damage starts.
b) Stress in the vertical direction as function of position along width, at the same state
as in figure a). c) Damage when the force has reached a plateau corresponding to point b
in Fig. 12a. d) Stress in the vertical direction at the same state as in figure c).

4.1 The macroscopic view on adhesive fracture energy

To complement the numerical simulations, an analytical model of the peel test process is

established in this section. In a typical peel test, a strip of width b and thickness h ≪ b

is peeled off from a rigid substrate as illustrated in Fig. 17. The length of the peel arm

and the length of the adhesive fracture zone is here denoted by l and a, respectively, and

the film is peeled at an angle θ from the substrate. When the peel angle θ is increased

from θ = 0◦ to θ = 90◦, the fracture mode changes from pure mode II (in-plane shear) to

pure mode I (tensile). Following the arguments in [9], it can be noted that a mixed mode

analysis for 0 < θ < 90◦ is usually not called for and consideration of only mode I loading

usually suffices. This is also the viewpoint adopted in several studies on peeling of thin

polymer films, for example in [15].
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Substrate

Thin film

Figure 17: Schematic illustration of peeling of a thin film from a rigid substrate. The
film, of width b and thickness h ≪ b, is peeled of by a force (vector) F at an angle θ from
the substrate, which is assumed to be rigid. The displacement of the end of the peel arm
is denoted by the vector u. The length of the adhesive fracture zone and the length of
the stretched peel arm is denoted by denoted by a and l, respectively.

To identify the adhesive fracture energy release rate Gc, an energy balance can be

established as

Gc bȧ = Ẇ − U̇ − Ḋ (3)

where W is the external work done by the peel force F with magnitude F , U is the strain

energy stored in the peel arm and D ≥ 0 is the energy dissipation. A superposed dot

denotes differentiation with respect to time. The external work power can be evaluated

from the vector product between the peel force and the rate of displacement, to provide

Ẇ = F · u̇ = F
(
l̇ − ȧ cos θ

)
(4)

where l is the length of the peeled-off strip and θ the peel angle. Combining eqs. (3) and

(4) yields

U̇ +Gc bȧ = F
(
l̇ − ȧ cos θ

)
− Ḋ (5)

Next, a finite strain setting is assumed and the polymer film constituting the peel arm is

in the present case modeled using a constitutive model assuming an isotropic, hyperelastic

and incompressible material behavior, as discussed in [5]. Under uniaxial tensile loading

of the film, the stretch ratio λ = l/a can be identified and the elastic strain energy

density can, quite generally, be expressed as Ũ = Ũ(I1, I2), in terms of I1 = λ2 + 2λ−1

and I2 = 2λ + λ−2, being the first and second invariants of the left Cauchy-Green strain

tensor. At this stage, the stored energy can be evaluated as

U = bh

∫ a

0

Ũ(λ)ds (6)

This strain energy can now be inserted into the energy balance in eq. (5) to provide

abh
dŨ

dλ
λ̇+ bhŨ ȧ+Gc bȧ = F

(
l̇ − ȧ cos θ

)
− Ḋ (7)

With λ = l/a, eq. (7) can be further recast into

bh
dŨ

dλ
l̇ − bh

dŨ

dλ
λȧ+ bhŨ ȧ+Gc bȧ = F

(
l̇ − ȧ cos θ

)
− Ḋ (8)
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Noting that the nominal uniaxial stress in the peel arm is provided by

σ(λ) =
dŨ

dλ
=

F

bh
(9)

the energy balance in eq. (8) can be stated as

[
bhŨ + F (cos θ − λ) +Gc b

]
ȧ = −Ḋ ≤ 0 (10)

For ȧ ≥ 0, a positive dissipation is ensured by

Gc =
F

b
(λ− cos θ)− hŨ(λ) (11)

The resulting adhesive fracture energy release rate obtained in eq. (11) is a general for-

mat, also applicable to dissipative materials. It can be noted that if the stretch λ = 1

throughout the peeling, then Ũ = 0. This corresponds to the situation of a rigid peel arm

material as considered in the classical Rivlin model [17], which appears as

GRivlin
c =

F

b
(1− cos θ) (12)

In addition, if small elastic strains ǫ ≪ 1 in the peel arm are assumed, then λ = 1+ ǫ and

the strain energy density appears as

Ũ =
1

2
σǫ =

1

2

F 2

E(bh)2
(13)

where E is the elastic Young’s modulus of the peel arm material. Using eq. (13) in eq. (11)

results in the often used Kendall model [7], having the format

GKendall
c =

1

2

F 2

Eb2h
+

F

b
(1− cos θ) (14)

Obviously, for an infinitely stiff peel arm, E → ∞ and the first term on the right-hand

side of eq. (14) vanishes and the Rivlin model in eq. (12) is again recovered.

As shown in [5], the different models of the adhesive fracture energy release rate are

related as

GRivlin
c ≤ GKendall

c ≤ Gc (15)

According to eq. (15), the Rivlin model can be expected to provide a lower-bound estimate

of the adhesive energy release rate.

It can also be noted that the energy balance provided by eq. (3) corresponds to the

one used by Kinloch et al. in [9], with the dissipation D containing contributions from

plastic bending close to the peel front. It is, however, shown in the peel experiments on

thin low-density polyethylene (LDPE) films conducted in [15], that the energy dissipated

in the bending deformation is two orders of magnitude smaller than the peel energy, also

for an extreme peel angle of θ = 180◦. A similar conclusion is arrived at in [12] where the

combined plastic dissipation from bending and stretching of the peel arm is calculated to

be about one order of magnitude lower than the fracture energy. The conclusion drawn
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in [15] is that the energy dissipation due to bending during peeling of a thin polymer film

can be neglected. The same viewpoint is adopted also in the present work and the plastic

dissipation will not be distinguished as a separate component.

Using eq. (11) and rewriting the hyperelastic potential in terms of the stretch λ, the

fracture energy for this model at a peel angle θ = 90◦ becomes

Gc =
Fλ

b
+ hµ

{
(λ2

m − 3)(ln(1−
√

2λ+λ−2−3
λ2
m−3

) +
√

2λ+λ−2−3
λ2
m−3

) +
2a(λ+ 1

2λ2
− 3

2
)3/2

6

}
(16)

A comparison of the different fracture energies (Rivlin, Kendall and the calibrated

van der Waals model) for the range of stretches 1 ≤ λ ≤ 2 is shown in Fig. 18. The

calculations are based on the experimental average force F = 0.385 N and a peel arm

width of 2 mm.
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Figure 18: Fracture energy according to Rivlin (green), Kendall (red) and van der Waals
(blue) model, respectively.

The maximum strain in the pulling direction just before fracture initiates is around

12.05% and when the first nodes reach total failure, around 43.68 %. Using the first value

λ = 1.1204, Gc is estimated to 209.5 J/m2 from eq. (16) (van der Waals), 204.1 J/m2

from eq. (14) (Kendall) and 192.5 J/m2 from eq. (12) (Rivlin). The fracture energy Gc

was thus reasonably well estimated by these macroscopic models. Since the value used

in the finite element model is 210 J/m2, all of the expressions for the fracture energy

give good approximations, to the right order of magnitude. The Rivlin model somewhat

underestimates Gc, while the Kendall and van der Waals equations are in closer agreement.

Thus it seems that the fracture energy can be predicted analytically and that the van der

Waals model in eq. 16 gives the best prediction.

5 Concluding remarks

Peel testing of a packaging material laminate has been performed using a newly developed

peel test load frame. The experimental setup makes it possible to perform 90◦ peel tests

under in-situ loading in a laboratory X-ray tomograph. The laminate considered in the
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present study consists of paperboard, an aluminum foil, an adhesive layer and a thin mPE

film that constitutes the peel arm. The experimental results are analyzed and compared

to analytic models as well as to 3D finite element simulations, based on a cohesive zone

model of the adhesive fracture region.

Relaxation occurs during X-ray scanning, but it is still possible to obtain images of the

peeled state. It is found that the delamination progresses in a thumbnail fashion, where

the edges delaminate slightly earlier than the middle, a pattern which is maintained in

the steady state peeling. This is confirmed experimentally by several in-situ peel tests

and is likely due to transverse contraction, and to a minor extent due to artifacts from the

sample preparation. This result is also seen when running numerical simulations with a

cohesive zone model of the interface and a hyperelastic, almost incompressible, model for

the peel arm material. The demonstrated experimental setup can be used for further in-

situ studies, e.g. investigating the effect of different peeling rates, not just for macroscopic

effects, but also to investigate and better understand the microscale mechanisms of peeling.

The tomography images provide new 3D insights, into the evolution of the deforma-

tion zone during peel testing. As examples, non-homogeneous adhesion behavior as well

as occurrence of adhesive as well as cohesive damage is indicated. This motivates further

detailed studies to link macroscopically measured adhesion data to actual microscale dam-

age mechanisms. The experimental, numerical and analytical tools proposed in this study

provide the tools to pursue such studies. The experiments can also be used for calibration

of a numerical model, with both the force and geometry acting as benchmarks. Thus the

experiments can aid modeling efforts with more data than traditional macroscopic peel

tests.

The analytical models can give a first estimate of the fracture energy to be used for the

numerical model. In this work, the strain just before fracture was estimated from results

obtained with the numerical model, but a future study could use experiments to estimate

this strain. An interesting approach to estimate the strain in the peel arm experimentally

is to use Digital Volume Correlation (DVC) for the peel arm material. The fracture energy

can then be estimated with the analytical models based on the measured strain at the

peel front just before fracture. The strain field obtained from DVC could potentially also

be used as a calibration target. An investigation into the possibility of using DVC for the

peel arm material is part of ongoing work.
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