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Popular Scientific Summary

The automotive industry has been dominated by internal combustion engines for more than
a century. At the early days of motorized road transportation, both electric and petrol driven
cars was built. However, with the easily accessible and energy dense fuel, the electric cars
eventually became obsolete in favour of those driven by petrol. As the global warming has
become a topic of increased concern, the locally emission free electric propulsion alternative
has resurrected as a technology worth looking into.

The electric machine, being a transformer between electrical and mechanical power, has
been around since the first half of the 19th century. When transforming from electric to
mechanical power, the machine works as a motor. When energy is transformed the other
way the machine functions as a generator. Either way, this is achieved with a magnetic
field in the stator interacting with another in the rotor. Although being more efficient than
a combustion engine, the waste product is still heat that needs to be dissipated. Motors
have been common in e.g. manufacturing plants for a long time and the same goes for
generators in different kind of electrical power plants. The nature of an electric machine is
hence not only opening for the possibility of more energy efficient propulsion, but also to
recover energy while braking.

As the electric traction machine is entering the vehicles again, the seemingly mature tech-
nology is faced with a number of new challenges. One of the most basic and important
ones is the fact that the machine has to be able to fit in the vehicle and still provide suffi-
cient power. This is pushing the limits of the power density and related to that, the cooling
capability and efficiency. Maximum power requested from the machine is during acceler-
ations and retardations (the machine works as a generator while breaking) or when driving
uphill. This sets the peak power requirement. Since less power is needed to run a vehicle at
constant speed, average power is lower than during accelerations and retardations. Average
power is often referred to as continuous power. The span between peak and continuous
power is therefore generally large. This differ from a typical non-automotive setting, such
as in an electric power plant or in a fan. Above all of this, cost is a strictly limiting factor
and must be kept low in order to obtain a viable machine.

One way to address the concerns of increased power density and reduced cost is to look into
increased rotational speeds. Since power is equal to torque times rotational speed, which
allows for lower torque without compromising on the power. This can be compared to
riding a bicycle at different gears. At a high gear when the pedals are moving slowly, the
biker has to have big muscles to convey the bike. With a lower gear, the pedals rotate faster
with less muscle force. Hence a slimmer person can take over the handlebar. And as with
the bikers, lower torque means a smaller machine meaning that both the power density and
the material cost will benefit.
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This research project is on designing an electric machine intended for heavy commercial
vehicle applications such as trucks and buses. This includes studying how the machine is
used in the vehicle in order to obtain the restrictions and requirements on the machine. A
simulation environment is used to design the machine and a prototype is built to verify the
performance. Focus throughout the project is also to gain understanding and knowledge
relevant when designing a machine for these specific applications. This applies both on
the vehicle side as in what happens if one of the requirements is not fulfilled and also on
the machine side in terms of the impact of a specific requirement from the vehicle. Some
more in depth studies are also performed. These are on various kinds of loss contributors or
unwanted heat sources in the machine, along with a study on the consequences of twisting
or skewing the machine slightly. This to obtain a more smooth power output from the
machine.

The resulting machine has the shape of a cylinder about as wide as the short end of an
A4 paper (i.e. slightly more than 20 cm), is 40 cm long and capable of providing around
100 kW continuously and up to 180 kW for shorter periods of time. This corresponds to
around 240 break horse powers that can be used during accelerations and retardations and
almost 140 break horse powers that can be used for as long as energy is provided. This
means that the machine is capable of propelling a medium sized truck or bus. In a multiple
configuration, a heavy-duty truck can be propelled.
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Populärvetenskaplig Sammanfattning

När de första motordrivna fordonen började ge sig ut på vägarna i mitten av 1800-talet
var det lika vanligt med elektrisk framdrivning som med förbränningsmotor. Efterhand
som resorna blev längre blev fördelen med att snabbt kunna tanka bilen mer uppenbar. I
början av 1900-talet, när den elektriska startmotorn dessutom gjorde bilarna mer användar-
vänliga, slog pendeln över till bensin- och dieselbilarnas fördel. Nu, ett sekel senare, i och
med debatten kring global uppvärmning har elbilen återuppstått som ett mer miljövänligt
alternativ.

Elmaskinen uppfanns i början av 1800-talet och kan ses som en omvandlare mellan meka-
nisk och elektrisk effekt. Tekniken bygger på att elektrisk ström i en ledare omges av ett
magnetiskt fält och omvänt, att ett magnetiskt fält som passerar en ledare skapar elektrisk
ström. Den mekaniska rörelsen uppstår av att magnetiska nord- och sydpoler attraherar
varandra. Om en elektrisk ström skapar en mekanisk rörelse, t.ex. driver en fläkt, arbe-
tar elmaskinen som en motor. Omvänt kan en mekanisk rörelse, t.ex. en vind som driver
runt fläktbladen”i ett vindkraftverk, skapa elektrisk ström. Då kallas elmaskinen för en
generator. Alla elmaskiner fungerar alltså både som motor och generator. Restprodukten
från energiomvandlingen är värme som behöver kylas bort. Förutom att elmotorn är mer
energieffektiv än en förbränningsmotor, kan elmotorn alltså drivas som en generator vid
inbromsningar och därmed ta tillvara på en del av rörelseenergin för att ladda batterier-
na. På så sätt minskar fordonets totala energiförbrukning ytterligare, jämfört med om det
framförs med en förbränningsmotor.

När elmaskinen nu åter ska användas för framdrivning i bilar, uppstår några nya krav. Det
kanske viktigaste, men samtidigt mest självklara, är att elmaskinen måste få plats i det ut-
rymme där den ska sitta. Den måste dessutom ha effekt nog för att kunna driva fordonet
framåt, vilket skapar krav på hög effekt-täthet, d.v.s. hur mycket effekt det går att få ut per
volymenhet. I samband med det krävs också hög verkningsgrad och god kylning. Högst
effektuttag, då elmaskinen får arbeta som mest, uppstår vid accelerationer, i uppförsbackar
och vid inbromsningar (då elmaskinen fungerar som en generator). Ju mer effekt som kan
tas tillvara vid en inbromsning, desto mer kan batteriet laddas. För att köra i konstant has-
tighet krävs inte lika mycket effekt, vilket gör att den genomsnittliga (eller kontinuerliga)
effekten ofta är klart lägre än maxeffekten. Spannet mellan kontinuerlig- och maxeffekt
är därför generellt större än för historiskt vanliga tillämpningar såsom t.ex. i fläktar eller i
elkraftverk. Utanpå detta finns det också ett ständigt överhängande krav på att hålla nere
kostnaden.

Ett sätt att höja effekttätheten och samtidigt få ner kostnaden är att öka elmaskinens varv-
tal. Eftersom effekt är lika med vridmoment multiplicerat med varvtal kan vridmomentet
därigenom sänkas med bibehållen effekt. Detta kan jämföras med att kunna växla på en
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cykel. Med en hög växel, när pedalerna går långsamt behövs mycket muskelstyrka för att
föra cykeln framåt. Genom att växla ner, kan tramporna drivas runt snabbare med mindre
kraft på pedalerna och en mindre stark person kan därför ta över tramporna. På samma sätt
som för cyklisten betyder ett lägre vridmoment att elmaskinen kan göras mindre. Eftersom
samma effekt kan tas ut ur en mindre maskin, ökar effekttätheten samtidigt som mindre
materialåtgång leder till en lägre kostnad.

Forskningsarbetet som presenteras här behandlar design av en elmaskin avsedd för fram-
drivning av tunga fordon, såsom lastbilar och bussar. Fokus genom arbetet är att skapa
kunskap och förståelse kring vad som är viktigt för en elmaskin i dessa specifika tillämp-
ningar. Som ett första steg genomförs studier av hur elmaskinen ska användas, dels för att få
en bild av de kravspecifikationer som ställs och dels för att förstå vilka begränsningarna är.
Det skapar också en viss förståelse för vilka krav som är viktiga för fordonet och vilka som
mer har en karaktär av att vara önskvärda. Designarbetet av elmaskinen görs i en datasimu-
leringsmiljö och när önskad prestanda uppfylls, tillverkas en prototyp. Denna används för
att verifiera simuleringsresultaten samt för några mer djupgående studier. Dessa behandlar
förlustkällorna i en elmaskin och hur de bidrar till de totala förlusterna, samt även en analys
på konsekvenserna av att implementera en liten vridning (så kallat ”skewing”) i elmaskinen.
Detta är något som görs för att få ett jämnare vridmoment och därmed en mindre skakig
rotation.

Resultatet av designarbetet är en 40 cm lång, cylinderformad elmaskin med ungefär samma
bredd som kortsidan av ett A4-papper (dvs strax över 20 cm) och som kan leverera runt
100 kW kontinuerligt och uppemot 180 kW under kortare perioder. Detta motsvarar cirka
240 hästkrafter som kan användas vid accelerationer och inbromsningar, samt nästan 140
hästkrafter som kan användas så länge som det finns energi att tillgå. Detta innebär att
den uppfyller de krav som ställs för att kunna driva en buss eller en medeltung lastbil. I
en uppsättning med flera elmaskiner kan den även användas för att driva de allra tyngsta
lastbilsekipagen.

x



Chapter 1

Introduction

As the trend towards electrification is moving rapidly within the automotive industry, so
must the development of the key components. One obvious key component is the elec-
tric machine propelling the vehicle. Despite the electric machine being a seemingly mature
component, the demands from the evolving market are consistently challenging the bound-
aries. Cost and size must be reduced while power and power density must be preserved and
increased. The load profile with a large span between continuous or average power and
peak operation is also different to a typical industrial application.

With the machine becoming an important component in the propulsion of vehicles, there
is a need to know both sides. In one end the possibilities and limitations of an electric
machine should be fully mastered. In the other, the requirements from the application
have to be understood. It is important to know which of the desired properties that are
dimensioning and drive the cost of the machine. At the same time, it is also important
to be able to distinguish between absolute requirements and nice to have features in the
vehicle. Without proper knowledge within both the relevant fields, this tend to be floating.
This is something that might result in an under dimensioned or unnecessarily expensive
component.

The focus of the present thesis is on the electric machine design with consideration to a
hybrid electric powertrain intended for a heavy commercial vehicle such as a truck or a
bus. The machine design is based on the requirements of such an application with focus
on fulfilling the peak power demands and reducing the physical size. This is done in order
to reduce the bill of material, but more importantly to ensure the possibility to mount the
machine within the available space in the vehicle. The design procedure, machine build
and initial testing is reported in a Licentiate thesis [1]. There, the focus was on a general
level rather than on in depth analyses.
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Post-licentiate work is to some extent shifting focus to a more detailed level on some import-
ant aspects. This includes: a) skewing, torque ripple and harmonics, b) power losses and
loss separation and c) thermal aspects with focus on thermal dependencies. The thermal be-
haviour is considered in order to improve the modelling accuracy during the design process.
Skewing is implemented in order to reduce noise and wear in the connecting mechanical
gear transmission. The effect on the torque ripple in the machine is studied. Finally, the
losses present in the machine is studied a bit deeper. The main focus here is on the speed
dependant mechanical- and stator iron core losses, but attention is also directed towards
the losses in the rotor and windings.

1.1 Background

At the time when the work behind this thesis was started, focus on electro-mobility was
directed towards hybrid electric vehicles. This was valid for both the focus of the work,
and for the entire automotive industry. As the time has progressed, the rapidly moving
electro-mobility segment has shifted more towards pure electric drive-lines. This applies
especially for city applications such as distribution and refuse trucks and city buses, but
to some extent also for regional and long haul applications. Consequently, the focus of
the work behind this thesis has turned somewhat as well. Although the component can be
shared and many similarities can be seen, some details need to be addressed a bit differently.

The performance requirements set up for a hybrid electric application are in the same range
as those needed to fulfil also the requirements of a fully electric powertrain. When skew-
ing of the stator primarily is discussed and implemented, focus is on reducing the noise
and wear in the gear drive connecting the machine to the conventional powertrain. A
contributing factor for why skewing is implemented is also the way the machine is inten-
ded to be mounted on an already existing, high volume production transmission. Due to
a limitation in torque on the shaft at which the machine is connected, the reduction in
torque due to skewing is considered less significant. Regardless if skewing is implemented
or not, compared to the internal combustion engine (ICE) the torque ripple of a well de-
signed permanent magnet machine is marginal. In a fully electric application on the other
hand, torque ripple should be avoided to prevent inconvenient oscillations during for ex-
ample tough accelerations. On the other hand, when being the sole propulsion source,
the reduction in peak torque should be valued differently compared to in a hybrid electric
powertrain.

Another slight shift in focus is related to the efficiency of the machine. In a hybrid electric
application, the electrification itself is providing a significant reduction in fuel consump-
tion. The recuperated energy during decelerations makes more difference than the actual
efficiency of the electric machine. As long as it is decently high, the efficiency makes less of
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a difference on how often the vehicle needs to be refuelled. In a fully electric powertrain,
the efficiency of the machine is more decisive for the range. An improved efficiency could
mean some extra distance travelled or a reduction in system cost. This due to a possibility
to slightly reduce the size of the energy storage. Consequently, as focus shift from hy-
brid electric to fully electric applications and the efficiency climbs on the agenda, a better
understanding of the losses in the machine becomes more important.

Should the internal combustion engine be removed also in long haul applications, the speed
range becomes a bit more important. Playing the second fiddle, the electric machine speed
needs to relate to the optimal speed of the engine. When playing alone, running the ma-
chine at higher rotational speeds more continuously is a more likely operation point. Since
constant vehicle speed requires less power compared to accelerations, the torque request at
these conditions is comparably low. This way, the speed dependant, part-load operation
points becomes more important to keep in mind.

1.2 Objectives

1.2.1 Purpose

The main objective is to reduce the knowledge gap between the automotive industry and
one of the key powertrain components; namely the electric machine. The thesis addresses:

• Machine specification from an application and system perspective with the know-
ledge on machine design challenges

• A machine design process, involving model and material/production databases versus
design outcomes

• Evaluation and analysis with focus on selected/important aspects on design evalu-
ation process

This is done with focus on a machine suitable for electric propulsion of heavy commercial
vehicles such as buses or trucks. One such electric machine is the permanent magnet syn-
chronous machine. A part of the work is also to improve the simulation environment used
in the design process.
The purpose of this first half of the project is also to be the base for a thesis for the degree
of Technical Licentiate.

As the prototype is built and verified against the simulation results, some more detailed
studies are performed. These studies are on the whereabouts of:
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• How the operating temperature affects the performance and behaviour of a perman-
ent magnet synchronous machine.

• How skewing affects the torque generation in an electric machine. This includes both
the desired torque and the unwanted torque ripple due to cogging and harmonics in
the electromagnetic torque.

• How relevant loss contributors in an electric machine are generated, distributed and
modelled. This with the purpose to both obtain a more accurate prediction on the
losses, but also to enlighten the difficulties in achieving just that.

The purpose of this second half of the project is also to be the base for a thesis for the degree
of Doctor of Philosophy.

1.2.2 Method

In order to perform the tasks defined in the previous subsection, different relevant simula-
tion environments are first utilized. This includes modelling and simulation in Matlab and
Matlab/Simulink to generate a list of requirements on a traction machine for the intended
application. The electromagnetic design of the machine is developed with a design tool [2]
developed at the department of Industrial Electrical Engineering and Automation (IEA) at
the Faculty of Engineering (LTH) at Lund University. This tool makes use of a two dimen-
sional finite element (FE) modelling software controlled with a script that is generated in a
Matlab environment. When the FE simulations are completed, post precessing is done in
Matlab as well. Running the simulations from Matlab opens for sweeping the design para-
meters, allowing for a vast number of machine designs to be simulated in a semi automatic
fashion.

When the machine design fulfils the defined requirements, a prototype is built and used
in the analysis work. By adopting the post process environment in the design tool, deeper
analyses of various kinds are made possible. This includes the response to increased tem-
perature in the permanent magnet machine and how skewing affects the torque and torque
ripple. The implemented improvements are verified with measurements on the prototype.

Loss separation is achieved with a temporary re-build of the prototype machine. The rotor
with its permanent magnets is replaced by a dummy version entirely made of steel. In this
way, the parts of the speed dependant losses with mechanical and aerodynamic origin are
separated from the iron losses. This is otherwise difficult to achieve since the losses induced
in the iron core by the permanent magnets behave similarly as those associated to friction
and windage. The underlying theory behind the speed dependant losses is consulted in the
subsequent analysis work. When the various loss contributors have been investigated and
mapped, focus is widened to include the complete machine.
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1.3 Contributions

The contributions in the present thesis, besides the personal development and experience
gained by the author, are related to the development of a permanent magnet synchronous
machine intended for electric propulsion of heavy commercial vehicles. With this thesis,
a compilation of a number of studies is presented with the intention to be used as a guide
for those working with design of electric propulsion machines. The contributions in the
concerned topic are listed here:

• In combination with [1], aspects important to consider in an electric machine design
process are described in detail. This includes:

– Electromagnetic aspects related to e.g. the shape of the stator and rotor together
with the selection of material.

– Mechanical strength evaluation of the rotor in order to cope with the centrifu-
gal forces, both within normal operating range and in over speeding events.

– Evaluating the manufacturability of the design in order to ensure a practicable
electric machine build.

In addition to this, aspects important to consider when working on a traction ma-
chine for heavy vehicles are covered as well. This implies in particular the limited
geometrical space and the interaction with the existing heavy vehicle drive train.

• In combination with [1], a documented complete sequence of specification – design
– manufacturing – testing of a traction machine intended for a heavy vehicle applic-
ation.

• Further evaluation of an alternative test method, so called ”dynamic testing”, to the
traditional bench testing, when characterizing electric machines.

• Further development and verification of the design tool used at the department at
Lund University. This includes:

– A thermal dependency model of the magnetic properties, verified by measure-
ments.

– An analytical approach to take the mechanical strength of the suggested rotor
design into account.

– A well documented model on implementing skewing in the design stage of the
permanent magnet synchronous machine, verified by measurements.
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• A thorough review on how skewing affects the performance of an interior permanent
magnet synchronous machine (IPMSM). The definition of the load dependant, so
called ”apparent skewing factor” describes the influence on the torque output from
a skewed machine. It is also stated that and explained why the torque is affected
differently in different parts of the load map. The typical operating region in the
dq-reference frame of a traction machine is compared to the apparent skewing factor
in order to illustrate the impact of skewing on such a machine application. Together
with a study on how the linked magnetic flux is affected, the analysis is also to some
extent able to predict that skewing should impact the efficiency of the IPMSM.

• An overview of losses present in a permanent magnet synchronous machine, includ-
ing loss torque from mechanical- and iron core losses, rotor losses and losses in the
stator windings. The study is providing input to how the losses typically are distrib-
uted in a corresponding electric machine. The result can also be used to indicate
where to put the effort when analysing the losses in a permanent magnet synchron-
ous machine.

• A list of a number of different mechanical loss contributors that can be found in
an electric traction machine. The analytical models are to some extent verified with
measurements. This work can be used for estimating the order of magnitude of the
mechanical losses in similar machine designs.

• An in depth review of the speed dependant losses in the stator iron core in a perman-
ent magnet synchronous machine. The origin of the iron losses and how different
manufacturing processes and machine controls can affect the iron losses are compiled
and described. A detailed description on a suggested alternative way to establish the
iron losses from on load machine testing is presented. An example is given on how
the iron loss model can be adjusted to provide a more accurate prediction. This is
based on simple roll-out tests.

• Throughout the work that provides the basis for the above mentioned contribu-
tions, a functional prototype capable of propelling a heavy commercial vehicle was
delivered. The elaborated machine design has been used for various other studies
on electric machines and how to utilize them in a clever manner in order to further
improve the benefits of electrification of the vehicle. Examples of this are:

– A study on the possibility to use the machine for synchronizing the gearbox
during gear shifts [3].

– A study on using the machine as a galvanically isolated rotating transformer in
an on-board charging concept [4–6]. Here, the machine is rewound as a six
phase machine with otherwise unchanged properties.
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1.3.1 Publications

Publication part I¹

I Andersson, R., Reinap, A., Alaküla, M. (2012), ”Design and Evaluation of Electrical
Machine for Parallel Hybrid Drive for Heavy Vehicles”. 20th International Conference
on ElectricalMachines (ICEM2012), Marseille, France, Sept. 2-5, 2012, pp. 2622-2628.

In addition to this, the following publications are for consistency reasons intentionally
left outside the scope of the present thesis. The content describes the design work on an
alternative machine design with laminated stator windings and axially segmented phases.

II Andersson, R., Högmark, C., Reinap, A., Alaküla, M. (2012), ”Modular Three-phase
Machines with Laminated Winding for Hybrid Vehicle Applications”. International
Electric Drives Production Conference and Exhibition (EDPC2012), Nuremberg, Ger-
many, Oct. 16-17, 2012.

III Högmark, C., Andersson, R., Reinap, A., Alaküla, M. (2012), ”Electrical Machines
with Laminated Winding for Hybrid Vehicle Applications”. International Electric
Drives Production Conference and Exhibition (EDPC2012), Nuremberg, Germany,
Oct. 16-17, 2012.

IV Reinap, A., Marquez-Fernandez, F.J., Andersson, R., Högmark, C., Alaküla, M.,
Göransson, A. (2014), ”Heat transfer analysis of a traction machine with directly
cooled laminated windings”. 4th International Electric Drives Production Conference
and Exhibition (EDPC2014), Nuremberg, Germany, 30 Sept. – 1 Oct., 2014. (Awar-
ded best conference paper.)

Publication part II²

V Andersson, R., Reinap, A., Alaküla, M. (2016), ”Engineering considerations on skew-
ing of an interior permanent magnet synchronous machine for parallel hybrid electric
heavy vehicles”. 8th IET International Conference on Power Electronics, Machines and
Drives (PEMD2016), Glasgow, Scotland, 19-21 April, 2016.

VI Andersson, R., Hall, S. (2016), ”Evaluation of a temperature model for an interior
permanent magnet synchronous machine for parallel hybrid electric heavy vehicles”.

¹Publications before Technical Licentiate Degree
²Publications after Technical Licentiate Degree
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23rd International Symposium on Power Electronics, Electrical Drives, Automation and
Motion (SPEEDAM2016), Anacapri, Italy, 22-24 June, 2016

VII Andersson, R., Reinap, A. (2016), ”Loss mapping of an insert permanent magnet
synchronous machine for parallel hybrid electric heavy vehicles”. International Con-
ference on Electrical Machines (ICEM 2016), Lausanne, Switzerland, 4-7 September,
2016.

In addition to this, the following publication is for consistency reasons intentionally left
outside the scope of this thesis. The content is on characterizing and testing a permanent
magnet synchronous machine while being mounted in a vehicle and connected to the drive-
train.

VIII Hall, S., Andersson, R., Alaküla, M. (2016), ”A method for in-situ characterization
of PMSM traction machines”. 16th IEEE International Conference on Environmental
and Electrical Engineering (EEEIC2016), Florence, Italy, 7-10 June, 2016.

1.4 Disposition of the thesis

The outline of the thesis is as follows:

Chapter 1 is the introduction of the thesis. Here the relevance of the work is highlighted.
Included is also the purpose, method and contributions, along with a list of the scientific
papers published throughout the work.

Chapter 2 is providing a shorter summary of the work performed within the first half of the
PhD project, previously reported for the degree of Technical Licentiate [1]. This includes
setting up the specification of requirements and the work on designing the machine under
investigation. The purpose with including this summary is to facilitate for the reader by
providing the full picture of the entire work. In addition to the material presented in
the Licentiate thesis, some additional test results from complementary machine testing is
presented as well. Part of the work described in Chapter 2 is based on the content presented
in paper I. A more comprehensive description of the work presented in Chapter 2 is also
availible in [1].

Chapter 3 presents the work done on setting up a thermal dependency in the simulation
tool used. As the material data used when setting up the model is presented at room tem-
perature, the thermal dependency needs to be considered in order to provide a more reliable
result at elevated temperatures. The work is addressing the permanent magnets as well as
the iron core and the copper windings. The thermal dependency is implemented in the
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pre-simulation part of the design tool used. In addition to this, the testing performed to
validate the model is described as well. The validation is made both at no load and on load
conditions. The result is a good match between simulations and measurements in terms of
temperature dependency. Part of the work described in Chapter 3 is based on the content
presented in paper VI.

Chapter 4 describes the study on how the torque production is affected by skewing in the
machine. Although skewing in the investigated prototype is implemented in the stator, the
principle is relevant also for skewing of the rotor. Modifications in the design tool’s post
processing allows for studying the axial variation introduced by skewing. This despite the
fact that the simulations where performed in a two dimensional finite element environ-
ment. The axial variation affects both the orientation of the slot openings along the active
length and the applied current vectors. Therefore, skewing affects the torque production
differently depending on the applied currents. A load dependant skewing factor is derived
by comparing the torque production from simulations with and without skewing. Tests
on the prototype are used to verify the simulation results on a skewed machine. Part of the
work described in Chapter 4 is based on the content presented in paper V.

Chapter 5 is a compilation of losses relevant to consider when analysing an interior perman-
ent magnet synchronous machine. This provides a useful summary of the losses present in
an interior permanent magnet synchronous machine. It also illuminates the difficulties in
estimating the losses in an accurate way. The mechanical losses due to windage and friction
are identified and evaluated. Measurements are used to calibrate the analytic mechanical
loss model. The iron losses originally derived with the prevalent three term model are re-
vised and partly calibrated to measurements. The literature is consulted to investigate how
the iron losses in a real machine can differ from the inherently simplified models. The losses
in the rotor are covered briefly, while proximity losses in the copper strands are considered
along with the resistive DC-losses for estimating the losses in the windings. Part of the
work described in Chapter 5 is based on the content presented in paper VII.

Chapter 6 is concluding the work presented in the thesis. This is done with a discussion on
the results together with a reflection on the way of working as a PhD student connected to
the industry. The choice of a rare earth permanent magnet machine in a claimed environ-
mental friendly application is discussed. Some suggestions on complementary future work
are presented as well.





Chapter 2

Licentiate thesis summary

This chapter is a summary of the first half of the PhD work, previously presented in [1].
With a rather limited amount of set specifications, pre-studies are performed to complete
the specification of requirements. This includes a concept study on where to connect the
EM to the drivetrain and if applicable, with what gear ratio. Simulations on the power
demand of heavy hybrid electric vehicles (HEVs) are completed. Based on these require-
ments, the machine is designed in a 2D finite element modelling (FEM) environment.
Besides the electromagnetic characteristics, thermal and mechanical aspects as well as man-
ufacturability are considered in the design phase. The final design is prototyped and initial
testing is done to verify the simulation tool used in the design work. The content in this
chapter is described in more details in [1].

2.1 Machine specifications and requirements

The machine studied in the PhD project is designed as a traction machine to be used in a
heavy parallel hybrid electric vehicle. Additional powertrain components are those existing
in a heavy vehicle, among others e.g. an automatic mechanically engaged transmission
(AMT). Given parameters are for example the DC-voltage based on the available energy
storage system (ESS) and the number of phases based on the available power electronic
converter (PEC). It should also be possible to propel the vehicle in electric-only mode,
hence with the internal combustion engine (ICE) turned off and disconnected. Other
constrains are related to integration of the machine in the vehicle. The cooling should be
accomplished with integration to other components. Possible options are oils e.g. from
the gearbox, or water ethylene glycol (WEG) mixture used by the PEC. Finally, the most
important and at the same time most obvious constraint is that the machine must fit in



12 Chapter 2. Licentiate thesis summary

the vehicle. This put limitations on the machine size and depending on where to mount it,
also on the form factor in terms of length versus diameter.

2.1.1 Concept selection

Different machine connection points considered in the pre-study are either before, after
or on the conventional AMT gearbox. The first option means mounting the EM between
the clutch and the gearbox (sometimes referred to as P2). This implies a pancake shape
with clear geometrical restrictions. This applies in terms of length since it affects the length
of the complete power-train and also in terms of diameter to meet the SAE (Society of
Automotive Engineers) standard for clutch housings [7]. Further, the rotational speed of
the machine is limited to that of the ICE. Being mounted before the gearbox makes it
possible to shift the torque from the EM with the AMT gearbox.

Secondly, mounting the EM after the transmission (sometimes referred to as P3 or P4)
opens for a number of different locations which allows for a more flexible selection criteria
in terms of physical EM size. By introducing a gear reduction, the EM speed could also
be more freely selected. Since no gear shifting is possible, the EM top speed will have to
match that of the vehicle. Preferably, the efficiency sweet spot shall be frequently utilized
during the drive cycles. Furthermore, the torque needs to be sufficiently large to meet the
desired vehicle driveability and startability.

A third option is to make use of the Power Take Off (PTO) in the AMT gearbox (a variant
of what is sometimes referred to as P2.5). Thereby it is possible to shift gear for the EM. At
the same time there is a high flexibility in terms of geometrical shape and if connecting the
EM with a gear drive, also in rotational speed.

After immersing in the pros and cons with the different concepts, the on gearbox option
is selected for the continuation of the work. Thus, the machine will be connected to the
gearbox PTO. In order to obtain a compact driveline, the desired physical location for
the machine is side-parallel to the gearbox. A principle sketch on the drivetrain layout is
presented in Figure 2.1.

2.1.2 PTO gear analysis

Next step affecting the EM is whether to use a gear drive and if so, the gear ratio. This
is evaluated with simulations in Matlab. A guidance towards the final gear ratio and cor-
responding machine design is obtained by evaluating a vast number of possible machines
based on a number of assumptions and restrictions. Among others this includes:
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Figure 2.1: Principle sketch of a parallel hybrid electric drive train with a PTO mounted EM

• A constant torque and power contribution on the low speed side of the gear reduction
(hence at the PTO of the conventional gearbox).

• A desired acceleration capability to facilitate gear shifts in the conventional gearbox.

• A range of different machine outer diameters with a defined relation to the airgap
diameter.

• A restriction in the relation between machine length and airgap diameter.

In order to make a fair comparison between all machine variants, the shear stress τ is kept
constant for all machines. This unit is often used for comparing machines [8,9]. The shear
stress is defined as the force F per airgap areaA. Here, F is the force applied from the rotor
related to the stator due to the developed torque T . This relation is shown and elaborated
in (2.1) where rA is the airgap radius and lR is the length of the rotor, hence active machine
length. By solving (2.1) for lR which is done in (2.2), the machine length and hence volume
is determined for all considered outer diameters at all considered different reduction gear
ratios.

τ =
F

A
=

T

rA
· 1

2π · rA · lR
=

T

2π · lR · r2A
(2.1)

lR =
T

2π · τ · r2A
(2.2)

The selection criteria are weighted on a combination of sufficiently fast acceleration, a reas-
onable length versus diameter ratio and the volume of the machine. The assumption used
is that a smaller machine needs less material and hence has a lower cost. All and all, it is
concluded that the machine benefits from a higher PTO gear reduction ratio and a long
and slender machine design.
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2.1.3 Additional specifications

A pre-study is also conducted looking at the power required to operate a heavy HEV. Here
it is concluded that the continuous power demand is rather low, while the peak power is
decisive for the potential reduction in energy consumption. In order to leave a margin
for adding auxiliary loads such as electric power steering and climate control, the continu-
ous power is set higher than indicated by the simulations. This pre-study is performed in a
Matlab/Simulink environment developed for educational purposes at the department of In-
dustrial Electrical Engineering and Automation. The simulation environment is described
further in [10] and [11].

The desired concept with the electric machine mounted side-parallel to the gearbox gives
a fixed space claim in terms of outer diameter and overall length. Another limitation is
related to the mechanical integrity of the gearbox shaft at which the machine is connected.
This gives an upper limit in the torque transmitted from the machine. The reason for this
is the intention not to make any changes on the existing high volume product.

With the machine mounted in close connection to the gearbox, the transmission oil is
selected as cooling media. This opens for implementing cooling directly on the active parts.
That compensates for the lower specific heat compared to water or WEG [12].

With the possibility to shift EM speed in the gearbox, a burst speed demand is introduced.
This is based on the requirements put on a flywheel that is supposed to be able to handle
50 over-speed in case of a faulty gear shift.

2.1.4 Summary of specification of requirements

The specifications for the machine design based on the given restrictions and the outcome
from the pre-studies is summarized in Table 2.1. Here, the PTO gear ratio is stated with
a target value, rahter than as the exact number. In addition to what is mentioned in pre-
vious subsections, the high peak power demand in combination with a large desired con-
stant power speed range (CPSR) motivates for designing an interior permanent magnet
synchronous machine (IPMSM) [13]. Moreover, the over-speed requirement is considered
when an IPM design is selected rather than surface mounted magnets. The voltage range
is imposed by the available energy storage system (ESS). The variation in range is a result
of varying loading conditions and different state of charge. The available power electronic
converter is setting the current limit at peak operation.
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Table 2.1: Specifications of requirements

Machine type -  phase IPMSM -

Total length ltot <  mm

Outer diameter OD <  mm

Continuous power Pcont  kW

Peak power Ppeak  kW

PTO gear ratio -  -

Peak torque Tpeak <  Nm

Top speed nmax  rpm

Burst speed nburst > rpm

Maximum current imax  Arms

DC-voltage range VDC - V

Coolant medium - Transmission oil -

2.2 Machine Design

This sub chapter summarizes the machine design process and presents the resulting ma-
chine.

2.2.1 Design tool

The machine design work is done in a Matlab and FEMM [14] based design tool [2] de-
veloped at the department of Industrial Electrical Engineering and Automation (IEA) at
the Faculty of Engineering (LTH) at Lund University. The design tool is also described and
refined in [15]. The simulations are initiated in a Matlab file that generates a script execut-
ing the 2D finite element analysis (FEA) software. Geometrical symmetries are utilized to
reduce the computational effort of running the FEM simulations. The fact that the pro-
cess is controlled from Matlab makes it possible to sweep different design parameters. This
enables for setting up a batch of simulations and let the simulation program run over night
or weekends. It is also possible to implement simple analytical pre-simulation loops in the
set-up file in Matlab. This could for example be a mechanical integrity check of the stator
teeth or around the magnets in the rotor. By only considering machine designs viable to be
built only, the computational effort can be reduced further. The post simulation analysis is
also performed in Matlab which opens for further analysis of the simulation result. Being
an in-house developed design tool, improving and implementing new features is a part of
the process of designing a new EM.
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Using a 2D- rather than a 3D FE simulation environment gives a possibility to refine the
mesh size to the expense of loosing one dimension. Introducing a 3rd dimension makes
the computational effort increase significantly. This limits the possibility to execute simu-
lations with a high number of mesh elements. Consequently, in order to get an acceptable
simulation time the mesh elements will be larger than if simulated in a 2D environment.
Small mesh size is found to be of special importance in highly saturated areas such as close
to the airgap. The inherent principle of a radial flux machine makes it excessive to simulate
along the axial direction. The part of the machine where the flux has an axial component
is close to the machine ends and at the end windings. This due to the fringing effect at the
end windings. With a reasonably long machine, these end effects are marginal and can be
considered negligible [16, Ch.3.2]. The inaccuracy of a more coarse mesh size in 3D simula-
tions is considered to be higher than if the end effects are neglected. The design parameters
defined in Table 2.1 indicate a rather long and slender machine. Then the 2D simulation
environment should be sufficient to give an acceptable prediction of the machine perform-
ance.

Design tool development

Besides the actual design work performed during the development of the machine design,
the design tool is continuously improved in the process. For every machine design that is
prototyped and tested, there is a chance to enhance and verify the design tool. The learning
is achieved when comparing the simulation results to the measurements. As is concluded
later on in this thesis, the conformity between simulations and measurements is satisfactory.

Alternative machine design In addition to the design work of a conventional 3-phase
radial flux machine performed for this thesis, a substantially different machine design is
developed as well. This design work is performed as a side project to the main scope of
the thesis and is therefore only briefly mentioned here. The learning from this side project
is utilised when adopting the simulation tool to analyse skewing in the 3-phase prototype.
This is covered in Chapter 4.

The alternative machine design is based on the idea of having laminated windings rather
than a conventionally wound stator. More information on this concept is presented in [17]
and [18–20]. In order for the laminated phase windings not to intervene with each other,
the phases are formed by wave windings and distributed axially. This is in contradiction
to the circumferential distribution in a conventionally wound machine. Each phase is
designed as a separate segment and stacked to form a multiple phase machine. Being a
3-phase machine, each phase segment is shifted 120 electrical degrees. A 3D model of the
alternative machine design can be seen in Figure 2.2.
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Figure 2.2: Laminated winding machine with three axially distributed phase segments

Since the twisting between phases means a variation as function of axial position, a 3D
design environment ought to be used. However, with the possibility to do vast post simu-
lation modifications, the recurrent periodicity in the machine design can be utilized. The
FEM simulations are performed on one phase only and the result is multiplied and shifted
with 120 and 240 degrees respectively to represent the other phases in the complete ma-
chine. A more thorough description of design tool development for this purpose is found
in [19] where 3D simulations also are used to verify the 2D simulation results. Due to
difficulties during manufacturing with e.g. the intended iron core material and radial dis-
tribution of the winding turns, the performance of the prototyped machine does not meet
the expectations. As a consequence the measurements performed on this machine are very
limited. The indications when adopting the simulation tool with the material used in the
prototype are still in favour for evaluating the validity of the design tool. As this evaluation
not is the main part of the content in this thesis, the results on this alternative machine
design are not covered further.

2.2.2 Machine Design work

This subsection covers the most important conclusions from the machine design work. Fo-
cus is on the resulting machine characteristics based on the simulation results. Again, a
more thorough review of the results is available in [1]

Electromagnetic aspects

The electromagnetic design work is conducted in the simulation tool presented in the pre-
vious subsection. Numerous machine designs are iterated with focus to fulfil the power
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requirements within the limited available space. The design work starts with some overall
simulations settling the number of poles, number of slots and airgap radius. The copper
fill factor is determined based on previous experience at the department.

Parameters investigated in the rotor are e.g. magnet size, position and mutual angle as well
as flux barriers to direct the Permanent Magnet (PM) flux to the stator. Also manufactur-
ing aspects are considered, e.g. by taking the tolerances when producing the laminates and
magnets into account. Magnet grade is selected to give a sufficiently large safety margin to
overheating. Remanence and coercivity are also considered to give sufficient torque. Due
to the higher ratings of transverse field die pressed (TP) magnets compared to axial field
die pressed (AP) magnets [21, pg.879-880], TP is selected despite a higher cost. This is
motivated by that the cost difference is driven by the manufacturing procedure and that
manufacturing related cost is more likely to go down in the future. Since the PM raw
material cost is high the consideration is to utilize the available material as much as pos-
sible. The magnet grade selected for the prototype and therefore also in the simulation
environment is Vacodym 863 TP [22].

The stator design is evolved in a similar iteration process as that for the rotor. The stator
tooth width and length are varied to obtain sufficiently large flux paths in the stator teeth
and yoke and still have sufficiently large slots. This is needed in order to maintain a reas-
onable current density in the windings. Also the implementation of tapered teeth or not
is analysed. Manufacturing aspects are for example the rounded base of the teeth with the
copper fill factor in mind. The tooth tips are designed to facilitate the insertion of the
copper wires and still hold the windings in place once mounted. Since all parameters are
affecting each other, the stator and rotor design iterations are numerously repeated, con-
sistently narrowing down the details until a sufficiently good final design is obtained. The
resulting final design is presented in Figure 2.3.

The end winding configuration is selected in consultation with the prototype manufacturer
with focus on minimizing the extruding end winding length. The final selection is an
integer slot 1-6 configuration, conceptually presented in Figure 2.4. In addition to the total
machine length, manufacturing aspects and a potentially high fill factor are considered in
the selection criteria.

Mechanical aspects

The mechanical aspects considered in the design work is related to the mechanical integrity
of the rotor, the stator teeth and the mechanical resonance frequency. The rotor strength
is monitored with an analytical model on the mechanical stress due to centrifugal action
when spinning the machine. Based on each generated geometry, the iron bridge between
the magnets (within a pole) is exposed to a tensional force due to the weight of the outward
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Figure 2.3: Electromagnetic design of the prototyped machine

material pulling towards the airgap. The yield strength σyield of the steel laminations is
used to derive a maximum rotational speed ωmax at witch the rotor would burst. This is
presented in (2.3) where the iron bridge width db, active length (or machine height) hm
and the massmact acting on the iron bridge are defined or estimated by the rotor geometry.
The radius ract is the distance to the centre of gravity ofmact. Included inmact is typically
the mass of the magnets and the part of the rotor between the magnets and the airgap. The
epoxy used to glue the magnets is not considered but as a safety margin.

ωmax =

√
σyield · db · hm
mact · ract

(2.3)

In order to obtain a safety margin in the result, all estimations are made conservatively, e.g.
by considering worst case in terms of stress concentrations and tolerances from the manu-
facturing. Also the fatigue from multiple repetitions is included in the investigation. Those
designs not fulfilling the over-speed requirement are disregarded from further analysis.

To avoid problems with mechanical resonance in the slender machine design, the critical
frequency ωcrit is monitored as well. The distance lb between the bearings and rotor mass
mr together with Young’s modulus for steelEFe and the area moment of inertiaMArea for
the shaft are used to derive the resonance speed according to (2.4) [23, pg.341-342]. Here,
λI and λII are the relative distance from center of gravity (CoG) to each of the two bearings
respectively. That is λI + λII = 1.

ωcrit =

√
3 · EFe · I

mr · λ2I · λ2IIl3b
(2.4)
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Figure 2.4: Principle sketches of the selected integer slot 1-6 winding configuration used in the
prototype

Compared to the more realistic case with a distributed mass, the expression in (2.4) adds a
conservativeness to the result. Assuming a worst case where the CoG is half-way down the
rotor shaft (hence λI = λII = 1/2) and the bearings mounted on each end of the machine
(hence lb =400 mm), the natural frequency is considerably higher than the operating
speeds considered here.

The mechanical aspects considered in the stator is the integrity of the stator teeth. In con-
sultation with the experience from the prototype manufacturer, a restriction in the relation
between the stator tooth length and width is introduced. This to make sure that the teeth
will not become too long and slender and thereby introduce a potential failure point. The
stator designs with too long teeth compared to width are disregarded as non-viable designs.
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Thermal aspects

The thermal aspects considered during the design phase are based on output from the FEA-
software. Current density in the stator slot giving the winding losses along with assumed
heat generation from the magnetic flux density in the stator core are the assumed heat
sources. No losses and hence no heat generation is considered in the rotor during the
design phase. In the 2D simulation environment almost all heat is assumed to be dissip-
ated through the stator envelope surface towards the housing. A small amount of heat is
assumed to leave through natural convection towards the rotor shaft. Assumed thermal
conductivities for the different parts of the machine are used to obtain estimations of the
magnet temperature and hot spot temperature in the windings. Although the underlying
assumptions are a bit coarse, the result is still considered to provide a first indication on the
temperatures to be expected inside the machine. The result from the 2D heat finite element
analysis is presented in Figure 2.5 along with some definitions and designations.

Figure 2.5: Thermal FEA elements and boundaries

With oil cooling being a requirement of specification, the possibility to implement cooling
directly on the active parts is utilized. This means that the lower thermal conductivity
compared to that of water or WEG is compensated by the possibility to direct the coolant
closer to the heat sources.

Cooling is implemented in two partly independent circuits. One is with oil directed into
the machine at the stator back halfway down the machine length. A circumferential grove
on the inside of the housing directs the oil around the complete machine. Groves in the
stator back, formed from the cutting process of the stator laminations directs the oil towards
both machine ends. Here the oil trickles out on the end windings and down to an oil sump
on the bottom of each end of the machine.

In the second cooling circuit, oil is fed into a small reservoir at the non-driving end (NDE)
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Figure 2.6: Principle sketch of the two oil circuits used to cool the prototype machine

of the machine. From here it is directed into the hollow shaft and further out towards
the air-gap diameter on each side of the active rotor length. As the machine rotates, this
oil is sprayed onto the end windings. This concept is based on previous design work at
Lund University [15]. Since oil passes through the rotor on its way to the end windings,
this circuit will also provide some cooling to the heat sensitive rotor magnets. This can
be compared with the set-up in the 2D heat simulations in Figure 2.5 where neither heat
generation nor heat dissipation in the rotor is included. The oil is then collected at the
bottom of the machine, sharing the same sump as the oil from the first circuit. The two
intervened cooling circuits can be seen in the principle sketch presented in Figure 2.6.

The idea is to feed the two oil circuits from the same oil pump and let the pressure drop
along each path decide the distribution. The oil sump on each side of the machine could
have been connected inside the housing, but for the prototype this is instead done in the
drain piping. In the prototype, a suction pump is used to drain the oil from the motor. The
intention to evaluate the cooling circuit more thoroughly has not been embodied during
the execution of the PhD work.

The last aspect in the thermal analysis during the design phase is the temperature depend-
ence of the machine. This is covered more thoroughly later on in Chapter 3.
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Skewing

Skewing is implemented in the machine as a way to minimize torque ripple. This is con-
sidered important as the machine is connected to a reduction gear, with potentially high
noise and wear if the torque ripple is too high. During the design phase, skewing is in-
troduced mainly based on that the peak torque of the machine exceeded that from the
requirements. A more thorough investigation on the impact of implementing skewing is
presented in Chapter 4.

2.2.3 Machine characteristics

The performance of the numerous machine designs is studied and compared through the
simulation results from the design tool. Typical properties of interest are the magnetic flux
linkage, torque, power and efficiency. As the iteration process is converging to a design ful-
filling the specification of requirements including the manufacturability aspects, the design
is frozen. The main characteristics of the final design are presented here and summarized
in section 2.4.

Magnetic flux linkage

The magnetic flux ψ linking with the stator windings is presented as function of id and iq
in Figure 2.7. Here, the upper half of the typical ellipse shaped iso-flux lines can be seen
with the demagnetization point around 325 A in negative d-direction. The linked magnetic
flux at origin comes from the permanent magnets. The derivation of the dq components
from the three phases in the machine is described in Appendix A.
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Figure 2.7: Magnetic flux linkage as function of id and iq



24 Chapter 2. Licentiate thesis summary

Torque as function of id and iq

Torque and induced voltage at 6000 rpm (approximately base speed) are plotted as func-
tions of id and iq in Figure 2.8. Since the induced voltage is a function of the magnetic flux
linkage, the elliptical shape seen in Figure 2.7 is repeated here. As the speed increases, the
voltage ellipses in Figure 2.8 are decreased towards their epicentre. Hence the higher the
speed, the smaller the surface in which a current vector can be applied. This means that no
load operation with id and iq being controlled to zero, will eventually end up as an invalid
current combination at a certain speed.

The torque curves are reflecting the IPMSM design with a significant amount of reluctance
torque. The torque is increased with increased field weakening current and preserved iq.
The simulated torque takes no consideration to torque losses due to the losses in the iron
core and should correspondingly be slightly higher than in reality.
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Figure 2.8: Torque and induced voltage at 6000 rpm as functions of id and iq along with the MTPA-
and MFPT curves and constant current curves

Included in Figure 2.8 is also a graphical presentation of the machine control. Below base
speed where the available voltage not is a limitation, the current is controlled utilizing
maximum torque per ampere (MTPA). This is based on keeping the winding losses at a
minimum. Depending on the torque request, the current is controlled to the corresponding
location along the MTPA curve. As the speed pushes the induced voltage closer to the
voltage supplied from the drive, field weakening needs to commence. If the torque should
be preserved, field weakening is done by increasing the current vector length and angle.
This way, the requested iso-torque line can be followed as the current vector gets closer to
the d-axis. If the current vector instead needs to be kept constant, the torque is reduced
as the current vector starts to follow an arc (with centre at the origin) towards the d-axis.
When the speed eventually becomes too high and the voltage ellipses too small, the current
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is instead following the minimum flux per torque-curve (MFPT). This means maximum
possible torque within the surface limited by the diminishing voltage ellipse. Since the work
is focusing on machine design rather than control, no more effort is put on optimizing the
control method. An alternative approach could in that case have been to include more
losses than the those in the windings. Below base speed, the difference is not expected to
be that significant.

Torque and power speed maps

The current combinations defined by the MTPA- the MFPT- and the constant current
curves in Figure 2.8 are used to generate a torque-speed and a power-speed diagram. These
are jointly plotted in Figure 2.9. Hence, each line in the torque and power maps corresponds
to an arc with constant current amplitude in Figure 2.8. When the speed gets to high, some
of the current vectors reach the MFPT that causes the amplitude to go down. The torque
and power curves indicate that the final design will be capable of reaching the desired peak
torque and power from the requirements.

Another thing noticed is that the lowest power curve does not reach maximum speed.
This curve corresponds to the lowest constant current semicircle in Figure 2.8. This is
a consequence of the current vector being too short for being able to reach the region of
possible current combinations as the speed exceeds approximately 12500 rpm. On the other
end, the three torque and power curves at the top (corresponding to the three largest current
vector semicircles in Figure 2.8) are converging as the speed is increased. This corresponds
to reaching the MFPT-curve. The surface enclosed by the voltage ellipse has become too
small.

Power factor

The power factor or cosϕ of the electric machine is presented in Figure 2.10. This reflects
the angle ϕ between the voltage and current and hence the relation between active and
imaginary power. The power factor is affecting the efficiency in the PEC with higher losses
for a reduced cosϕ.

The significant reluctance torque in the machine can be seen on the reduction in power
factor with increased torque below base speed. Above base speed, the power factor increases
as the angle between voltage and current decreases. At high speed and low torque, the
current vector starts to lead the voltage vector and as the angle increases, the power factor
drops again.
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Figure 2.9: Torque and power as functions of speed utilizing MTPA for ten different current vectors
in accordance with Figure 2.8

0 5000 10000 15000
0

50

100

150

200

250

300

0.7

0.7

0.7

0.7

0.70.70.7

0.72 0.72

0.72

0.72

0.72

0.720.720.72

0.74

0.74

0.74

0.74

0.74

0.740.740.74

0.76

0.76

0.76

0.76

0.76

0.760.760.76

0.78

0.78

0.78

0.78

0.78

0.780.780.78

0.8

0.
8

0.8

0.8

0.8

0.80.80.8

0.82

0.82

0.82

0.82

0.82

0.820.820.82

0.84

0.84

0.84

0.84

0.84

0.840.840.84

0.86

0.86

0.86

0.86

0.86

0.860.860.86

0.88

0.88

0.88

0.88

0.88

0.
880.880.88

0.9

0.9

0.9

0.9

0.9

0.
9

0.90.9

0.92 0.92

0.
92 0.92

0.92

0.92

0.920.92

0.94 0.94

0.
94 0.94

0.94

0.94

0.940.940.94

0.96 0.96

0.
96

0.96 0.96

0.96

0.960.960.96

0.98 0.98

0.
98

0.98

0.98

0.98

0.
980.980.98

speed[rpm]

T
or

qu
e 

[N
m

]

 

 
cos φ 

0.7

0.75

0.8

0.85

0.9

0.95

Figure 2.10: The cosϕ power factor in the machine according to simulations

Power losses and efficiency

The power losses are during the design phase estimated based on the current density in the
windings and the flux density in the stator teeth and yoke. This means DC-losses in the
windings with the end winding length estimated based on the distance between the relevant
slots. The iron losses are derived with consideration to eddy current, hysteresis and anom-
alous losses due to the fundamental frequency in the stator teeth and yoke. Mechanical
losses and losses in the rotor are disregarded at this stage. The result is presented as copper
losses PCu and iron losses PFe in Figure 2.11.

A more thorough description on how the copper and iron losses are derived is given later in
Section 5.3 and 5.5 in Chapter 5. There the loss analysis is also elaborated with consideration
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Figure 2.11: Copper losses PCu and stator iron core losses PFe according to simulations during the
design phase

to more aspects and additional loss contributors.

The losses in Figure 2.11 are recalculated to the efficiency map presented in Figure 2.12. As
mentioned previously this efficiency map is derived with consideration to DC-losses in the
windings and iron losses in the stator due to flux varying with the fundamental frequency.
The available DC-voltage in the simulation post processor is set to 600 V with no voltage
margin in the control. If the voltage instead would have been set to the lower end of the
range defined in Table 2.1, the overall efficiency would have been reduced slightly. The
PM and winding temperatures are set according to the temperatures obtained from the
2D heat flow simulations presented earlier in Figure 2.5. This means around 100°C at the
magnets and around 130°C as winding temperature. These temperatures are also affecting
the resulting efficiency map slightly. The copper temperature affects due to the temperature
dependency on the resistivity and the magnet temperature by a reduced PM flux that leads
to higher currents for the same torque.

2.3 Prototyping and Measurements

With the simulation results indicating a viable machine design, a prototype is constructed
and manufactured. This section summarizes the prototype build along with measurements
performed to evaluate the simulation results from the design work.
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Figure 2.12: Efficiency, η as function of torque and speed from simulations on a warm machine

(a) Stator assembly (b) Rotor assembly

Figure 2.13: Stator and rotor assemblies during the EM prototype build

2.3.1 Prototype build

The prototype build is a valuable part of the learning process. To leave the simulation
environment and participate in the machine build adds another dimension to the under-
standing on what can and can not be embodied during the machine build. Furthermore,
the focus on the details is changed as it is no longer possible to zoom in to tweak on those
final parameters. Instead, it can very well be the manufacturing tolerances that dictate the
level of meticulousness. The stator and rotor assembly during the EM build can be seen
in Figure 2.13. Looking closely on the stator stack, the skewing can be seen on the slightly
diagonally grooves. These groves are forming the stator back oil cooling channels.

A set of PT100 RTD temperature sensors are mounted in the machine. Approximate sensor
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locations are presented in Figure 2.14 with short descriptions summarized in Table 2.2.

Figure 2.14: Temperature sensor positions in the prototype machine

2.3.2 Measurements

Measurements are performed on the prototype to learn the machine and to verify the sim-
ulation results. The experience gained by working with the machine in a lab instead of just
in a simulation environment is highly valuable. Not to mention the effort needed to figure
out why the test results differ from the expectations created by the simulations.

The most relevant tests from the licentiate thesis work are presented here, while a more
thorough presentation with e.g. the different test set-ups can be found in [1]. In addition

Table 2.2: Temperature sensors in the prototype machine

Sensor no. Designation Description

 SHS Located at the expected hot spot, in
the middle of a slot in one of the
phases (phase A)

 SSB Located at the stator back outside the
slot containing sensor 

 SNDE Located at the bearing on the non-
driving end

 SDE Located at the bearing on the driving
end

 SEW Located on the outside of the end
windings from the slot containing
sensor 
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to the tests performed within the licentiate work, some test results from complementary
testing done later on are presented here as well. Tests performed as a part of the deeper
analysis are instead presented in each relevant chapter.

Torque measurements

The torque produced by the machine is tested in a dynamic load test set-up. The test
procedure uses the system moment of inertia J , consisting of the rotor in combination
with a flywheel mounted on the shaft, together with acceleration to obtain the torque.
This in accordance with Newtons law of acceleration as presented for rotational conditions
in (2.5). This means that no brake is needed to keep the rotor speed constant. Instead it is
sufficient to securely anchor the machine in a test foundation. This is done to prevent the
test object from moving during the high mechanical dynamics. The test object mounted
in a cradle with a flywheel on the shaft can be seen in Figure 2.15.

T = J · dωm
dt

(2.5)

As the machine accelerates, sensors and a data acquisition system receive measurements of
the rotor position, the phase voltages and the phase currents. The signals are logged with a
sample frequency of around 10 kHz in order to handle the fast dynamics during the testing.
A post-processing algorithm uses the voltage equations of the PMSM to calculate the linked
magnetic flux and the torque characteristics of the machine. Since the test method is relying

Figure 2.15: Machine mounted on the test foundation with a flywheel on the shaft for the dynamic
testing
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on accelerations, it is not possible to obtain test results when the torque producing q-current
is set to zero. The theory behind the dynamic testing and the validity of the test method
can be studied further in [24–27].

The machine is accelerated with currents in the dq-reference frame to obtain a torque map as
function of id and iq. The resulting measured torque is presented together with simulations
with similar PM temperature in Figure 2.16. The limitation in current is due to the drive
controlling the machine during the test. The limitation in current as well as in available
DC-voltage prevents the machine from being tested at any higher power levels.
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Figure 2.16: Torque as function of id and iq from measurements with dynamic testing compared
to simulations at corresponding temperatures

Top speed during the test depends on the location in the current map. Current combina-
tions closer to the de-magnetization point along the d-axis allow for higher speed without
reaching voltage limitation (as discussed previously around Figure 2.8). Maximum speed
during the test is limited by the voltage margin or to 16000 rpm, whichever comes first.
This means that the test results in the lower left side of the torque map in Figure 2.16 are
derived from accelerations reaching 16000 rpm. In order to slow down the accelerations
in those points where a higher torque is obtained, two different flywheels are used during
the test. One smaller for the high speed test points and one larger for those with high
torque. The mechanical damping introduced by the larger flywheel is also simplifying the
data collection and thereby increasing the accuracy.

Although not presented here, the dynamic testing can be used to obtain the flux linkage as
well. This is done by measuring the phase voltages to derive ud and uq and determine the
derivative as function of rotational speed.

Complementary tests in a conventional test bench confirms the simulations up to peak rated
current. This is presented for 1000 rpm in Figure 2.17. Torque is recorded with a HBM
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T12/1kNm torque transducer with the higher accuracy option [28]. Current is recorded
with the internal current sensors in the drive. DC-voltage from the battery simulator is
set to 650 V. In order not to reach voltage limitation anywhere in in the load map, the test
speed is limited to maximum 4000 rpm.
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Figure 2.17: Torque as function of id and iq from measurements at 1000 rpm in a conventional test
bench compared to simulations at corresponding temperatures

The conformity between simulations and measurements is considered good irrespective
of the test method. Largest deviation in the torque map is noticed close to the q-axis.
The zoomed in perspective in Figure 2.16 makes it more pronounced there, although it is
present also in Figure 2.17. The fact that a larger deviation is seen when the field weakening
currents are small indicates that the deviation origins from how the permanent magnet
flux linkage to the stator is modelled in the simulations. This is verified when looking
more on the measured magnetic flux linkage. The deviation seen could be related to the
tolerances on the dimensions introduced in the manufacturing as well as to how different
materials are represented in the simulations. The ideal case in simulations where no loss
torque is considered should also have an impact, although not sufficient to solely explain
the difference. The deeper analysis done on this in [1] concludes one part coming from not
considering the end windings in the 2D simulations. Overall conclusion is still that the
torque from simulations follows the test results with acceptable accuracy.

System testing

Some limited system tests are performed with the machine mounted at its intended position
on the side of an AMT gearbox. This is done to test how the machine performs in a slightly
more realistic environment. The test set-up is presented in Figure 2.18. Although tested to
a limited extent due to problems with the test rig, it is shown that the machine can fit on
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the side of the transmission and deliver power to the powertrain. Hence, it could do so also
in a vehicle. Cooling is obtained by sharing the same oil as that used in the the gearbox.
Oil temperature measured in the gearbox oil sump is 80°C. This is passed through a small
oil cooler before entering the machine.

Figure 2.18: The prototype machine mounted at the side of the AMT-gearbox in the system test rig

Some test data from the system testing can be seen in Figure 2.19. The last 15 minutes
are shown, after several hours at similar loading. Here, power is derived from voltage times
current in the dq-reference frame and speed is obtained from the resolver. Since the machine
shaft is connected to the PTO gear drive, no torque can be recorded. Instead the torque is
estimated based on the torque equation, hence from currents and flux linkage.

It should also be noted that the machine is controlled with manually set current references
rather than torque control. This is due to problems with internal communication delays
between the control layer and the drive. This was discovered after the closure of the testing
activities. The consequence of the manual current entries is no optimal MTPA, but rather
approximate distribution between id and iq. The installed electrical power supply as well as
the possibility to mechanically brake the machine is sufficient to test the machine at peak
power. This is unfortunately not done due to the issues with setting up the test rig. The
temperature readings at the bottom of Figure 2.19 indicates that the power could have been
increased without running the machine too hot. How much is hard to say based on the un-
certainties in the test set-up. Continuous operation is instead settled with complementary
testing, presented in the next subsection.
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Figure 2.19: Electric power, EM speed, EM torque and temperature readings from the EM during
one test sequence of the system testing

As a consequence of the problems in the test rig, the machine is unintentionally tested for its
over-speed capability. During one of the tests, the time delay in the internal communication
leads to loosing the control of the machine. As this happens, the machine is accelerated to a
speed higher than the required burst speed (defined in the specifications of requirements in
Table 2.1). After this event, the machine is sent to the machine manufacturer for a thorough
health check showing that the machine is undamaged. Tests performed before and after
the event do not indicate any difference either. Hence the machine is proved to survive the
over speed requirement without damage.

Additional testing done on the machine when mounted in the system test set-up is utiliza-
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tion of the EM for aiding synchronization of the gearbox during gear-shifts. This is studied
separately in a master thesis project and presented in [3]. The outcome is that a consider-
ably higher deceleration rate is reached compared to the conventional counter shaft brake.
The requirement on the counter shaft brake is to handle up to 2000 rpm/s. When using
the EM instead, a deceleration rate of more than 3300 rpm/s can be reached.

Continuous operation

The machine is tested for continuous operation in complementary tests in a conventional
test bench set-up (test 1) as well as a back to back test set-up (test 2). In both cases torque
is recorded with a HBM T12/1kNm torque transducer [28]. In test 1, a torque transducer
with the higher accuracy option is used. The temperature is monitored with the internal
PT100 temperature sensor SHS mounted in one of the slots. The back to back set up
means that two machines with similar performance are connected mechanically and that
the braking machine is feeding power back to the DC-side. This way the electric power
source only has to cover the losses present in the system. The second machine used as brake
in the test has higher peak torque, but lower peak power and top speed. In addition to
this, resonance phenomena on the intermediate shaft limit the maximum test speed even
further. Maximum test speed is also limited in the conventional test bench, this time by
the rig motor.

Similar preconditions are used in both test cases. The differences between the tests are
650 Vdc in test 1 compared to 600 Vdc in test 2. The machine is in both tests controlled
with MTPA using a SKAI 2 inverter from Semicron [29]. Oil cooling is implemented
with an ATF transmission oil¹ in a similar manner in both test cases. The oil cooling
flow rate is approximately 10 l/min with around 60°C inlet coolant temperature. A dual
stage oil pump is used to feed oil into the machine as well as to drain it. Pumping power
during continuous operation is in the range of 70-80 W. At the test start up with oil at
room temperature, a pumping power of up to approximately 280 W is noticed at the most.
Some limited test cases with a slightly thicker (higher viscosity) transmission oil² requires
around 120 W pumping power at normal operating temperature. For test 1, the maximum
winding temperature of 130°C is kept in all points. In test 2, the winding temperature is
allowed to reach almost 140°C at some test points. Ambient temperature during both tests
is approximately 30°C.

Each test point is kept for about one hour of operation after stable temperature (within
±1°C) is reached. The magnet temperature is estimated immediately after completing
each test point to ensure equal conditions. This is done by measuring the induced voltage
with disabled drive. Resulting magnet temperature during continuous operation is around

¹Volvo Group STD 1273,42, pn: 85120037
²Volvo Group STD 1273,07, pn: 85111057
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100°C. The resulting continuous torque and power from test 1 and test 2 are presented in
Figure 2.20. As can be seen, continuous torque is around 180 Nm and continuous power
is around 100 kW. Since a slightly higher winding temperature is allowed during test 2,
the continuous operation points are slightly higher as well. Included in the graph are also
torque and power curves from the simulations with 10 A/mm² and 30 A/mm². This is at
the simulations roughly considered as continuous and peak operation.
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Figure 2.20: Measured continuous torque and power in two different test cells with similar precon-
ditions together with simulations at 10 A/mm² and 30 A/mm²

In addition to the continuous operation tests described above, some limited tests are done
with modified cooling. With preserved total flow rate, the coolant is distributed to either of
the two cooling circuits, described earlier in Figure 2.6. For the case with all coolant directed
to the stator back, similar performance is reached for the same winding temperature. The
permanent magnet temperature is however elevated with 20-30°C. In the other case, with
no oil on the stator back, the torque needs to be lowered with around 20-25 to maintain
the winding temperature. In this case the magnet temperature is back at the same level
as when operating with cooling in both circuits. Further investigations on modifying the
cooling set-up is not done within the work in this thesis. It should however be possible to
optimize the cooling further by adjusting and tuning the coolant distribution. If not on
the capability to remove heat more efficiently, it should atleast be possible to optimize in
the pressure drop and energy consumption in the cooling circuit.

Tests performed with the cooling turned off results in around 80 Nm with preserved wind-
ing temperature at 1000 rpm. With no cooling in the rotor, the magnet temperature is again
increased to around 120-130°C. A very rough estimation reveals that around 1802−802

1802
·

100% ≈ 80% of the losses are dissipated with the cooling system. This based on the
assumption that the torque is proportional to current and that the current squared is pro-
portional to the losses at the fairly low speed.
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Peak operation

The peak performance is also tested during the complementary testing. This is done in the
same back to back test set-up as for the continuous performance test described above. This
means a limitation in top speed of 8000 rpm. The currents are applied up to the limit of
the drive (Semicron SKAI 2 [29]), or to when the second machine (in the back to back
set-up) is reaching its power limit. This means around 320 Arms up to 4000 rpm after
which the power is limited to below 150 kW. The potential full peak power indicated by the
simulations is therefore not tested. The result is presented in Figure 2.21. Here the 10 lines
of torque and power corresponds to the same currents as those used for the simulations
presented in Figure 2.9. That is, the current vector length of the applied current is constant
along each of the curves in Figure 2.21.

When comparing to the simulation results in Figure 2.9, it is concluded that the the expec-
ted peak torque is reached. The limitations in the test rig prevent testing at the expected
peak power of 180 kW. The deviant torque and power readings between 7-8000 rpm are
caused by a faulty torque reading in one of the test points.
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Figure 2.21: Measured peak operation, limited in power by the test set-up

2.4 Conclusions from the Liceniate work

The two main objectives with the licentiate project are to design an electric machine suitable
to propel a heavy hybrid electric vehicle and in doing so, gain knowledge and understanding
in the electric machine design process. Both of these are fulfilled. The prototyped machine
is meeting the requirements in terms of speed, torque and as far as it has been tested also
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in power. The conformity between simulations and measurements motivates for using the
simulation results to estimate the machine performance where tests not are performed.

Cooling is obtained with oil from the adjacent gearbox. Two different types of oil with
different viscosity have been used throughout the test, with no noticeable difference in
cooling capability or shaft torque. The higher viscosity however requires higher power
from the cooling pump. In addition to this, the maximum coolant flow is limited by the
possibility to drain the machine from oil. Both of these issues can on the other hand be
optimized in a better way when designing the housing. The installation in the system test
rig is also demonstrating the capability to install the machine in the intended position in a
vehicle.

A side effect of the work is also improved credibility for the simulation environment de-
veloped at the department at Lund University. A more thorough review of the test results
compared to simulations reveals some deviation in absolute value in for example the mag-
netic flux linkage. The overall conclusion is still that the simulation environment is capable
to predict the machine performance with satisfying accuracy.

The second objective of the work, to gain knowledge in machine design is obtained by start-
ing from setting the specifications based on the requirements imposed by the application.
This gives a good understanding in how different preconditions can result in completely
different design specifications. This is complemented by the understanding in how differ-
ent design parameters affect the result, as the specifications are transformed into a machine
design in the simulation environment. Another level is reached as the theoretical work in a
simulation environment is complemented with practical experience. This is the case both
in terms of preparing and testing the machine in different test set-ups, but also in parti-
cipating in the prototype build. This is partly since it adds experience to which the theory
can be connected to and partly in terms of investigating any unexpected mismatch between
simulations and testing. That can be related to both a faulty assumption in the simulation
set-up, as well as errors imposed by the test set-up or measurement equipment.

The main parameters for the machine designed throughout the licentiate project are presen-
ted in Table 2.3. Except for peak power, all values are acquired from measurements on the
prototype machine.
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Table 2.3: Machine performance and design parameters from measurements on the prototype ma-
chine

Machine topology IPMSM

Performance

Peak torque Tpeak  Nm

Continuous torque Tcont  Nm

Peak power (simulated) Ppeak sim  kW

Continuous power Pcont  kW

Peak operation current imax  Arms

Base speed nbase - rpm

Top speed nmax  rpm

Burst speed nburst > rpm

Cooling

Coolant medium Oil

Coolant inlet temp. - °C

Coolant flow rate  l/min

Dimensions

Total (active) diameter ∅  () mm

Total (active) length l  () mm

Total (active) weight m  () kg
where of magnets/copper/iron  /  /  kg

No. of slots Ns 

No. of poles Np 

Windings

Winding type Distributed

No. of turns per coil 

No. of turns per phase 





Chapter 3

Thermal Model Evaluation

This chapter describes the work done on thermal influence on the machine performance.
Focus is on improving the simulation tool used within this project and at Lund University.
This is done by studying the PM temperature influence on the remanence and coercivity
and the resulting reduction in magnetic flux linkage and EM performance. A brief study
of the temperature influence on the iron core is also performed. The temperature model is
implemented in the simulation environment and validated by measurements.

3.1 Permanent magnet temperature dependence

The data sheet of the magnets holds information on the field strength in terms of the re-
manence Br and coercivity Hc at room temperature (20°C). The relation between the
remanence and coercivity can be expressed in BH-curves as shown in Figure 3.1. The coer-
civity is divided into intrinsicHcI and normalHcB field strength. The intrinsic coercivity
expresses the field strength internally in the magnets and is hardly affected by external fields
before reaching demagnetization. Once demagnetization is reached the magnet is perman-
ently weakened. The normal coercivity along with the remanence gives information on
how the magnet behaves in a magnetic circuit, such as an electric machine. The operating
point when exposed to external field follows the normal curve in Figure 3.1. The relation
between Br and HcB is defined by the permeability µ according to (3.1).

B = µ ·H = µr · µ0 ·H (3.1)

Here, µr and µ0 are the relative permeability of the magnet material and the permeability
of free space, respectively. The relation between Br and HcB means that µ can be seen as
the slope of the normal BH-curves in Figure 3.1.
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Figure 3.1: Typical magnet characteristics with intrinsic and normal BH-curves for 20°C and 150°C

The remanence and coercivity are affected by temperature. This can be described by the
reversible temperature coefficients (RTCs) for the magnet grade. The RTCs represent
the relative change in magnitude as function of PM temperature difference ∆ϑ to room
temperature (20°C) and are expressed in [/°C]. RTC (HcI) defines the sensitivity of
demagnetization with increasing temperature. Demagnetization occurs when the operating
point passes the knee point in the BH-curve. As the temperature increases, the knee moves
closer to origin. How much is determined by RTC (HcI). In Figure 3.1 the knee can be
seen at approximately -750 kA/m in the 150°C curves. RTC (Br) defines the change in
remanence. Since the permeability µ hardly is affected by the temperature increase, the
slope can be considered constant regardless of (normal) operating temperature. This means
that in the normal operating range,RTC (Br) can be applied onBr according to (3.2) and
as well as on HcB according to (3.3). Typical values for RTC (Br) and RTC (HcB) in
Neodymium-Iron-Boron, or NdFeB magnets are in the range of -0.11/°C and -0.60/°C,
respectively [9, pg.42], although the exact numbers depends on the magnet grade. This
means that increased temperature leads to a reduction in remanence and coercivity due to
the negative signs on the RTC coefficients.

Br = Br (20°C) ·
(
1 +

RTC (Br) ·∆ϑ
100%

)
(3.2)

HcB = HcB (20°C) ·
(
1 +

RTC (Br) ·∆ϑ
100%

)
(3.3)
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3.2 Iron core temperature dependence

The temperature dependence of the electric steel is considered as well. According to [30,
Ch.6.1.10] and [31,32], the relative permeability µFe of iron increases slightly with increased
temperature at low field strength. This is investigated analytically based on the simplifica-
tion presented in Figure 3.2. Here it should be noted that the different areas defined in the
figure are the width of each sub region multiplied by active machine length. The relation

Figure 3.2: Simplification of the magnetic circuit in the electric machine with definitions of the
lengths (lFe, ld and lPM ) and areas (AFe, Ad and APM ) for the flux paths together
with the current (i) and number of turns (N ) in the coil

between the induced current i in the N number of turns and the magnetic flux density B
in the iron (BFe), airgap (Bd) and magnets (BPM ) can be calculated according to (3.4).
Here the permeability is denoted by µ and the flux density from the permanent magnet
by B0PM . The flux density inside the magnet is hence a combination of the internal per-
manent magnet flux (B0PM ) and the external flux from the magnetic coil that is passing
through the magnet (BPM ).

N · i =HFe · lFe +Hd · ld +HPM · lPM =

BFe
µ0 · µFe

· lFe +
Bd
µ0

· ld +
BPM −B0PM

µ0 · µPM
· lPM

(3.4)

By introducing the simplification stated in (3.5), the total flux in the magnetic circuit is
calculated according to (3.6).

AFe ≈ Ad ≈ APM ⇒ BFe ≈ Bd ≈ BPM ≈ B (3.5)

B =

µ0 ·N · i+ B0PM · lPM
µPM

lFe
µFe

+ ld +
lPM
µPM

(3.6)
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The influence of the relative permeability of iron in the magnetic circuit can then be in-
vestigated with (3.6). With zero applied current together with relevant numbers on all
parameters in (3.6) it is clear that a change in relative permeability of iron has a marginal
influence only. It is concluded that a duplication of the permeability results in less than 1
difference in the resulting flux density. Although the simplifications done when assuming
equal cross section areas and a uniform flux density is rather coarse, the result should be
valid also for a more correct representation of the actual design.

The analytical result is also backed up with FE-simulations, where an exaggeratedly mod-
ified permeability still only gives a marginal difference in the result. The conclusion from
investigating the temperature dependence of the iron permeability is that the influence is
negligible when investigating the machine performance. It is therefore not considered when
setting up the FE-simulations.

3.3 Simulations

The influence of increased PM temperature ∆ϑ in the machine model is investigated by
modifying the remanence and the coercivity according to (3.2) and (3.3) respectively. Since
the permeability does not vary with temperature, both Br and HcB are changed equally
much. This is also why RTC (Br) is used on both parameters. The value for RTC (Br)
for the magnet grade used in the prototype is obtained from the magnet supplier data
sheet. Implementation is done in the pre-simulation stage in the simulation tool described
earlier in Chapter 2.2.1. The modified remanence and coercivity are used as input when
defining the magnet material in the simulation model. The temperature defined prior the
FE-simulations is also used to estimate the temperature and hence resistance in the copper
windings in the post simulation analysis.

3.3.1 No load conditions

The resulting reduction in flux linkage due to increased temperature at no load is presented
in Figure 3.3. As can be seen, the flux linkage is reduced with almost 10 at 100°C compared
to room temperature – a temperature difference ∆ϑ of 80°C.

3.3.2 Loading conditions

The temperature dependence at loading conditions is studied by looking at the magnetic
flux linkage ψ in d- and q-direction as well as the torque as functions of id and iq for differ-
ent temperatures. Since the magnetic flux linkage in d-direction according to its definition
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Figure 3.3: Stator phase flux linkage (rms) as a function of magnet temperature at no load

is aligned with the PM flux, a clearly noticeable temperature dependency is observed. This
can be seen in Figure 3.4a where ψd is plotted for 20°C, 60°C and 100°C. The magnetic
flux linking in q-direction, plotted in Figure 3.4b is as expected less affected by the temper-
ature variation. The difference that still can be seen should be related to cross saturation
effects. The linked magnetic flux in d-direction at origin corresponds to the stator flux link-
age presented as rms-values at no load in Figure 3.3. The difference in amplitude between
the figures is due to the power invariant transformation (see Appendix A) of the flux in

Figure 3.4. This introduces a factor
√

3
2 ·

√
2 =

√
3 between the rms values in Figure 3.3

and the values at origin in 3.4, at corresponding temperatures. Induced voltage at each
temperature can simply be obtained by multiplying the rms value of the stator flux linkage
by the number of pole pairs (in this case 3) and rotational speed ωm in radians per second.

The torque as function of id and iq is presented in Figure 3.5. Here it is noticed that the
torque is more influenced by the increased temperature in the upper part of the graph.
The torque also shows larger temperature dependency closer to the q-axis while the torque
production closer to the d-axis is less affected by the temperature. This is related to that
iq produce electromagnetic torque with the permanent magnet flux, while current in d-
direction instead generates reluctance torque. As discussed earlier, the magnetic properties
in the iron core is hardly affected by the temperature and hence nor is the reluctance torque.

The torque and flux maps plotted as functions of temperatures in Figure 3.5 and Figure 3.4
are used to obtain torque-speed- and power-speed characteristics with MTPA and MFPT
(as described previously in Chapter 2) as functions of temperature. This is plotted at 20°C
and 100°C in Figure 3.6. Here the temperature influence on the machine can be seen by
approximately 5 lower torque below base speed. The reason for a lower decrease in torque
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Figure 3.4: Simulated linked magnetic flux ψ in d- (left) and q-direction (right) as functions of id
and iq at 20°C, 60°C and 100°C
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Figure 3.5: Simulated torque as function of id and iq at 20°C, 60°C and 100°C

compared to in PM flux linkage (in Figure 3.3) is due to the presence of reluctance torque.

At peak operation (30 A/mm2), the torque (and power) is decreased also above base speed.
When reaching top speed the reduction is around 10. However, at partial load (e.g.
10 A/mm2), the torque and power above base speed are instead increased with higher tem-
perature. The increased temperature makes the magnets slightly weaker which moves the
epicentre of the flux ellipses (in Figure 2.8) slightly to the right (closer to origin) in the
dq-map. Therefore the speed range in which the continuous current vector can be used is
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extended. The consequence is a redistribution in how much of the current that is needed
to counteract the permanent magnet flux. As the field weakening current is reduced, the
torque and thereby power can be increased.
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Figure 3.6: Influence of PM temperature on machine characteristics for 20°C and 100°C

The torque-speed and power-speed characteristics presented for 20°C and 100°C in Fig-
ure 3.6 are each derived with their own optimal MTPA curve. This is usually not the case
when implementing the control in an actual drive. That would have required a good model
for estimating the magnet temperature implemented in the drive in order to know which
data tables or current controller to use in each operating point. The impact on the torque
and power as functions of speed if controlled with the same MTPA-settings (based on one
for example just 100°C) but different magnet temperatures is not investigated here.

3.4 Verifications of the temperature dependent model

The temperature dependence implemented in the simulation model is verified with meas-
urements. No load tests are performed in a heat cabinet by measuring the induced voltage
at different temperatures. This gives the magnetic flux density from the permanent mag-
nets at different temperatures and hence the temperature dependence of the magnets in the
prototype.
The rapid test procedure of the dynamic testing method is opening for the possibility to
also test the temperature dependence at loading conditions.
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3.4.1 No load heat measurements

The no load heat test is performed within the Licentiate work. The results are presented
here to provide a more comprehensive overview.

No load heat test set up

The magnetic flux linkage as function of PM temperature is investigated by preheating the
electric machine in a heat cabinet. The heat cabinet temperature is gradually increased
up to just below 100°C and then decreased back to ambient. This sequence is repeated
twice, giving in total 69 test points at different temperatures and rotational speeds. After at
least three hours at each temperature, thermal equilibrium is assumed to be reached in the
machine. This assumption is used to establish the PM temperature by reading the internal
PT100 temperature sensors in the stator and at the bearings (see Table 2.2 and Figure 2.14).
The temperature is established by reading the resistance in the sensors with a Fluke 88V
multimeter.

The induced back Emf-voltage (electro-motive force) on each phase is measured with a
Yokogawa DL708E oscilloscope with plug-in input module 701853HR. This is repeated at
a number of different rotating speeds up to around 2000 rpm, equivalent to around 100
electrical hertz. The raw data from the oscilloscope is post-processed to give the rms voltage
as well as the frequency. The frequency and voltage are used to calculate the magnetic flux
linkage.

In order to gain access to the machine, the heat cabinet is opened during each set of voltage
measurements. A hand held drilling machine with a custom made quick coupling is used
to rotate the machine. This makes it possible to rotate the machine without removing it
from the heat cabinet as this would give time for the machine to cool down. A picture
of the test set-up with the machine attached to the oscilloscope can be seen in Figure 3.7
where the quick coupling is seen in the inset picture.

The temperatures are read before and after each voltage measurement. This is done to make
sure that the PM temperature can be considered constant even if the heat cabinet is opened
during the measurements. Each set of measurements is completed within approximately
ten minutes. During the first temperature reading, before the voltage measurements, the
mutual difference in temperature between all five temperature sensors is less than 0.5°C
throughout all measurements in the entire experiment. This indicates that the PM tem-
perature also can be considered to be in the same range. Hence, the assumed thermal
equilibrium is accomplished.

The temperature difference before and after each set of measurements varies partly depend-
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Figure 3.7: Test set-up for no load temperature dependence measurements with the custom made
quick coupling in the inset picture

ing on the sensor position and partly on the different temperatures. This correlates to a
higher delta temperature to ambient, which results in a faster temperature decrease. It is
also noticed that the temperature sensors at the bearings (3 and 4 in Table 2.2 and Fig-
ure 2.14) are deviating slightly more during each test than the sensors buried inside the
machine (1 in the slot and 2 at the stator back). Since the magnets are also buried, the
PM temperature should coincide better with sensors 1 and 2 rather than 3 and 4. The
fact that the heat cabinet is opened on the driving end (DE) of the machine is also noticed
in the temperature readings. The difference before and after each measurement is slightly
larger for the sensor at that end (4) compared to the one on the non-driving end (3).

For the temperature sensors in the slot and at the stator back (1 and 2), the largest differ-
ence before and after a measurement is 0.5°C. The largest temperature decrease for a single
temperature sensor during a measurement is less than 3°C, noticed in the sensor at the driv-
ing end bearings (4). Both these cases are observed during the 95°C measurement, hence
with a large delta temperature to ambient. The conclusion is that these results support the
assumption that the PM temperature can be considered constant throughout each set of
measurements.
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No load heat test results

The induced voltages at all phases (ΦA, ΦB and ΦC) during one of the test points are
plotted in Figure 3.8. With similar curve shapes and peak values, the balance between phases
can be said to be good. The harmonic content is low due to the implemented skewing.
The frequency is established by identifying the zero crossings in each phase. Magnetic
flux linkage is then obtained by dividing the rms values of the induced voltage with the
frequency.
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Figure 3.8: Induced voltage in all phases at 2000 rpm and 74°C

Magnetic flux linkage is plotted as function of speed and temperature in Figure 3.9. Here
it can be confirmed that the linked magnetic flux is independent of speed. Higher temper-
ature however results in a lower stator flux linkage.

The reduction in stator flux linkage due to increased temperature is clear in Figure 3.10
where the flux linkage is presented as function of temperature for each phase. As can be
seen, all phases are close together, again indicating a good balance between the phases.

In Figure 3.11 the simulation results are included. The results differ around 4 at room tem-
perature and around 3 at 100°C. This deviation between simulations and measurements
is potentially caused by small deviations in the magnet size and position compared to the
simulations. Another reason could by the inherited simplifications made when modelling
a 3-dimensional component using a 2D FE-simulation model. Furthermore, uncertainties
from when the test data is acquired and processed could potentially have an influence on
the result. This is both in terms of accuracy of the test equipment and in how the rms
voltage is derived from the oscilloscope readings. The conclusion from the measurements
is that the temperature dependency model implemented in the simulations is adequate at
no load.
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Figure 3.9: Magnetic flux linkage (rms) as function of speed and temperature (ϑ) at no load with
contribution from all stator phase windings
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Figure 3.10: Magnetic flux linkage (rms) as function of temperature for all stator phase windings

Induced voltage at each temperature can be obtained from Figure 3.11 by multiplying the
rms value of the stator flux linkage by the number of pole pairs (in this case 3) and rotational
speedωm in rad/s. Conversely, an estimation of the magnet temperature can be obtained by
measuring the induced voltage and divide with number of pole pairs and rotational speed.
If the voltage is measured phase to phase, a factor

√
3 should be included as well. This makes

it possible to estimate the magnet temperature based on induced voltage measurements at
no load.
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Figure 3.11: Stator phase flux linkage (rms) from simulations and measurements on phase A (ΦA)
as functions of machine temperature

3.4.2 Heat measurements during loading conditions

Testing a machine during loading conditions at a constant temperature is not trivial. If
connected in a conventional test bench with constant speed, heating of the test object can
become complicated. Also the duration of the test needs to be short in order for the test
object not to heat up too much. This is something that would lead to distortion in the
measurements.

Instead, testing of the temperature dependency during on load conditions is done with
the dynamic test method, described briefly in Section 2.3.2 and with more details in [24–
27]. The short time to complete the load map means that a constant temperature can be
assumed throughout the test. The dissipated heat from the stator windings to the magnets
is marginal. Furthermore, since the device under test has no mechanical connection to a
brake machine, the entire test object can be mounted in an insulated box. Thereby, a better
control of the ambient temperature can be provided.

On load heat test set-up

Prerequisites for the dynamic load testing are means to measure currents and voltages along
with a firm foundation that keeps the test object from moving. Hall sensors (type: LEM
LA 205-S) are used to measure the currents and voltage probes (type: LEM LV25-p) are
used to obtain the voltage. The PWM switching is handled by integrating the measured
voltage over one switching period. The rotor position is monitored by the resolver in the
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test object. A labview CompactRIO¹ system is used for machine control and data acquis-
ition. The CompactRIO consists of a field-programmable gate array (FPGA), a real-time
processor and an interface for a host computer. The FPGA part is used to control the
current and the data acquisition, while the test control sequence is implemented on the
real-time processor. [33] A thermally insulated box is built around the test object. This to
keep control of the ambient temperature during the test. A thermostat connected to a heat
gun is used to preserve a temperature approximately equal to that evaluated in the machine.
The temperature during the test is monitored with the internal temperature sensors in the
machine in a similar manner as for the no load tests. Figure 3.12 shows the machine when
mounted inside the heat box with the heat gun fitted in the lid. Currents are applied in the

Figure 3.12: Machine mounted inside the heat box for the dynamic on-load tests

dq-reference frame to generate flux and torque maps. Limitations in the test equipment
prevents the machine from being tested with currents higher than approximately 120 A. The
test data points are interpolated in the post process. This will give similar maps as those
presented for the simulations in Figure 3.4 and Figure 3.5.

On load heat test results

Figure 3.13 shows the linked magnetic flux as functions of id and iq. In addition to the
test results, the simulations are re-plotted with the same scale on the axis and at the same
temperatures. Looking at the measured linked magnetic flux ψmeasd in the d-direction in
Figure 3.13a, the reduction in linked flux due to increased temperature is evident. This is
expected as the increased permanent magnet temperature decreases the remanence and co-
ercivity. A comparison between the measured (Figure 3.13a) and simulated (Figure 3.13b)
linked magnetic d-flux shows that the simulations yield a higher flux than the measure-

¹http://www.ni.com/en-us/shop/compactrio.html, Accessed on 2018-12-02
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ments. This is in line with the no load test results presented in Figure 3.11, where a deviation
also is observed. The deviation in ψd was observed also during the licentiate work [1] as
well as in similar analyses performed on other machine designs [27]. It is therefore likely to
be related to the simulations. One explanation could be related to end winding effects as
they are excluded in the 2D FEM simulations. Another could be related to how the highly
saturated regions around the magnets are modelled. This would have an impact on the
amount of permanent magnet flux linking with the stator windings. The complete reason
for the divergence is considered to be outside the scope of this study is therefore not fully
established. Considering the change of flux linkage due to temperature, the simulations
and measurements match well; the linked magnetic flux decreases almost 0.01 Wb when
the temperature rises from 40°C to 100°C.

Figure 3.13c and Figure 3.13d show the linked magnetic flux in q-direction from measure-
ments (ψmeasq ) and simulations (ψsimq ). As expected, the temperature has a marginal effect
on the results here. The attenuated permanent magnet flux has no direct effect on the flux
linking in the q-direction. When comparing ψq from the tests more thoroughly to the
simulation results, a difference is noticed in the trend as the field weakening current is in-
creased. In contrast to the simulation results, an increased field weakening current leads to
a decrease in the q-flux for the same q-current in the tests. When instead looking at the
larger flux map in Figure 3.4b, it can be observed that the q-flux eventually reduces with
increased field weakening current. It is only at lower currents, covered by the test, that the
opposite trend is seen. This could mean that the trend due to increased field weakening
seen in Figure 3.13d is a result of errors introduced when interpolating the simulation res-
ults. As the behaviour due to temperature agrees and as the difference with increased field
weakening current is present at all temperatures, no more effort is put on investigating this
minor difference in the q-flux.

Figure 3.14 shows torque at different temperatures as a function of id and iq. Since the
linked magnetic flux in d-direction decreases when the temperature increases, the torque
is decreased as well. When the distribution of current shifts towards a larger portion in
negative d-direction, the torque is influenced less by the temperature variation. This is as
previously mentioned due to the increasing part of reluctance torque. Since the iron core is
not affected by the elevated temperature, neither is the reluctance torque. As expected from
the discrepancy in ψd, the experiments show a lower torque than the simulations. This is
especially noticeable in the upper right corner of the dq-map where there is no reluctance
torque. Since all torque here is produced by the permanent magnet flux only, the difference
in torque between simulations and measurements follows that between ψsimd and ψmeasd .

A final comparison is done in Figure 3.15. Here the flux linkage in the origin during the
dynamic load tests is estimated from the d-flux at id =0 A and iq =10 A. The inherent
method with which the data is collected during the dynamic tests out-rules origin as a
possible test point. This is because no acceleration will occur at zero current. Based on the
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(c) ψmeasq [Wb]
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Figure 3.13: Linked magnetic flux ψ in d- (upper) and q-direction (lower) from measurements (left)
and simulations (right) as functions of id and iq for 40°C, 70°C and 100°C including
the current limitation during testing

d-flux in Figure 3.13a, it is assumed that the linked magnetic flux is approximately the same
in origin as when a small iq (10 A) is applied. The q-flux should per definition be equal to
zero when iq is zero. In order to get phase rms quantities instead of vector quantities, the
magnetic flux linkage at (or rather close to) origin in Figure 3.13a is divided with a factor√
3 as discussed previously in Section 3.3. As can be seen in Figure 3.15, the trend already

seen in simulations and during the no load test is repeated again for the dynamic load tests.
This adds validity to the dynamic test results.
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Figure 3.14: Torque from measurements (left) and simulations (right) as functions of id and iq for
40°C, 70°C and 100°C including the current limitation during testing
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Figure 3.15: Stator phase winding flux linkage (rms) from simulations, no load measurements on
phase A (ΦA) and on-load test at (near) origin as functions of machine temperature

3.5 Concluding remarks on the temperature model evaluation

The analytical expressions (3.2) and (3.3) are implemented as a part of the pre-simulation
code for the simulation tool. By including the operating temperature of the machine when
setting up the simulations, the remanence and coercivity of the magnet material are corres-
pondingly adopted to that temperature. This means that the permanent magnet material
parameters, when defined in the FE-simulation environment are reflecting magnets that are
weakened by the elevated temperature. In addition to this, the defined temperature is also
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used to estimate the resistivity in the copper windings. The temperature difference between
the magnets and the windings are first estimated from FE heat flow simulations and verified
during continuous operation testing. The resistivity is used for estimating the copper losses
in the windings during the post simulation process. It should however be mentioned that
the stator winding temperature in general is more dynamic than that of the magnets in the
rotor. When operating an actual machine, this can be imposed in terms of the windings
reaching operating temperatures while the magnets still are rather cold. Correspondingly,
if the machine is at rest for a period of time, the windings might be cooled down faster if
the cooling circuit still is in operation. This is however not the case for this machine as one
part of the coolant (described in Figure 2.6) is directed through the rotor.

Despite the limitations in the dynamic load test set-up and therefore also in the test results,
the overall conclusion is that the temperature dependence observed in the measurements
agrees well with the simulations. This is valid for the no load test as well as with applied
loading. This contributes to the validity of the implemented temperature dependence in
the simulation model.

An offset is observed between the simulations and measurements in terms of linked flux
in d-direction. As this is observed also at no load it should be related to how the perman-
ent magnets are modelled. Possible reasons for the deviation could be related to how the
permanent magnet flux links to the windings in the simulations compared to the proto-
type. This could be either due to a slight deviation in actual magnet size and material data
compared to the PM data sheet, or possibly related to the heavily saturated iron bridges
between the magnets in the rotor. Since the simulations are performed in a 2D simulation
environment, potential end winding effects could also contribute to the difference. Apart
from a marginal fringing effect, this should however not have any noticeable impact on the
linked flux during no load.

A deviation is also observed in the q-directed linked flux when the field weakening current
is increased. While the simulations suggest a slight increase in linked flux, measurements
instead indicate a small reduction. Looking at the entire load map, it is however seen
that the flux linking along the q-axis eventually is decreased as well. The overall trend in
the simulations is similar to that in the tests. The small difference at low id is believed
to be related to interpolation errors in the simulation results. The simulations are based
on current steps larger than what is covered by the test. As the somewhat deviant trend is
observed for all temperatures it should not be related to the temperature model as such. No
more effort is therefore directed towards this. Instead the conclusion is that the temperature
model introduced in the simulation tool is adequate to predict the machine behaviour at
elevated temperatures.





Chapter 4

Skewing analysis

This chapter covers the work done on analysing the skewing of the stator in the prototype
machine. Main focus is on how the torque production and the unwanted torque variation
or ripple are affected. Skewing is implemented in the stator which allows for a continuous
twisting along the active machine length. This is contrary to the rotor that would have
required implementation in discrete steps due to the cuboid shaped permanent magnets.
Skewing is done with one slot pitch. With two slots per pole and phase the skewing angle
αsh becomesπ/6 electrical radians. In the machine with three pole pairs this corresponds to
10 mechanical degrees. With the rather long and slender geometry this is hardly noticeable
when working with the machine windings. The work presented in [34] states that the
skewing angle could be chosen differently in order to optimize the influence of skewing at
loaded conditions. This has however not been included in the prototyped machine design.

The simulation tool is adopted in order to study the influence of skewing in the stator or
rotor even though the FEA simulations are done in a 2D simulation tool. Measurements
are performed in order to verify the simulation results. A more thorough introduction to
why skewing is implemented in the prototype is found in [1].

4.1 Analytical approach

The first skewing analysis is done with an analytical approach. A skewing factor, ksh is
calculated for the harmonic order ha with (4.1) in accordance with, e.g., [8], [9] and [16].
Since the torque originates from the fundamental signal, the torque reduction due to skew-
ing can be predicted by solving (4.1) for a skewing angle αsh equal to π/6 and ha equal
to one and multiply it with the torque. With these numbers, the analytical and constant
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skewing factor becomes ksh =0.9886 ≈ 0.99, indicating just over 1 reduction in torque.

ksh =

sin

(
ha · αsh

2

)
ha · αsh

2

(4.1)

By analysing (4.1), it is noticed that the skewing factor can be seen as the peak value of the
average of an infinite number of sine waves shifted from plus to minus half the skewing
angle. This is also established in [35]. As a consequence, the analytical equation is limited to
no load or when the constant-torque lines are orthogonal to the current vector in a T (id, iq)
diagram. In practice this means a surface mounted PM machine with constant iso-torque
lines in parallel with the x-axis. If the iso-torque lines have a concave appearance, such as
in an IPMSM, the influence of the skewing factor is increased. If the current vector has
an angle different than 90° to the iso-torque lines, the influence of the skewing factor is
changed further. This means that for a machine utilizing reluctance torque, the skewing
factor will differ depending on the operation point. Therefore, the skewing factor as stated
in (4.1) is no longer valid. Similar conclusions are also reached in e.g. [34] and [36].

4.2 Finite element simulations

As mentioned previously in 2.2.1, the electromagnetic simulations are performed in a 2D-
FEM environment. Since skewing means a variation as function of axial direction, it cannot
be included in 2D simulations. The modelling of skewing is instead introduced in the post
simulation analysis.

4.2.1 Implementation of skewing in the simulation tool

For studying the influence of skewing, 28 load points as defined in the dq-reference frame in
Figure 4.1 are analysed by simulations. In order to avoid extrapolation, the actual simulation
load map also has an extra frame of load points surrounding the load map presented in
Figure 4.1. In the subsequent analysis, the encircled load case (id = −200 A, iq = 300 A)
is used to exemplify how skewing is implemented in the simulations.

Each load point in Figure 4.1 comprises data from a number of different rotor positions to
form an electric lap. In these simulations, the electric lap is divided into steps of π/30 or
6 electric degrees. The torque ripple is studied by looking at the torque as a function of
electric angle, ΘEL for each of the load points. This can be seen in Figure 4.2 where the
colour coding follows the colours in Figure 4.1. The encircled load case in Figure 4.1 can
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Figure 4.1: Load map in the dq reference frame
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Figure 4.2: Torque as function of rotor position for 28 load cases based on simulations on an un-
skewed machine, with the bold line corresponds to the encircled load case in Figure 4.1

be seen as the bold line around 250Nm in Figure 4.2. Included in Figure 4.2 is also the
definition of the torque ripple, ∆TEM . The torque, TEM and peak to peak torque ripple,
∆TEM as functions of id and iq is presented in Figure 4.3.

The approach to investigate the influence of skewing is to consider the machine as a con-
tinuous number of displaced machine sections. This is done not only physically along the
axle, but also in terms of the applied current. The laminate in the very centre of the ma-
chine halfway down the active length is considered as reference while the last laminate on
each end is twisted with plus/minus half the skewing angle respectively. The same is valid
for the applied current vector. Since skewing the stator (or rotor) means a rotation of the
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Figure 4.3: Torque (TEM ) and peak to peak torque ripple (∆TEM ) as functions of id and iq from
simulations on an un-skewed machine

incoming permanent magnet flux from the rotor along the stator length, the d -axis direc-
tion is twisted as well. This makes the applied current vector appear as distributed along the
axial stator length. Consequently, a considered reference current vector, applied halfway
down the active machine length is shifted by plus/minus half the skewing angle as it moves
toward each end of the machine. The result is that the applied current vector forms an
arc in the dq-reference frame. This can be seen in Figure 4.4 where the encircled load case
in Figure 4.1 (id = −200 A, iq = 300 A) is used to show how the current vector is dis-
tributed from the non-driving end (NDE) via the midpoint of the machine to the driving
end (DE). The torque contribution from each fraction of the distributed current vectors is
interpolated from the torque map in Figure 4.3.

The resulting torque contribution from the distributed currents is plotted as a function of
rotor position for half an electric lap in Figure 4.5. The figure should be interpreted as a
visualization of how the torque varies as a function of the machine length. The original,
un-skewed torque is plotted in black. The resulting simulated torque from the skewed
machine is obtained by averaging the torque from one side of the machine to the other.
The resulting torque is plotted in red. By replacing the original torque with the skewed
torque in the entire load map, the resulting torque from a skewed machine is obtained.

4.2.2 Simulation result

When post processed with consideration to skewing, torque vs. rotor position curves for
the 28 load cases defined in Figure 4.1 become as presented in Figure 4.6. Again the torque
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Figure 4.5: Visualization of the torque as function of rotor position from simulations for the distrib-
uted current (in Figure 4.4) together with the un-skewed original torque and resulting
averaged torque from a skewed machine

obtained with id = −200 A and iq = 300 A is presented with a thicker line. The torque
fluctuation seen at 0 Nm is a result of the five current combinations when iq = 0 A and
id ̸= 0A. With no current applied, the torque ripple is virtually gone. As expected, the peak
to peak torque ripple is reduced considerably. This is also seen when TEM and ∆TEM are
plotted as functions of id and iq in Figure 4.7 and compared to the result of the un-skewed
machine in Figure 4.3.

4.2.3 Apparent skewing factor

In order to further analyse the influence of skewing on the torque production, a load de-
pendant, apparent skewing factor, kapsh is derived from the simulation results with and
without skewing implemented. The simulated torque post processed with the distributed
current vectors in Figure 4.4, T (skew) is compared to the un-skewed torque T (no skew)
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Figure 4.6: Torque as function of rotor position from simulations for 28 load cases with skewing
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Figure 4.7: Torque (TEM ) and peak to peak torque ripple (∆TEM ) as functions of id and iq from
simulations with skewing

according to (4.2). This apparent skewing factor, presented in Figure 4.8 has no real prac-
tical use but is presented to emphasize the difference with the analytical skewing factor
from (4.1). Instead of being constant at almost 0.99, the skewing factor is a function of
loading.

kapsh =
T (skew)

T (no skew)
(4.2)
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Figure 4.8: Apparent skewing factor, kapsh derived from simulated torque with and without skewing
with distributed current vectors

In Figure 4.8, it can be noticed that the skewing factor is lower in the lower left region of
the load map. Hence the skewing has higher influence on the torque in that region. This is
caused by the concave trends of the iso-torque curves in a dq loadmap of an IPMSM (seen
in e.g. Figure 4.4) in combination with the arc formed by the distributed current vectors
in Figure 4.4.

Along the q-axis when id is close to zero, it can be seen that the iso-torque lines are rather
sparse. This since the torque production is less sensitive to variations in the current here.
Therefore the distributed current vectors appearing when skewing the machine has a minor
affect on the reduction in produced torque. Consequently, the apparent skewing factor in
this region is as high as the analytical expression in (4.1).

Along a 45° angle in the second (and third) quadrant of the dq-load map, the iso-torque
lines bend in opposite direction than those of the arc formed by the distributed current
vectors. This means that the current vectors in the outer ends of the arc end up further
from the constant iso-torque line. Compared to the analytical expression in (4.1) where the
result can be derived from an arc segment tangent to a straight line, this results in slightly
lower skewing factor around 0.98.

Further down towards the negative d-axis, the torque is more sensitive to a difference in
applied current. The iso-torque lines in e.g. Figure 4.4 are closer together. This with
the orientation of the arc formed by the distributed current vectors makes the influence
of skewing more considerable. As one end of the arc stretches rather deeply towards the
negative d-axis, the torque contribution from that end of the machine gets lower. At the
same time, the other side of the distributed current vector arc is bending away from the
increased torque. Hence the lost torque in one end of the machine is not compensated by



66 Chapter 4. Skewing analysis

the other end to the same extent. As a result, the apparent skewing factor is getting even
lower, down to just over 0.9 at the lowest.

As the load point reaches the negative d-axis, the torque distribution along the distributed
current arc gets more evenly distributed again. This makes the apparent skewing factor
recover slightly again. Since the torque produced in this part of the load map is rather low,
the torque reduction in absolute values is rather low anyway. The reduction in absolute
torque is presented in Figure 4.9.
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Figure 4.9: Torque reduction due to skewing as function of id and iq

Based on this analysis it can be concluded that the apparent skewing factor is load depend-
ant rather than constant. By adding the MTPA and MFPT curves (introduced earlier in
Figure 2.8 when discussing the machine control in Section 2.2.3) it can also be studied how
the load dependant apparent skewing factor influences the machine when in operation.
This is done for kapsh in Figure 4.10 and for the reduction in absolute torque in Figure 4.11.
Here, the dotted lines between the MTPA and MFPT curves correspond to dq-current
vectors of 100 to 500 A. From these figures it is concluded that the region of the load map
where the torque is affected the most, corresponds to the region used while the machine
is in field weakening. Since a traction machine is used extensively in the constant power
region above base speed, the machine is influenced more than expected from the analytical
expression in (4.1).

4.2.4 Torque ripple reduction

By comparing the average torque ripple,∆T with and without skewing in a similar manner
as previously done for the torque in (4.2), the influence on the unwanted torque fluctuations
can be studied. This is done according to (4.3) with the result presented in Figure 4.12. Here
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Figure 4.10: Apparent skewing factor, kapsh with MTPA and MFPT curves to define the operating
area for the electric machine
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Figure 4.11: Torque reduction due to skewing with MTPA and MFPT curves to define the operating
area for the electric machine

the torque ripple reduction, ∆TReduction should be seen as how much the torque ripple is
decreased in percent due to skewing.

∆TReduction =

(
∆T (skew)

∆T (no skew)
− 1

)
· 100% (4.3)

As can be seen, the torque ripple is affected differently depending on load point. Along the
q-axis, the torque ripple is reduced with up to 80. Although not visible in the figure, the
torque ripple in the the origin is reduced with more than 95. This is expected since the
cogging torque theoretically should be completely removed with skewing. Therefore, with
no applied currents, the torque ripple should be virtually zero in this point.
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Figure 4.12: Torque ripple reduction in percent due to skewing as function of id and iq

In the operating range of the machine, along an MTPA-curve ∆T is reduced with around
60. Further down in the field weakening area the relative torque ripple reduction drops
down to eventually below 40. Hence, the benefit of introducing skewing in terms of
lower torque ripple, seems to decrease in the operating area typically used by the IPMSM
traction machine. A similar conclusion can also be drawn from the analytical expression
in (4.1). When solved for the 6t harmonic the skewing factor becomes ≈0.6. Hence, the
single largest torque ripple contributor is predicted to be reduced by around 40 only.

4.2.5 Linked magnetic flux with skewing

In addition to studying the torque reduction due to skewing, some attention is also dir-
ected towards the linked magnetic flux, ψ. This is presented as ψd and ψq for the direct
and quadrature directions in Figure 4.13 and as ψ in absolute values in Figure 4.14. From
these figures it is possible to conclude that the magnetic flux linking in the q-direction is
affected more by skewing than that in the d-direction. This is expected since the effective
airgap is larger in the d-direction and hence the reluctance in the q-direction is smaller
compared to in the d-direction. The relative influence on the reluctance is therefore higher
in the q-direction. When the current vector is distributed by the skewing (as described
in Figure 4.4), a variation in the q-direction affects the linked magnetic flux more than in
d-direction due to larger inductance.

A reduction factor, k|ψ|sh (similar to the apparent skewing factor, kapsh presented for the torque
in Figure 4.8) for the total linked magnetic flux is derived according to (4.4) and presented
in Figure 4.15.

k
|ψ|
sh =

ψ (skew)

ψ (no skew)
(4.4)
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Figure 4.13: Linked magnetic flux, ψ in d- (left) and q- (right) direction as functions of id and iq
with and without skewing
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Figure 4.14: Total linked magnetic flux, |ψ| with and without skewing as functions of id and iq

In Figure 4.16 the two reduction factors (kapsh for the torque and k|ψ|sh for the total linked
magnetic flux) are plotted together to simplify a comparison. Here it is noticed that al-
though the overall trend agrees, the torque is affected slightly more than the linked mag-
netic flux when the field weakening current increases. This because the q-flux is affected
more than the d-flux and that the importance of the reluctance torque is larger in that part
of the load map. Since the flux in the d-direction is almost unaffected, the total magnetic
flux linkage is affected less than the torque.
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Figure 4.15: Magnetic flux linkage reduction factor, k|ψ|sh due to skewing as function of id and iq
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Figure 4.16: Apparent skewing factor, kapsh and magnetic flux linkage reduction factor, k|ψ|sh as func-
tions of id and iq

4.3 Torque ripple measurements

Measurements are performed in order to study the torque ripple and verify the simulation
results. Since the prototype is built with a skewed stator, no comparative measurements can
be done on an un-skewed machine. The test result is compared to simulations with and
without consideration to skewing. This is done for skewing modelled with the distributed
current vectors as described in previous sections as well as implemented with the analytical
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Figure 4.17: Test object mounted in the test rig

skewing factor in (4.1). The result agrees well with when the distributed current vectors
are used in the model. This holds in terms of torque and torque ripple levels as well as
harmonics content in the torque.

4.3.1 Test set-up

The prototype mounted in the test rig can be seen to the left in Figure 4.17. The test object is
operated in current control with a Semikron SKAI 2 drive [29] utilizing PWM at a switching
frequency of 8 kHz. Torque is measured with a HBM T12/1 kNm torque transducer with
the Higher Accuracy option [28]. The rig dyno (a separately magnetized Siemens 1GH5
224-0NJ40-Z DC-machine controlled by a Parker DC590P inverter) is controlled in speed
control with a set speed of 20 rpm. The test object is pre-heated with 60°C coolant and
loaded with currents in the dq-reference frame as defined in Figure 4.1. Each load point is
maintained for about 30 seconds, which at 20 rpm and with 3 pole pairs corresponds to 30
electrical laps. The rotor position and hence electrical angle is obtained from the resolver.
The winding temperature is monitored during the entire test and the magnet temperature
is monitored periodically by disabling the drive and measure the induced voltage (based
on the results in Chapter 3). The magnet temperature is kept between 60°C and 70°C
throughout all tests.

4.3.2 Measurement results

The torque and electric angle, ΘEL are recorded as functions of time for the load cases
introduced in Figure 4.1. The measured signals at id = −200 A and iq = 300 A (the
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encircled load case in Figure 4.1) is presented in Figure 4.18. The average torque, TEM and
peak to peak torque ripple ∆TEM can be determined rather easily, but it is not possible to
see any trends in the torque ripple. In order to do so, the data is rearranged with ascending
order of the electric angle, ΘEL. This way, the torque contribution from multiple laps are
used to study the torque as function of electric angle instead of as function of time. The
rearranged torque signal for id = −200 A and iq = 300 A is presented for one complete
electric lap in Figure 4.19.
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Figure 4.18: Measured torque (upper) and electric angle ΘEL (lower) as functions of time for id =
−200 A and iq = 300 A
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Figure 4.19: Measured torque as a function of electric angle, ΘEL together with average torque
(dashed line) for id = −200 A and iq = 300 A

Average torque and torque ripple for all load points in the entire load map are collected in
Figure 4.20. Here, each sub-plot represent a specific measurement point and is arranged ac-
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cording to its applied dq-currents. Hence the sub-plots on the right hand side are with zero
d-current and increasing q-current when moving upwards in the graph. Correspondingly,
the sub-plots at the bottom of the figure are with no q-current and increasing d-current
amplitude when moving to the left. Limitations in the dq-current amplitude in the drive
prevent tests from being performed in the upper left corner of the load map.
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Figure 4.20: Sub plots on measured torque [Nm] on the y-axes as a function of electric angle, ΘEL
[0-360°] on the x-axes for 28 load cases distributed according to the location of each
sub plot in the dq-current load map

In order to study the harmonic content in the torque at the different load cases, an FFT
analysis is done. The result for each load case is presented with a logarithmic scale in
Figure 4.21 (arranged in a similar way as in Figure 4.20). As can be seen, dominating
harmonics are the 6t and the 12t. This corresponds to the space harmonics of order 5
and 7 (for the 6t) and order 11 and 13 (for the 12t) when considering the three phase
system [37, pg.113-115]. Since the skewing is done with one slot pitch, corresponding to one
twelfth of an electric lap, the 12t order harmonic is in theory cancelled. This is why the
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Figure 4.21: Sub plots on the amplitudes of the harmonic content in logarithmic scale on the y-axes
as functions of harmonic order on the x-axes based on FFT analysis of the measured
torque from 28 load cases distributed according to the location of each sub plot in the
dq-current load map

12t harmonic is removed when the analytical skewing factor for a skewing angle (αsh) of
30 electrical degrees is used. In reality the 12t harmonic is still present. This is explained
by the different parts of the machine being saturated differently. Any blanking time from
the frequency converter could also be a potential source of 6t order harmonics [38]. This
should however not be an issue at the low speed operation used during these tests. In
addition to this, the drive used in the testing has a compensation strategy for the blanking
time by adopting the pulse width to correspond to what is lost due to the dead time.

At higher loads, more harmonics can be seen when saturation effects starts to have higher
influence. Finally, a first order harmonic is noticed in some of the load points. These are
not expected and are discussed further in the following sub section. The measured torque
and torque ripple for all test cases are collected and plotted as functions of id and iq in 4.22.
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Here, the torque ripple is collected as being the difference between the highest and lowest
torque in each load point. Hence the first order torque ripple is included and contributes
to the amplitude of the total torque ripple.
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Figure 4.22: Measured torque (TEM ) and peak to peak torque ripple (∆TEM ) including the first
order torque ripple as functions of id and iq from the prototype with skewed stator

Resolver eccentricity

As mentioned previously, some load cases in the test results in Figure 4.20 and 4.21 reveals an
un-expected first order harmonic. This is a torque ripple that follows the electric frequency.
It can also be observed that this first order torque ripple is present only in the sub plots in
the lower left and upper right regions, hence along either the d- or the q-axis. In Figure 4.20
it is also noticed that there seems to be an apparent phase shift depending on whether the
load point is along the negative d-axis or the q-axis. In the first case (lower left corner of
Figure 4.20), the torque is higher in the beginning and end of the electric lap (0° and 360°)
and lower at approximately half the lap (180°). In the upper right corner of the load map
the trend of the torque is the opposite, hence lower when the electric lap starts and higher
after half the turn (180°). Finally, it is observed that when the d- and q-components of the
current vector are in the same magnitude, the first order torque ripple seems to fade out.

When consulting the literature, it is concluded that the first order harmonic is related to
resolver eccentricity. Hence a misalignment of the resolver rotor relative to its stator. The
consequence is a small difference in amplitude between the sine and cosine responses from
the resolver. This leads to a fluctuation in the resolver angle reading. As a result, there will
be a torque ripple with a frequency equal to the electrical frequency. This phenomenon and
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Figure 4.23: Measured resolver angle plotted with a linear reference line to simulate the actual rotor
angle (upper) and electric angle offset being the resolver angle minus the linear reference
angle (lower) as functions of time

how to compensate for it is handled in e.g. [39–42]. The implementation of a compensation
method in the drive is not included in the work presented here.

The phenomenon with the misaligned resolver rotor on the prototype machine is investig-
ated further by studying the sine and cosine signals. The resolver is excited by the frequency
converter and rotated at no load. The resolver sine and cosine responses are sampled with
an oscilloscope at 200kS (kilo-Samples) and post processed in Matlab in order to obtain the
resolver angle. The result, presented in Figure 4.23 indicates that the resolver angle from the
prototype machine fluctuates with an electrical angle offset of up to about ±0.8°. A similar
but highly over-exaggerated sketch on how the resolver position angle fluctuation behaves
compared to the actual rotor position angle can be seen in Figure 4.24. The result of this
fluctuation is a small oscillation in the dq-reference frame in the frequency converter. This
is noticed in the machine as a variation in angle of the applied current vector.

An attempt to replicate the effect of the eccentric resolver in simulations is done with an
approach similar to when skewing is implemented (described in subsection 4.2.1). The dif-
ference is that instead of interpolating the torque in the dq-load map based on the skewing
angle (±15°), the interpolation is made based on the resolver angle offset due to the mis-
alignment. In this way the average torque contribution from each of the two extreme cases
±0.8° can be used to estimate an approximate amplitude of the torque ripple caused by the
misaligned resolver rotor. As can be seen in Figure 4.25, the result is consistent with the
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Figure 4.24: Over-exaggerated resolver angle fluctuation due to misaligned resolver rotor

trends seen in the FFT analysis in Figure 4.21.
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Figure 4.25: Amplitude of the first order harmonic in the torque ripple as function of id and iq
according to simulations with a resolver misalignment of ±0.8°

In addition to the amplitude of the first order harmonic torque ripple, the apparent phase
shift at different locations in the load map can be explained by visualizing the two extreme
cases ±0.8° in a load map with torque as function of id and iq such as e.g. Figure 4.7.
This would look similar to the arc in Figure 4.4 but with the end points of the arc much
closer together (±0.8° instead of ±15°). From this it can be reasoned that a current vector
in the second (or third) quadrant shifted closer to the negative d-axis (hence first half of
an electric lap) will result in decreased torque as long as the current vector is close to the
d-axis. If the current vector instead is closer to the q-axis, the result on the torque is the
opposite. In the second half of the lap, when the current vector instead is shifted slightly
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Figure 4.26: Measured torque (TEM ) and peak to peak torque ripple (∆TEM ) without the influ-
ence of the first order torque ripple caused by the resolver eccentricity as functions of
id and iq from the prototype with skewed stator

towards the q-axis, the mutual relationship will be the opposite, hence increased torque
close to the negative d-axis and decreased torque close to the q-axis. In between the two
axes, when the d- and q-current components are in the same range and the iso-torque lines
make their upward bends, the torque decreases equally much (or rather little) disregarding
if the current vector is shifted positively or negatively. The result would instead be a torque
ripple with twice the electric frequency. However, since the current vector oscillation has
such a small amplitude, the amplitude of the resulting torque ripple in this region of the
load map is so small that it is hard to detect in comparison with the higher order torque
ripple from the machine.

Since the resolver eccentricity is not included in the simulations on the skewed stator, the
torque ripple caused by the resolver misalignment is compensated for when post processing
the test data. Instead of simply considering the difference between one maximum and one
minimum over a complete electric lap (as done previously for the result in Figure 4.22),
the average out of a number of local maxima and minima is regarded. Since the 6t or-
der harmonic dominates, this gives the number of local maxima and minima to consider
over one electric revolution. In this way, the influence of the first order harmonic can be
filtered from the test data at the post processing. The resulting torque and torque ripple
with compensation for the eccentric resolver as functions of id and iq are presented in
Figure 4.26. For the continuing comparison between measurements and simulations, this
modified torque ripple map is used. The effects of the eccentricity are not the main purpose
of the experimental evaluation.
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4.3.3 Measurements compared to simulations

Torque from the simulations with constant and load dependant skewing (ksh and kapsh
respectively) as well as without skewing are plotted as functions of id and iq together with
the measured torque in Figure 4.27. Here it is seen that the difference between the three
simulated cases is small in the upper right corner of the load map. This is expected from
Figure 4.8 and solving (4.1) as the two skewing factors are basically equal in these load cases.
They are also so close to 1 so the difference to the torque without skewing should be small.
In the lower left region of the load map, the simulation result with load dependant skewing
factor starts to deviate from the two other simulation cases. This is also expected from
Figure 4.8 since the apparent skewing factor in this region drops down to just over 0.9. The
mutual difference between the simulated non-skewed torque and that recalculated with the
constant ksh is for obvious reasons constant in the entire load map.

−500 −400 −300 −200 −100 0

0

100

200

300

400

500

50

100

150

20
0

25
0

30
0

50

100

150

20
025

0

30
0

50

100

150

20
0

25
0

30
0

0

50

100

15
0

20
025

0

30
0

 

 

[A]i
d

i
q

Measured Torque

Sim. Torque with kap
sh

Sim. Torque with k
sh

Sim. Torque without skew

Figure 4.27: Measured torque and torque from simulations with load dependant skewing, constant
skewing factor and without skewing

When comparing the simulation results with measurements it is clear that the simulations
with load dependant skewing follows the measurements better than if the skewing factor
is constant or if no skewing is implemented. It is also observed that there is an offset
between measurements and simulations in the entire load map. When studying it closer,
it is concluded that the deviation between measurements and simulations with skewing is
increasing with the length of the applied dq-current vector. This deviation is observed also
in the measurements performed in Chapter 2 as well as those performed in Chapter 3. This
holds for the torque as well as the linked flux or induced voltage. As already discussed,
possible reasons could be related to how the permanent magnets are modelled or how the
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simulation model handles the highly saturated regions in the machine (typically close to
the air gap and around the iron bridges between the magnets and flux barriers in the rotor).
It might be that a smaller mesh size in those saturated regions or a better fitted BH-curve of
the iron core could reduce the deviation between simulations and measurements slightly.
This is not studied further in the analysis covering the effects of skewing on the torque
production.

The amplitude of the torque ripple ∆TEM from the measurements, together with simula-
tions with kapsh and without skewing is studied in Figure 4.28 (torque ripple modelled with
the constant skewing factor ksh is not included in this plot). As expected, the amplitude
of the torque ripple is higher in the simulations without skewing. Compared to the simu-
lations with skewing, the amplitude differ approximately with a factor of 2. The amplitude
of the torque ripple from the simulations with load dependant skewing agrees well with the
measurements.

Figure 4.28: Torque ripple (∆TEM ) in newton meters from measurements and simulations with
and without load dependant skewing

The torque ripple is analysed a bit further by looking closer at the harmonic content for
some load cases. In Figure 4.29, the harmonic content of the encircled load case in Figure 4.1
(id = −200 A and iq = 300 A) is plotted with logarithmic scale on the y-axis. Included
in the graph is measured data as well as simulation results with load dependant skewing,
constant skewing factor and without skewing. The test data in this load point does not
have any visible first order harmonic from the resolver misalignment. Further on, since the
load dependant skewing and the constant skewing factor are almost equal in this region of
the load map (see Figure 4.8 and compare to solving (4.1)), the fundamental torque from
these two simulation cases are virtually the same.
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Figure 4.29: Harmonic content as a function of electric angle in the torque at id = −200 A and
iq = 300 A from measurements and simulations with load dependant, constant and
no skewing

The previously mentioned discrepancy in fundamental or average torque from measure-
ments compared to simulations is noticed here as well. Also the 6t order harmonic is
lower in measurements compared to simulations with load dependant skewing. The differ-
ence is around 1 Nm. Simulations with constant skewing factor instead underestimates the
6t order harmonic with around 2 Nm. The 12t harmonic which is removed completely
with the constant analytical skewing factor, is almost equal when comparing measured data
with the load dependant skewing simulation. Similar conclusions are drawn when study-
ing the harmonic content at id = −300 A and iq = 200 A, which is done in Figure 4.30.
Being located within the field weakening region, this load case is more relevant in terms
where the machine is likely to operate. Here, the 1st harmonic from the resolver eccentricity
is seen in the measured data. Further on, the difference in fundamental torque from the
two versions of simulations with skewing is larger. This is expected based on the apparent
skewing factor (presented in Figure 4.8) in this region of the loadmap. The fundamental
torque from simulations with constant skewing factor is around 10 Nm higher than the
simulation result with load dependant skewing. That is in turn around 10 Nm higher than
the measurements. The trends at higher order harmonics such as the 6t and 12t are the
same as in Figure 4.29. All and all, this confirms that the load dependant skewing approach
is needed when analysing the influence of skewing in an IPMSM. The analytical approach
in (4.1) is not sufficient when the machine is loaded.
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Figure 4.30: Harmonic content as a function of electric angle in the torque at id = −300 A and
iq = 200 A from measurements and simulations with load dependant, constant and
no skewing

4.4 Discussion and conclusions from the skewing analysis

As is shown throughout the chapter, implementing skewing is an efficient method to reduce
the torque ripple. This is also expected both from the literature [8,9,16] and when studying
the underlying physics. The drawback, also stated in the literature, is a small reduction in
the torque. In addition to this, the work performed illustrates how the influence of skewing
is dependant on the loading of the machine. The linked magnetic flux as well as the torque
and torque ripple do behave differently due to skewing depending on the applied load. The
operating area of the IPMSM traction machine utilizing reluctance torque coincides with
where the torque reduction due to skewing is largest.

The validity of the simulation model is tested by comparing the simulations with meas-
urements. The lack of a prototype without skewing limits the comparison to some extent.
However, the conformity to the simulation model in terms of behaviour of the fundamental
torque as well as the harmonic content, indicates that the model can be trusted. The torque
ripple due to resolver eccentricity is explained using the same approach as when looking at
skewing in the simulation model. Measurements on the resolver signals at no load proves
that the resolver rotor indeed is slightly misaligned to its stator.

With the prerequisites for the machine (briefly introduced in Chapter 2) being exceeded
in terms of peak torque, the reduced torque due to skewing should be of less importance.
The benefits in terms of reduced torque ripple should instead be less noise and wear in the
connecting gear reduction. However, in addition to the torque being negatively affected,
so should the overall efficiency. This can be concluded with some different approaches, of
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which some are used in the following reasoning.

The first approach is to consider an efficiency map where efficiency is plotted as function
of torque and speed (such as Figure 2.12). Here it is elemental that the current needs to
be increased in order to compensate for the reduced torque in the skewed machine. With
increased current, increased losses in the windings will follow. On the other hand, with
unchanged rotational speed, the reduced linked magnetic flux should imply lower flux
density in the stator iron core. This leads to reduced losses due to that the flux density
variation dB

dt is reduced [43]. However, as concluded from Figure 4.16 the torque is affected
slightly more than the linked magnetic flux. Consequently, the losses in the windings is
likely to increase more than the reduction of losses in the iron core. In addition to this,
the winding losses dominate over the iron losses in almost the entire torque speed map. As
both the current and flux density have a squared relation to the losses, the proportional loss
increase in the windings should be greater than the loss decrease in the core.

Another approach is to consider power in, Pin versus power out, Pout with unchanged d-
and q-currents. Pin is affected by the voltage and the voltage is reduced due to the reduced
magnetic flux linkage. Pout is affected by the torque and hence also reduced. However,
since the torque is affected more than the magnetic flux linkage, Pout will be reduced more
than Pin and hence the efficiency should be reduced. Another aspect to this could be that
the harmonic content in the induced voltage is reduced and therefore potentially the iron
losses as well. This is however misleading since the flux density harmonics in each laminate
will be unaffected by the skewed stator. The distributed current vector should impose a
small difference in iron losses in the different machine ends, but this is not believed to be
decisive for the result. This potential variation in iron losses as function of machine length
is however not pursued any further in the work presented here. Despite no major influence
on the iron core losses, the reduced harmonic content in the magnetic flux linkage and
therefore in the voltage will have a positive effect on the losses above base speed. With
reduced harmonics, the voltage margin during field weakening could potentially be set
smaller. Hence allowing a slightly lower current and hence losses for a given load point.

The final approach on the efficiency discussed here is starting with the applied current
vector from the drive. Regardless of whether the current vector is applied with MTPA or
with minimized losses in mind, the average losses in the machine and hence the efficiency
should be worse as the current vector is distributed. With MTPA, this obliges a machine
where the windings are the dominating loss contributor. Also in the case where the current
is controlled to minimize the power factor, cosϕ the efficiency should drop. Again, the
distributed current vector will cause part of the machine to deviate from the most beneficial
power factor and thereby lower the efficiency. As the power factor drops, so will the active
part of the electrical power going into the machine.

The outcome of this chapter is that skewing affects the torque as well as the efficiency a
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bit more than predicted by the analytical approach. Therefore it is important to reach
a conclusion for each application on whether the benefits in reduced torque ripple and
linked magnetic flux harmonics is worth the extra penalty. In the application aimed for in
this project, the mechanical as well as acoustic aspects in the connecting gear drive could
be enough to motivate for skewing. Overall this might indicate that skewing is the right
way to go.

On the other end of the scale, there is the efficiency. In a hybrid application, it might
not be that crucial. But if a full electric vehicle should be considered as well, it might. In
such vehicles, driving range versus energy storage size is an important issue. Shifting side
yet again, the full electric drivetrain might also suffer more from addition acoustic noise
in the gear reduction. This leads to the ever-repeated conclusion that designing an electric
machine is all about compromising.



Chapter 5

Loss mapping

5.1 Introduction

The estimation of power losses is as sophisticated as challenging independent of whether
the task is carried out in a numeric field computation tool or on a test bench. In the design
stage it makes more sense to keep the complexity and computational time and effort low,
rather than to achieve superior accuracy. Therefore the power loss estimation is kept on
a simplified level. First of all, the material modelling is rather idealized and the geometry
is not as detailed as in reality. Basically the maximum flux density values are defined at
fundamental frequency for a few core regions to define the power losses in these regions.
Mechanical losses are neglected and winding losses are estimated by DC-conductor losses
at the operation temperature. A simplifying assumption is also that the air-gap flux density
in the interior permanent magnet rotor is more sinusoidal compared to surface mounted
permanent magnet machines. Hence the high frequency field changes in the rotor core and
magnets are ignored. Consequently the losses are underestimated in the design stage.

As the prototype is built and verifying measurements are performed, the models are gradu-
ally improved with consideration to more parameters. Mechanical losses are introduced as
analytical models for windage and various types of friction contributors. The influence of
manufacturing is being considered, both in how it impacts the material properties and as
tolerances during the assembly.
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5.2 Mechanical losses

The mechanical losses that have been neglected during the design stage are introduced and
accounted for in this section. The mechanical losses (Pmech) considered and analysed are
those originating from the bearings (PB) together with those related to the air friction or
windage (Pair). In addition to this, some additional loss contributors are identified and
accounted for. This includes friction losses from an oil seal and from carbon brushes used
to connect the rotor to ground potential. The mechanical loss study is done analytically and
the result is discussed in terms of uncertainties and how they affect the result. Measurements
are also performed as a part of the analysis.

5.2.1 Windage losses

The air friction losses considered are those related to the air-gap together with the rotor
gables. The air friction depends on the rotor speed, roughness of the surface, structure of
stator core and gas properties.

Windage in the airgap

The air-gap is considered as an envelope surface meaning that the air-gap air resistance
losses, P envair can be calculated with (5.1) [44, 45].

P envair = ksr · Cenvf · π · ρair · ω3
m · r4A · lR (5.1)

Here, ksr is a surface roughness coefficient, ρair is the density of air, ωm is the angular
mechanical velocity, rA and lR are rotor radius and length respectively and Cenvf is the
viscous drag coefficient. This coefficient depends on parameters such the molecular viscos-
ity and the eddy diffusivity of momentum which are difficult to calculate analytically [44].
Instead Cenvf needs to be established either experimentally or with computational fluid
dynamics (CFD). According to [45] the friction coefficient can be determined with (5.2)
whereReδ is the Couette Reynolds number andRea is the Reynolds number for any axial
airflow in the airgap. The two Reynolds numbers are described in (5.3) and (5.4).

Cenvf =
0.0152

Re0.24δ

(
1 +

(
8

7

)2

·
(
4 ·Rea
Reδ

)2
)0.38

(5.2)

Reδ =
ρair · v1 · δ

νair
(5.3)

Rea =
ρair · vaxial · 2 · dg

νair
(5.4)
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Here, v1 is the peripheral speed of the rotor, dg is the airgap distance, νair is the dynamic
viscosity of air and vaxial the axial air flow in the air-gap. The dynamic viscosity as well as
the density of air are functions of temperature, ϑK in Kelvin and can be determined with
(5.5) and (5.6) [46, pg.377, 177]. Here, p is the absolute pressure in Pa andRA is the specific
gas constant of air.

νair =
1.458 · 10−6 · ϑ1.5K
ϑK + 110.4

(5.5)

ρair =
p

RA · ϑK
(5.6)

Assuming an air temperature of 100°C (373.15K) and atmospheric pressure, the Couette
Reynolds number (Reδ) becomes just over 4000 at 15000 rpm for the machine in question.
By assuming little or no axial air flow in the air-gap, Rea can be disregarded. This gives a
simplified friction coefficient Cenvf according to (5.7).

Cenvf ≈ 0.0152

Re0.24δ

(5.7)

According to [47], (5.7) is valid for Reynolds numbers from 800 to 6 · 104 but takes no
account for Taylor vortices in the airgap. As a consequence, the analytical result is under-
estimating the drag losses due to windage. An alternative equation described in [47] gives
Cenvf with consideration for Taylor vortices. This is introduced in (5.8). This equation
is valid for Reynolds number from 500 to 104. For the machine under examination, this
corresponds to a rotational speed interval from around 1860 rpm to 37000 rpm

Cenvf = 0.515

(
dg
rA

)0.3

Re0.5δ
(5.8)

Comparing the results from (5.7) and (5.8) shows that the result from (5.7) is a bit lower.
This coincides with Taylor vortices being included in the latter equation. In order to obtain
a more conservative result, the friction coefficient derived with (5.8) is selected in the pro-
ceeding analytical analysis. Looking at the air friction losses at the lower Reynolds number
limit at which (5.8) is valid, it is concluded to be insignificantly small (below 0.5 W). There-
fore, no additional consideration is given to speeds below 1860 rpm (at which the Reynolds
number drops below 500). Instead, the same equation (5.8) is used all the way down to
zero speed when estimating Cenvf .

Windage at the rotor gables

Besides the air friction on the envelope surface, the influence on the rotor gables is included
when determining the total air resistance. By considering the two gables as a rotating disk,
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the contributing power loss, P gabair can be established with (5.9). Here rin is inner rotor
radius i.e. the radius of the shaft extending axially from the rotor. Depending on whether
there is laminar flow or not and if there is a radial pumping effect or not, different viscous
drag coefficients should be used. For the geometry and rotor speeds of the machine in
question, Cgabf is determined with (5.10) for laminar flow and radial pumping effect. Here,
s is the axial distance from the rotor gable to the opposing stationary housing gable and
Rer is the tip Reynolds number according to (5.11). [47]

P gabair =
1

2
· ksr · Cgabf · ρair · ω3

m ·
(
r5A − r5in

)
(5.9)

Cgabf =

3.7 ·
(
s

rin

)0.1

Re0.2r
(5.10)

Rer =
ρair · v1 · rA

νair
(5.11)

Resulting windage losses

The resulting losses due to air drag, or windage is obtained by solving equations (5.1) and
(5.9) with relevant numbers. The result is presented in Figure 5.1. From here, it is concluded
that air drag losses reach 1 W at around 2500 rpm and 80-90 W at the intended top speed.
It is also noticed that around 90 of the windage comes from the air-gap and 10 from the
gables. In addition to this, attempts with different temperatures and air pressure are carried
out. Varying temperature from room temperature to 100°C will have marginal effect on the
air resistance while doubling the air pressure results in almost 50 higher windage losses.

Another interesting aspect is related to the cooling solution. This opens a question of how
any presence of oil in the airgap compartment and around the rotor gables would impact
the drag losses. Introducing oil droplets in the air should, with the use of common sense,
lead to increased density ρ as well as dynamic viscosity ν. Even if the magnitude is not
settled, a quick sensitivity analysis is done by studying the underlying analytical equations.
By studying (5.3) and (5.11) it is concluded that the Reynolds numbers are fairly unaffected as
long as the dynamic viscosity and the density is increased in the same magnitude. However,
since the density is also used to estimate the air friction losses in (5.1) and (5.9), the losses
should increase in the same order as the density of the air/oil-droplet mixture surrounding
the rotor. This requires that the equations used here are valid also when the density and
dynamic viscosity are tampered with. The impact of oil droplets on the air drag losses is
not further investigated within this thesis.
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Figure 5.1: Losses due to air drag or windage as function of rotational speed at room temperature
(20°C) and atmospheric pressure

5.2.2 Bearing losses

The prototype machine is equipped with two identical deep groove ball bearings¹, one on
the driving end and one on the non driving end. The losses in a bearing, PB is a result of
the loss torque, TLossB and the mechanical rotational speed according to (5.12).

PB = TLossB · ωm (5.12)

The loss torque, or frictional moment can often be estimated with an assumed constant
friction coefficient, µfb for the selected bearing [48, Ch.6.1]. This coefficient gives an es-
timated TLossB from the general expression for calculating frictional torque based on the
radial force and lever length. In (5.13) the radial force is expressed as equivalent bearing
force Fb and the length of the lever equals the bearing bore diameter dB divided by two.

TLossB ≈ TB,rr ≈ µfb · Fb ·
dB
2

(5.13)

The equivalent bearing force is here considered as a combination of the static gravitational
force, FG, the dynamic centrifugal force, FD and any potential external forces, FE due to
loads applied to the motor shaft, as expressed in (5.14).

Fb = fm · (FG + FD + FE) (5.14)

According to [49, pg.86], a combination of dynamic loads from e.g. unbalance and static
loads due to e.g. gravity shall be added as vectors, where dynamic load vectors are rotating.
This can be compensated for with a factor, fm, being a function of the relation between

¹SKF 6208-2RZTN9 / HC5C3WT deep grove ball bearing with ceramic balls; dB = 40mm; Radial internal
clearance C3 (15-33 μm); Dynamic load rating C = 32.5kN
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the static and dynamic contributions. Since this has only a marginal effect on the overall
result, in combination with that it mainly impacts the bearing life, fm is neglected in this
analysis and set to 1.The gravitational force is based on the rotor mass,mr and gravitational
constant g according to (5.15).

FG = mr · g (5.15)

The dynamic centrifugal force is caused by any eccentricity, er or imbalance in the rotor.
The resulting force is calculated with (5.16) [50, pg.160].

FD = mr · ω2
m · er (5.16)

As can be seen from the two force equations 5.15 and 5.16, the dynamic centrifugal force
increases with increased speed, while the gravitational force is constant.

The rotor in the machine under examination is balanced to class G2.5 in accordance with
[51]. With a top speed of 15000 rpm, this corresponds to a permissible residual specific
imbalance of approximately 1.6 g·mm/kg, hence an eccentricity of 1.6 μm. Since the bal-
ancing is performed separately on the rotor, the eccentricity might increase slightly after
assembly. The rotor could for example be affected by thermal distortion during operation.
This could lead to a slight shift in the inertia centreline [52]. Another possible influence
on the rotor balance in the prototype machine is the cooling system with oil present in the
rotor. On the other hand, since the oil is distributed in a small channel in the centre of the
shaft in combination with the much lower density compared to the rotor laminations, the
overall influence should be virtually none. When delivered, a bearing has a certain radial
internal clearance depending on the bore diameter and classification. Once mounted in
the intended application, pre-loading is used to remove the slackness so that normal tem-
perature operation means little or no remaining clearance [48, Ch.6.1]. The machine under
examination has a wave washer to obtain correct pre-loading.

According to [49], the simplified estimation in (5.13) is valid if the bearing is loaded with
approximately 10 of rated load, has good lubrication and operates in normal operating
conditions. A more detailed model presented in [49] takes more aspects into account. This
is presented for the total loss torque due to friction, TLossB in (5.17).

TLossB = TB,rr + TB,sl + TB,seal + TB,drag (5.17)

Here the loss torque due to rolling resistance TB,rr is accompanied by loss torque due to
sliding friction TB,sl, any friction in the bearing seal TB,seal and drag losses Tdrag due to
e.g. splashing in case the bearing is soaked in an oil bath. The bearings used in the prototype
machine under examination are equipped with so called contactless seals. This means that
the distance between the rotating and stationary parts in the sealing is sufficiently small to
prevent passage, but are still not in contact with each other. The result is negligible losses
in the seals. In addition to this, the drag losses due to oil bath lubrication can be neglected
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as well. This is possible since the bearings instead are lubricated with grease (greased for
life). Hence TB,seal as well as TB,drag are set to zero in the analytical investigation. The
expressions for TB,rr and TB,sl are presented in (5.18) and (5.19).

TB,rr = rish · rrs ·Grr ·
(
νg ·

2π

60
ωm

)0.6

(5.18)

TB,sl = [rw · µsc + (1− rw) · µFF ] ·Gsl = µsl ·Gsl (5.19)

Here νg is the operating viscosity of the grease and rish and rrs are reduction factors for
inlet shear heating (ish) and kinematic replenishment or starvation (rs) respectively. These
reduction factors are dependant on e.g. bearing diameter, grease viscosity and rotational
speed. Having the value 1 at zero speed, they decrease with increased speed to reflect that
these phenomena diminish at higher speeds. The sliding friction coefficient, µsl in (5.19)
comprises a weighting factor, rw so that the sliding friction is higher close to stand still.
Hence µsc, that depends on the additive package in the lubricant is higher than µFF ,
being the friction coefficient at full-film conditions. The weighting factor is dependant
on bearing diameter, grease viscosity and speed and makes the sliding friction coefficient
rather quickly reach the full-film condition. Finally, Grr and Gsl are variables depending
on the bearing type, diameter and applied force. For the bearing in question and no force
in axial direction, Grr and Gsl are determined with (5.20) and (5.21). Here R1 and S1
are constants for rolling and sliding frictional moments in ball bearings, specific for the
bearing series. More detailed information on the equations and constants used to estimate
the bearing losses is found in [49].

Grr = R1 · d1.96m · F 0.54
b (5.20)

Gsl = S1 · d−0.26
m · F (5/3)

b (5.21)

Since neither the rolling, nor the sliding friction has a linear relation to the applied force,
it is important to do a proper partition of the total force onto each bearing. The total force
applied on a single bearing does not give the same result as applying half the force on two
bearings and then sum up the total friction losses. For the sliding friction (TB,sl), the latter
case means a reduction in the total loss torque but for the rolling resistance (TB,rr) it is the
opposite. Since the rolling resistance is dominating over the sliding friction, the overall loss
gets higher if half the force is distributed on two bearings compared to if the entire force
is applied on a single bearing. The load distribution between the two bearings is estimated
by identifying the rotor center of gravity and utilize elementary force balance. For the case
any external force (FE) is applied, this should be included in the force balance breakdown.

The losses in the bearings are highly dependant on the viscosity of the lubricant. High
viscosity results in higher rolling resistance losses at low speeds. Meanwhile, since the re-
duction factors (rish and rrs) also depend on the viscosity, the loss torque actually decreases
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Figure 5.2: Bearing loss torque (TLossB ) in Nmm as a function of rotational speed at 20°C (room
temperature), 50°C and 100°C leading to three different lubricant viscosities

at high speeds when the viscosity is high. This is due to the replenishment/starvation phe-
nomena where some amount of the grease is splashed out from the groove when a ball
passes. With high speed and high viscosity (low temperature), the next ball faces a thinner
hydrodynamic film and hence lower rolling friction. With lower rotational speed, more
grease will have time to replenish the groove and the rolling friction increases. The same
goes for increased temperature and hence lower viscosity. More grease will have time to
return to the groove to form a thicker hydrodynamic film before the next ball arrives.

With the temperature dependence of the bearing grease viscosity, operating at room tem-
perature (20°C) means a peak in the loss torque in the bearings at around 1500 rpm. With
kept temperature and further increased speed, the bearing losses go down again. This is
displayed for three different temperatures leading to three different grease viscosities in
Figure 5.2 (note the Nmm scale on the y-axis). The higher the temperature, the higher up
in speed the loss torque peaks. At 50°C the peak is around 6000 rpm and at 100°C the
peak occurs above the top speed of the EM. The corresponding graph for the bearing losses
is presented in Figure 5.3. Here it can be seen that the bearing losses at room temperature
(20°C) peak at around 4000 rpm.

The loss torque contributions in Nmm from rolling and sliding resistance at room tem-
perature (20°C) are presented in Figure 5.4. As can be seen, the rolling resistance is almost
completely dominant. The sliding friction is still important to represent the torque present
at standstill. The weighting factor in µsl makes the sliding friction to increase close to
standstill.
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Figure 5.3: Bearing power loss (PB) as a function of rotational speed at 20°C (room temperature),
50°C and 100°C leading to three different lubricant viscosities
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Figure 5.4: Total loss torque in Nmm from the two bearings as a function of rotational speed at
room temperature (20°C)

5.2.3 Additional friction losses

In addition to the windage and bearing losses, some other mechanical losses have been
identified in the machine under examination. These are introduced in the following sub-
section.

Friction in carbon brushes

Two carbon brushes are mounted on the shaft to provide a connection from the rotor to
ground. This is to prevent problems with induced voltage in the rotor which can be present
in an inverter fed PMSM [53]. It could also be that static electricity might be generated by
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the oil flow running through the rotor.

The frictional torque due to the carbon brushes sliding on the shaft is determined by the
radius of contact, dbrush/2 and force, Fbrush together with the friction coefficient, µbrush
and number of brushes, Nbrusch according to (5.22).

Tbrush = Nbrush · µbrush · Fbrush ·
dbrush

2
(5.22)

The applied force is estimated to Fbrush ≈0.1 N and the friction coefficient is selected
based on values used for slip ring units used in commutators. According to [54] it should
be in the range µbrush = 0.15–0.4 depending on temperature while [55] states µbrush =
0.1–0.2. Reference [55] also states that the friction can be higher at no load or low load
conditions. Further on, the numbers presented in the literature is for carbon to copper,
while the machine under investigation has carbon to steel. Whether this makes a difference
and if so, how much is been investigated here. The well known fact that static friction is
higher than sliding friction [50, pg.160] is neglected as well. This would give a slightly
higher friction just as the machine starts to spin. All in all, this leads to a rather large
inaccuracy in the friction torque from the carbon brushes. However, since the result also
depends on the radius of contact, the torque can be kept low with a limited diameter
(dbrush) at the connection. The estimated torque based on relevant numbers in (5.22) is
close to insignificant, in the range of 0.5–2 Nmm only.

A final comment on the carbon brushes is that it can be debated on whether they are
necessary in the machine under investigation. The findings presented in [56] and [57] are
that the bearing currents should be low in PM-machines with short axially extruding rotor
under the stator end windings. In addition to this, the bearings mounted in the machine
are equipped with ceramic balls. Hence the harmful electric arcing due to induced voltages
from the inverter is prevented also by the non-conductive bearing connection. On the other
hand, no ground connection could instead cause problems in the downstream components
such as the gearbox bearings.

Friction in oil reservoir sealing

Cooling of the rotor and stator end windings is implemented with a small oil reservoir at
the non-driving end of the machine. The end of the hollow rotor shaft is extruding into
the oil compartment so that oil is fed into rotor and further on out to the end windings. A
more detailed explanation is presented in Subsection 2.2.2 and in [1].
A seal² is mounted on the shaft to prevent oil from leaking the wrong way. The seal consists
of a lip and a tightening spring and is defined according to [58]. Figure 5.5 shows a sketch of

²DIN 3760-A-12x24x7-NBR
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Figure 5.5: Sketch of an oil seal similar to that mounted in the machine

the sealing used in the machine. The inset magnification of the contact surface is to show
the oil film that helps keeping the friction down.

In order for the seal to hold tight, a certain pressure is needed from the sealing lip onto the
rotating shaft. This can be seen as a line force, or a force distributed along the diameter, here
expressed as F lineseal in [N/m]. This gives the total radially directed force, Fseal according to
(5.23) where dseal is the inner diameter of the seal.

Fseal = F lineseal · π · dseal (5.23)

The frictional torque, Tseal in the seal thus becomes as in (5.24) where µseal is the friction
coefficient of the seal lip to shaft contact. So, in order to determine the frictional torque,
the friction coefficient and line force need to be identified.

Tseal = µseal · Fseal ·
dseal
2

= µseal · F lineseal · π · dseal
2

2
(5.24)

In addition to the non-viscous dependant expression in (5.24), [59] also introduces a term
depending on e.g. the speed, dynamic viscosity and temperature. The temperature depend-
ence affects the flexibility in the sealing lip and hence the radially directed force. Especially
the temperature dependance can also be seen in the frictional torque measurements per-
formed in [60]. There, measurements are performed on a differently sized seal of the same
type as the one investigated in this thesis. Although the analysis is performed on a seal with
different size, the result can be used to derive the parameters needed in (5.24). This is done
in (5.25) where (5.24) is solved for the friction coefficient and line force.

µseal · F lineseal =
2

π
· Tseal
dseal

2 (5.25)
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By assuming an unchanged line force and a constant friction coefficient, (5.25) can be used
to derive the frictional torque from one seal based on that in the second one. This is done in
(5.26), where the parameters from the different seals are denoted with ′ and ′′ respectively.

T ′′
seal = T ′

seal ·
(
d ′′
seal

d ′
seal

)2

(5.26)

Since the temperatures covered in [60] only range from 50 to 100°C, the result is linearly
extrapolated down to room temperature. This way, the temperature dependence found in
the measurements in [60] is taken into account. Since the speed dependency noticed in the
result in [60] is less significant, this part is neglected in this simplified analysis. Based on
the frictional torque and seal diameter from [60] together with the relevant diameter in the
prototype machine under investigation, the frictional torque due to the seal is established.
The result is a linear relation declining from 13.5 to 9 Nmm from room temperature to
100°C. Again, the static friction coefficient expected to give a higher starting torque, is
neglected.

In addition to the analysis performed above, the model for bearing seals at page 109 in [49]
is used to do a quick check on the validity of the result. Here, either of the RSH or RS1 seal
types are judged to be most similar to that in the machine. By using the correct numbers,
the resulting frictional torque becomes either 9.5 Nmm or 8 Nmm, depending which seal
type that is used. Based on this, the results obtained from scaling the measurements in [60]
with (5.26) are considered sufficient for the purpose of the analysis done here.

5.2.4 Resulting mechanical losses

The total mechanical loss torque Tmech and resulting power losses Pmech based on the
analytical evaluations introduced above are presented at 20 and 100°C in Figures 5.6 – 5.9.
As expected from the study on air friction losses (Figure 5.1), the resulting loss torque (in
Figures 5.6 and 5.7) is dominated by the bearings at lower speeds. This applies especially
at room temperature where the rolling friction is higher. As the speed increases, the main
loss contributor shifts from being the rolling resistance to the air resistance. This due to the
quadratic relation of the windage loss torque (cubic when looking at power) together with
the reduction factors for shear heating (rish) and replenishment (rrs) in the bearings.

When comparing the loss torque and power from the two different temperatures it can be
seen that the break even point for where the power losses are higher, is at around 6000 rpm.
Hence below that speed, from a mechanical loss point of view it is marginally better if the
machine is operating at 100°C. Above 6000 rpm, the mechanical losses instead seem to be
lower if the machine is at room temperature.
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Figure 5.6: Loss torque contributions in Nmm from the bearings, windage, carbon brushes and oil
seal together with the total loss torque Tmech as functions of rotational speed at room
temperature (20°C)
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Figure 5.7: Loss torque contributions in Nmm from the bearings, windage, carbon brushes and oil
seal together with the total loss torque Tmech as functions of rotational speed at 100°C

In order to better study the temperature behaviour, the mechanical loss torque is plotted for
five different temperatures in Figure 5.10. According to this graph, the worst case in terms of
mechanical losses at high speeds is 60-80°C. This is related to a combination of the rolling
resistance and the reduction factors in the bearings. By looking at the power instead, it can
be concluded that the torque difference at low speed is less decisive as the speed works as
a leverage. Instead the lines are more bundled and start to disperse a little first at higher
speeds. The power losses for the different temperatures are plotted in Figure 5.11.
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Figure 5.8: Loss contributions from the bearings, windage, carbon brushes and oil seal together with
the total mechanical losses Pmech as functions of rotational speed at room temperature
(20°C)
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Figure 5.9: Loss contributions from the bearings, windage, carbon brushes and oil seal together with
the total mechanical losses Pmech as functions of rotational speed at 100°C

5.2.5 Measurements on the mechanical losses

Measurements are used to verify and to some extent calibrate the analytical mechanical loss
model. These tests are carried out as roll out tests where the deceleration rate is used to
establish the loss torque. In addition to adding credibility to the model, the practical work
is also providing a good insight in the order of the mechanical losses.
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Figure 5.10: Mechanical loss torque Tmech in Nmm as function of rotational speed at different
temperatures
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Figure 5.11: Mechanical losses Pmech as function of rotational speed at different temperatures

Test preparations and set-up

A dummy rotor without permanent magnets is manufactured and installed in the machine.
The envelope geometry is unchanged compared to the original rotor to give similar air
friction properties. For simplicity reasons, the dummy rotor is made out of solid steel.
Hence the epoxy filled flux barriers around the magnets and the hollow part of the shaft
are neglected as are some aluminium parts at the rotor gables. All in all, this results in a
mass of 22.7 kg for the dummy rotor, compared to 21 kg for the original one. Based on
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the analytical model, this 8 difference in mass is expected to give a marginal effect on the
total losses. Looking at the temperature interval from room temperature up to 100°C, the
difference in loss torque due to the slightly larger mass is never exceeding 1.5 Nmm. This
is equivalent to about 3 difference.

Other measures for making sure that the conditions are unchanged are to use the same
bearings, coal brushes and oil seal in the dummy set-up as in the original rotor. Also the
resolver is kept mounted to keep track of the rotor position and hence rotational speed.
This will however not have any effect on the losses since the resolver is mounted without
internal bearings. Roll out tests are also performed on the original machine before the rotor
is changed. After the mechanical loss tests are completed, the original rotor is re-mounted
and the roll out tests are repeated again. The test results before and after the mechanical test
session are compared to see that the result is unchanged. This indicates that the conditions
are comparable before, during and after the measurements on the dummy rotor.

Since the dummy rotor neither has magnets nor saliency, it is not possible to accelerate
it by simply applying stator currents. Instead rotation has to be made externally. This is
achieved with a quick coupling on a hand held drill. Unfortunately, this means a limitation
in rotational speed of just over 2000 rpm. Consequently, the air resistance is most likely
negligible in the test results. Instead focus is put on the losses in the bearings and due to
friction in the carbon brushes and oil seal. Once the maximum possible speed is reached,
logging of the resolver signals is commenced. The mechanical loss torque Tmech is derived
from the angular deceleration dωm

dt and the rotor moment of inertia J according to (5.27).
The moment of inertia in the rotor is established both theoretically from the dimensions
in CAD and from measurements performed earlier in the project. The procedure for de-
termining the moment of inertia is described further in [26] and [24, Ch.5.2.d]. All tests
are performed at a room temperature of between 20–30°C and with no oil cooling applied.
Hence the temperature dependency from the viscosity has not been studied. Nor has any
potential influence in air resistance from oil being present in the rotor and in connection
to the airgap.

Tmech =

∣∣∣∣dωmdt
∣∣∣∣ · J (5.27)

Test results

The test results from the roll-out tests are presented in terms of loss torque in Figure 5.12
and as power losses in Figure 5.13. The test procedure is repeated five times to check the
conformity between tests. As can be seen, the non-speed dependant part of the loss torque
is around 20 Nmm. It is also noticed that the loss torque seems to level at around 60–
70 Nmm. This behaviour resembles that observed in Figure 5.6 where the loss torque is
reaching a local maximum at around 2000 rpm. This supports the validity of the analytical
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Figure 5.12: Measured mechanical loss torque in Nmm
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Figure 5.13: Measured mechanical power losses

model. From this, it is assumed that the analytical model should be useful for estimating
the mechanical losses also at higher speeds.

Measurements compared to the analytical model

During the comparison with measurements, the rotor mass in the model is changed from
21 kg for the original rotor to 22.7 kg for the dummy rotor. When the measurements are
compared to the result from the analytical model at corresponding temperature it is clear
that the analytical model underestimates the losses slightly. This can be seen in Figure 5.14
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Figure 5.14: Comparison between measured and calculated mechanical loss torque
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Figure 5.15: Comparison between measured and calculated mechanical power losses

where the analytical loss torque levels at a lower value and in Figure 5.15 where the slope of
the power losses differ correspondingly. Still, it can be concluded that the part of the loss
torque present at standstill matches very well. This indicates that the non-speed dependant
loss torque is in the right order. This includes the carbon brushes and oil seal as well as the
sliding part of the bearing losses. Also the shapes of the loss torque curves seem to agree
well.

An attempt is made to make the analytical model match better with the measurements.
Since the torque close to standstill agrees well, attention is directed towards the speed de-
pendant parts hence rolling resistance together with the air friction. Further on, since the
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air friction is expected to be very small at low rotational speeds, changes in the windage
model would not affect the result to a sufficiently large extent below 2000 rpm. This leaves
the rolling resistance in the bearings.

According to [48, Ch.6.1.9], new bearings have higher coefficient of friction compared
to used ones. This is because worn bearings have bedded down more. Being mounted
in a prototype with limited operation time, the bearings in this machine could still be
considered as new. Also the dynamic load due to imbalance can be higher than predicted
in the analysis. This could for example be related to the thermal distortion of the rotor
mentioned earlier [52] or to elastic deformations in the bearing which should increase the
eccentricity. Other things mentioned in [48, Ch.6.1.9] as affecting the rolling friction are
e.g. the amount of grease in the bearings and how they are pre-loaded. In addition to this,
the bearing model used in the analysis here, is valid for bearings operating in steady state
conditions for several hours [49]. Hence the roll-out tests had to some extent different
preconditions than what is stated for the model. Finally, the accuracy with which the rotor
moment of inertia is established is having a direct relation to the test result.

In order for the analytical model to agree with measurements, a correction factor ofCF =1.4
is applied to the rolling resistance. Hence the speed dependent part of the bearing losses
is increased with 40. This gives a mechanical loss torque Tmech as defined in (5.28) and
presented in Figure 5.16. The resulting power losses are presented in Figure 5.17. As can be
seen, this makes the analytical loss model to fit very well with the measurements.

Tmech =
Pair
ωm

+ CF · TB,rr + TB,sl + Tbrush + Tseal (5.28)

A final comparison between measurements and the corrected model going up to the EM
top speed, is done for the loss torque and resulting losses in Figure 5.18 and Figure 5.19
respectively. Here it is clear that the limited top speed in the measurements creates uncer-
tainties when validating the model. According to the model, the loss torque starts to drop
just over approximately 2000 rpm, before the air friction kicks in at around 7500 rpm. For
obvious reasons, this can not be observed in the test results.

5.2.6 Concluding remarks on the mechanical losses

The mechanical loss model presented previously in this section is based on analytical ex-
pressions. Hence the reliability is limited. Given this, the match with the measurements
is considered to be good. Besides the simplifications introduced in the analysis, part of
the difference before introducing the correction factor could, as already mentioned be due
to the bearings still being in a run-in period. Also the different preconditions for the test
compared to what is stated for the bearing model in [49] could have an impact. Yet another
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Figure 5.16: Comparison between loss torque from measurements and from the analytical model
adjusted with a correction factor of CF =1.4
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Figure 5.17: Comparison between mechanical power losses from measurements and from the ana-
lytical model adjusted with a correction factor of CF =1.4

possible source of deviation could be related to the accuracy when determining the rotor
moment of inertia.

Despite the limited test speed, the result is still considered sufficient to provide an indication
of the correctness of the model. Hence that it can be used to estimate the mechanical loss
torque and corresponding mechanical losses. Although the starvation and shear heating
effects are probably not fully developed, the loss torque due to mechanical losses is still in
the same range. Looking at the loss torque in the model (Figure 5.18) it can be noticed that
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Figure 5.18: Comparison between loss torque from measurements and from the analytical model
adjusted with a correction factor of CF =1.4, going up to the EM top speed
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Figure 5.19: Comparison between mechanical power losses from measurements and from the ana-
lytical model adjusted with a correction factor of CF =1.4, going up to the EM top
speed

it stays within roughly 50–70 Nmm from 500 rpm up to top speed for room temperature.

The other thing hardly covered in the rather low speed measurements is the model for
the air friction or windage. On one hand, this gives additional uncertainties to the over
all mechanical loss model. On the other hand, the test result is instead more suitable to
evaluate the other mechanical losses. This way the model can be considered to focus more
on the losses in the bearings and due to friction in the oil seal and at the carbon brushes.
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If found necessary, future work could be directed towards achieving measurements also at
higher speed to better evaluate the air friction model. This has not been prioritized within
this project.

Another thing that could have been pursued further in the test rig is the temperature de-
pendency. As the measurements are done at room temperature only, the model can really
only be validated at those conditions. Still, the indications from e.g. Figure 5.11 are that the
model can be used also at higher temperatures. When looking at the power losses rather
than the loss torque, the difference due to a varying temperature is less prominent. The
difference in power losses seen in Figure 5.11 as the temperature is varied can be said to
be in the same range as the the overall uncertainty in the mechanical loss model as such.
Furthermore, when zooming out from the Newton-millimetres discussed here, the differ-
ence makes less impact on the permanent magnet machine. That is also clearly noticeable
when working with the hardware during the roll out tests. The rotor seems to never come
to a stop. As is concluded later on in the chapter, the iron losses are much more domin-
ating. Instead of using the results as the correct answer, the mechanical loss model is used
as indications on the behaviour and impact on the total loss distribution in the machine.
Since the mechanical losses are unaffected by magnetic fields, the model verified at no load
conditions with a dummy rotor is assumed to be valid also with magnets in the rotor and
loads applied to the machine.

5.3 Stator core losses

Estimating the iron core losses accurately is both challenging and difficult [61–83]. Things
that can affect the result are for example the magnetic flux frequency content and waveforms
[62,64–66,68,70, 80, 84, 85], magnetic property degradation when processing the material
or during manufacturing [66–68,71,79,81–83,86–88], or due to general material properties
[66, 79, 82]. This section gives a short introduction to various aspects affecting the iron
losses. It also presents the efforts made on estimating the stator iron core losses within the
scope of this thesis.

In the initial design procedure, a simplified model is used. This is to prioritize design speed
over accuracy. As the prototype is built and tested, some attempts are made to explain the
difference between measurements and predictions based on the originally used iron loss
model. Iron core losses in the stator are estimated based on the magnetic flux density and
frequency together with material parameters, where the latter generally are obtained from
the material supplier. These data parameters are based on standardized tests and are not
always fully representative with the reality in an electric machine [81, 83]. The power loss
calculation is mainly a part of the FE-simulation post processing where the field variation
is used as an input to different loss models.
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5.3.1 Theoretical background

The physical explanation behind losses arising in soft magnetic materials such as electric
steel, is related to a motion of the domain walls separating different magnetic domains in
the material and by the large scale instability in the creation and destruction of magnetic
domains. This is a consequence of a varying magnetic field. The result of these vibrations
is typically acoustic noise and/or heat. With the underlying complexity and non-linear
behaviour, simplified models have been constructed in order for being able to estimate the
losses [63].

These simplified models are addressing the problem in the frequency domain. They are
based on that the losses found in an iron core is related to magnetic flux density B and
(magnetizing) frequency f as well as material parameters and geometry. The commonly
used power loss model is a sum of loss separation of the so called hysteresis losses, eddy
current losses and excess or anomalous losses. Steinmetz described the iron losses as a
combination of hysteresis losses (phy) and eddy current losses (pec) already in 1892 [89].
This model has later been complemented and improved with a third term for the anomalous
losses (pan) by Bertotti in 1988 [61]. In (5.29) the three term equation of Bertotti is presented
for the iron losses, pFe per mass (in [W/kg]) with coefficients for the hysteresis (chy),
eddy current (cec) and anomalous (can) losses together with an exponent (ehy) on the
magnetic flux density in the hysteresis term. These core loss coefficients are determined by
the material properties and dimensions or geometry.

pFe = phy + pec + pan = chy ·Behy · f + cec · (B · f )2 + can · (B · f )1.5 (5.29)

The hysteresis losses, sometimes also called the static or quasi-static losses, can be described
as a result of sudden changes in size and orientation of magnetic domains and domain
walls as magnetisation propagates in a magnetic material. These changes are called the
Barkhausen effect or Barkhausen jumps [90] and are related to that the walls separating the
magnetic domains are pinned by impurities in the magnetic structure. This creates energy
barriers for the magnetic field. The local eddy currents induced by these small wall jumps,
dissipates a small amount of energy in terms of heat through Joule losses. A higher energy
barrier means larger amount of dissipated energy. The external field has no effect on the
jumps as such, but rather on the time between them. A higher field strength leads to more
frequent jump [91]. With the losses being the sum from all jumps, higher field strength
leads to higher losses. As the process is repeated when the magnetisation direction changes,
the total hysteresis losses are also proportional to the frequency of the applied magnetic
field. [63]

Hysteresis losses are often visualized as a redrawing process of a loop in aB(H)-curve, such
as in Figure 5.20. This describes the relation between the driving magnetic field H and
caused magnetic flux densityB when applied with sinusoidal frequency. The enclosed area
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Figure 5.20: Graphical visualisation of a hysteresis loop

within the loop illustrates the magnetic energy that is irreversibly dissipated into heat due
to the work on re-magnetizing the material. The stronger the applied field, the larger the
area, hence higher losses. Since the energy loss (being the power loss divided by frequency)
is independent of frequency, the effect is present also when applying, or slowly changing a
static magnetic field. Hence the phrase ”quasi-static losses”.

The eddy current losses, also often referred to as classical iron losses, are a result of an elec-
tric field that is induced due to the varying magnetic field. For a conducting material, the
induced electric field gives rise to internal currents running around the material circumfer-
ence. This leads to heat dissipation through Joule losses. Therefore, the eddy current losses
are scaled by the length of the current loop and hence is related to the actual geometry.
This is the reason why a stator stack in general is built up by multiple thin laminations
rather than a solid piece. As the height of the eddy current loops is limited, the losses are
reduced. The eddy current losses can be estimated by solving Maxwell’s equations for a
homogeneous conducting medium. This gives (5.30) for sinusoidal conditions. [63]

pec =
π2 · σ · dlam2

6
(B · f )2 (5.30)

Here σ is the electrical conductivity of the material and dlam is the lamination thickness.
By comparing with the term for the eddy current loss in (5.29), it gets obvious how the eddy
current coefficient cec is derived. From (5.30), it can also be observed that the magnetisation
law of the material is not included. Hence the behaviour is the same in all materials as long
as the geometry and electric conductivity are similar. In addition to this, it is also observed
that the eddy losses increase with increased electric conductivity. This is why silicon steel
is used in machine laminations. The conductivity drops significantly to the expense of a
small reduction in magnetic permeability.

The simplifications made when deriving (5.30) introduce a limitation for when the equation
is valid. When the frequency becomes too high or the laminations (hence flux path) become
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too thick or if the electrical conductivity is too high, the generated eddy currents create an
opposing magnetic field. This results in a relative reduction in eddy current losses compared
to if calculated with (5.30). [63]

The anomalous losses or excess eddy current losses come from the smooth, large scale
motion of the domain walls. The excess losses depend on the size and arrangement of the
magnetic domains. With a fine domain structure the excess losses become small. In some
conditions, the excess losses can be negligible if the domain width is much smaller than
the lamination thickness. For non-grain oriented materials where the micro structure is
less arranged, or if the micro structure is affected by e.g. residual stresses, the domain size
becomes less decisive. In these cases, excess losses can occur also with small domain size.
Since increased magnetisation frequency means creation of additional magnetic domains,
the average domain size will go down as the frequency go up. Therefore, the excess losses
increase less with increased magnetisation frequency. [63]

5.3.2 Stator core loss model used in the machine design process

In the initial design stage, speed is prioritized over accurate stator iron core loss estimations.
The iron losses, PFe are derived in the post process of the electromagnetic FE-simulations
(performed in FEMM [14]) by solving the three term equation introduced in (5.29) multi-
plied with the iron mass, mFe. This is done in (5.31).

PFe = pFe ·mFe (5.31)

Input to the equation is simulation data from the FE-simulations together with loss para-
meters for the material in the selected laminations. The different loss coefficients are de-
termined based on curve fitting the test data from the material suppliers, rather than on the
theoretical expectations of the classical eddy current losses (such as in (5.30) or the math-
ematical description of magnetic hysteresis). The supplier test data is typically obtained
from standardized Epstein frame tests [92].

The initial data for the calculations is the peak values of the flux density characteristic mag-
netisation waveform at predefined operation points and locations of the core. The flux
density values are recorded from single points considered to provide an average or repres-
entative value of the specific region, such as a tooth (th) or yoke (yk). The mass is derived
from the volume (based on the geometry) of each region multiplied by the density of elec-
tric steel. This means that the total losses in the stator iron core, PFe are determined with
(5.32). Although this is a rather blunt way to determine the flux density, the simplification
is still able to give a first indication of the resulting iron losses.

PFe = pFe,th ·mFe,th + pFe,yk ·mFe,yk (5.32)
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Figure 5.21: Stator core section with the points representing a tooth (th) and yoke (yk) region

Figure 5.22: Flux density distribution at part load q-current

The natural selection points for flux density in the stator yoke and teeth are angularly and
radially in the middle of each region. Since the teeth due to periodicity reasons are divided
into two in the simulation model, the flux in each tooth is represented by two points. The
points representing half a tooth and a section of the yoke are displayed in Figure 5.21. The
flux density distribution during part load applied in q-direction only is presented in Fig-
ure 5.22. The total volume of the stator yoke is 2.03 dm3 and for the stator teeth 0.98 dm3.
The density used for the electric steel is 7.7 kg/dm3.

In Figure 5.23, the no load stator iron core losses, as calculated analytically, are plotted as
a function of rotational speed. The different curves represent different permanent magnet
temperatures in accordance to what is introduced and described previously in Chapter 3.
The different temperatures result in different flux densities (B) and hence according to
(5.29), different losses. The temperature dependency in the loss coefficients mentioned
in [93] is however not included here.
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Figure 5.23: Estimated no load stator core losses as function of rotational speed
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Figure 5.24: Estimated stator core losses at 5000 (left), 10000 (middle) and 15000 rpm (right) in the
yoke (top) and teeth (bottom) as function of id and iq

By defining an operational speed of the machine, the fundamental frequency is derived
and used for further power loss estimation. In Figure 5.24, 5000, 10000 and 15000 rpm
are used as examples of the power loss estimation in the stator yoke and the teeth. They
are presented as functions of d- and q-currents. The losses are obviously higher at higher
speeds as the frequency is higher. It is also noticed that the total losses are higher in the
yoke than in the teeth. However when taking the volume of each region into account, it
is concluded that the loss density is higher in the teeth than in the yoke. This due to the
higher flux density in the teeth, as can be seen in Figure 5.22.

The information presented in Figure 5.24 is also used to derive an iron loss map as function
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Figure 5.25: Estimated stator core losses, POrginalFe as function of torque and speed utilizing MTPA

of torque and speed by implementing e.g. MTPA. This is presented as total stator (yoke
and teeth) core losses in Figure 5.25.

5.3.3 Magnetic flux density patterns and flux density locus

When establishing the iron losses with (5.29) an alternating and sinusoidally shaped flux
is assumed. By studying the flux density pattern in the machine more thoroughly, it is
concluded that part of the stator faces flux variations in more than one dimension. This
will form rotating flux variations or flux density locus. In addition to this, the flux density
variation, whether it is alternating or rotating, is not purely sinusoidal.

Additional iron losses due to flux density locus

Since losses in an iron core are generated by variations in the flux, consideration needs to
be done to whether the flux is varying in more than one dimension. Hence if the flux
density vector just goes back and forth or if it forms an ellipse or circle. In the latter case,
iron losses from the flux variation in both directions need to be considered. If not, the
iron losses will be underestimated. Investigations made in e.g. [73, 84, 85] have shown that
simply adding losses from the variation in two orthogonal directions instead overestimates
the losses. According to [85], this is connected to saturation effects. In [84] a loss correction
factor, γ is introduced to give a more accurate loss prediction. This is done by calculating
the losses in the different directions with the corresponding flux densities individually and
multiply the sum with the correction factor. Thus, the iron losses with rotational flux
density variation, P rotFe are established according to (5.33) where P 0 deg

Fe and P 90 deg
Fe are

established with (5.29) using the major and minor flux density components respectively.

P rotFe =
(
P 0 deg
Fe (BMaj) + P 90 deg

Fe (BMin)
)
· γ (λ,Bpeak) (5.33)
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Figure 5.26: Illustration of flux density locus in the stator core with pulsating flux in the tooth and
stator back and rotating flux in the transition between tooth and yoke

The loss correction factor γ (λ,Bpeak) is a function of the peak value of the flux density
Bpeak and the ratio λ between the major and minor flux components according to (5.34).
The loss correction factor is determined based on experimental data in [84]. This data is
also presented in a slightly different way in [85].

λ =
BMin

BMaj
(5.34)

The appearance of flux density locus in the machine under investigation is studied by plot-
ting the flux as a function of time in different locations of the stator core. The result is
presented in Figure 5.26. Here it can be seen that the flux density in the tooth forms radi-
ally directed lines rather than circles or ellipses. Hence it varies in one dimension only and
is obviously alternating. The orthogonally directed flux variations in the outer most part
of the yoke are alternating as well. Since the laminations are made of non-oriented steel,
the direction of the flux variation makes no difference. Closer towards the tooth it gets less
obvious whether the flux is alternating or rotating while the flux density in the transition
between a tooth and the yoke clearly rotates to form ellipses.

A rule of thumb established in [65] is that the flux should be considered as rotational if
the axis ratio λ is larger than 0.4. With that, it is concluded that the flux in the yoke can
be assumed to be pulsating, while the flux density variation in the yoke-tooth transition
region is rotational. Hence flux density loci are present in the machine, but in a limited
geometrical region only.

In an attempt to foresee the influence on the iron losses, (5.33) is employed when estimating
the iron losses in the stator core. The result is compared to that of (5.29). As expected from
Figure 5.26, the resulting iron losses in the tooth region is unaffected. In the yoke region,
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the iron losses become 7 higher when estimated with (5.33) compared to if only the major
flux component is used in (5.29). When considering the entire stator with the yoke and
teeth combined, the difference is 4. This coincides with the results presented in both [65]
and [85] where the loss increase due to the flux density locus is in the range of 4-6.

The analysis performed in [73], indicates that the additional losses due to flux density loci
are connected to the hysteresis. The conclusion in [73] is that the loss contribution from the
rotational flux density variation has almost no significance. The marginal influence on the
result is probably also a reason for why rotational losses have not become common practice
to include in the iron loss analysis despite that e.g. [84] was published more than 20 years
ago.

Magnetic flux density variation waveforms

One of the prerequisites for using (5.29) is a sinusoidally shaped magnetic flux density
variation. This is generally not the case in large parts of the iron core in an electric machine.
This is partly related to the geometry that might make the magnetic flux density vary more
in a triangular or trapezoidal shape [62,64]. This results in steep dB

dt , or harmonics that need
to be considered to achieve a more accurate loss prediction. Apart from the geometrical
aspects, there are also harmonics in the applied magnetic field. These are caused by the
non-ideal curve shapes generated by the machine control, typically originating from e.g.
PWM switching [94, 95].

When looking into the physical origin of losses due to hysteresis, [62] concludes that they
occur due to the average re-magnetization rate rather than the frequency. This means that
if there are variations in the magnetic flux as it propagates through the iron core, these
variations will give rise to additional losses. In order to include this, a modified Steinmetz
equation (MSE) is developed [62]. The general idea is to establish an equivalent frequency
that depends on the re-magnetization rate. This way the time derivative of the magnetic flux
density is taken into account. The equivalent frequency, feq is described in (5.35) where
∆B = Bmax − Bmin. Other parameters needed to calculate the iron losses are those
originally used in the Steinmetz equation. Hence the only modification is to replace the
frequency with the developed equivalent one.

feq =
2

∆B2 · π2

∫ T

0

(
dB

dt

)2

dt (5.35)

In [64] the losses are established in the time domain rather than in the frequency domain
using (5.36) – (5.38) for the hysteresis, phy classical eddy current, pec and excess or anom-
alous losses, pan respectively.

phy = Hirr ·
dB

dt
(5.36)
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Figure 5.27: Estimated no load stator core losses based on 2D FE simulations in FEMM
(PFe,FEMM ) and Ansys Maxwell (PFe,Maxwell)

pec =
1

2π2
· cec ·

(
dB

dt

)2

(5.37)

pan =
1

Can
· can ·

∣∣∣∣dBdt
∣∣∣∣1.5 (5.38)

In (5.36) Hirr is the irreversible hysteresis losses. This is modelled as an ellipse, defined
according to (5.39) and derived by solving the hysteresis losses in the time and frequency
domain at the same sinusoidal conditions.

Hirr =
1

π
· chy ·Bm · cos (ωe) (5.39)

The term
1

2π2
in (5.37) and constant Can in (5.38) are obtained in similar manner as Hirr

for (5.36). [64]

The influence of non sinusoidal magnetic flux density waveforms on the stator core losses is
studied by running 2D simulations in Ansys Maxwell [96]. This is a commercially available
FE software where the iron losses are solved in accordance to (5.36)–(5.38). The resulting
no load losses are presented in Figure 5.27 together with the simulation result based on
the simplified stator core loss model used in the design stage (covered in subsection 5.3.2).
The difference in terms of increased losses at higher speed is expected based on how the
frequency waveform is represented in the different approaches. In addition to this, there is
also a difference when separating the losses. The result from Ansys Maxwell predicts higher
eddy current losses but smaller hysteresis losses compared to FEMM. This can be more
easily observed if the result is divided with speed, hence presented as loss torque (TLoss,Fe).
This is done later on in Figure 5.36 in subsection 5.3.5. The iron loss coefficients used in the
different sets of simulations are presented in Table 5.1.
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Table 5.1: Core loss coefficients

Parameter FEMM Maxwell

Hysteresis loss coefficient, chy . .

Hysteresis loss exponent, ehy .

Eddy current loss coefficient, cec . .

Anomalous loss coefficient, can . .

In addition to the different ways of handling the flux density waveforms, also the estimation
of the magnetic flux density is recorded differently from the different FE-simulations. As
already described, the iron losses based on the simulations in FEMM are derived from
selected single points representing different relevant regions in the stator core (typically
teeth and yoke). The peak value of the magnetic flux density in each point is used for the
entire region with assumed sinusoidally shaped flux density waveforms. The iron losses
based on 2D simulations in Ansys Maxwell are instead established on the change rate of
the magnetic flux density (dBdt ) in each mesh element. This way, these simulations should
give a better representation of the iron core losses. This holds both in terms of the form
of the magnetic flux density variation and in terms of how the losses are distributed in the
stator core.

Despite the differences in deriving the iron losses, the simulation results are considered
comparable. The difference is just below 30 at top speed. This difference gets gradually
smaller down to around 2600 rpm where the two simulation approaches predict the same
losses. Below this speed, the iron losses originally estimated get larger, up to around 20
difference at standstill. The reason for the comparable results should be that the underes-
timation introduced by the waveform representation in the original simulations are com-
pensated by the single point flux densities. The location of the points (defined previously
in Figure 5.21) lead to an overestimation of the magnetic flux density in the corresponding
region. This is why the iron losses are (marginally) higher in the original simulations at low
speeds, but lower as the frequency is increased.

In [94], the presence of harmonics on the fundamental magnetic flux density is handled
by introducing minor hysteresis loops. This is done with a simplified Preisach model. The
classical eddy current losses are established using the same eddy current loss model, but
with different frequency and amplitude in accordance with the different harmonics. It is
also shown how minor hysteresis loops occur with a two-level PWM supply. To get the
total losses, the individual contributors are summed up. Hence the approach is the same
as the classical loss separation in e.g. (5.29), but with more hysteresis and eddy current loss
contributors. The obtained loss model with minor hysteresis loops rely on experimental



5.3. Stator core losses 117

knowledge on the major hysteresis loop and the value of the energy loss at the involved
polarization values and frequencies. [94]

The iron loss model used in [95] takes consideration of minor hysteresis loops and eddy cur-
rents induced by low amplitude high frequency magnetic flux density variations. These are
both induced by harmonics from the PWM switching. The lower the switching frequency,
the higher the additional losses. Here, improvements on a model using varying iron loss
coefficients depending on frequency, magnetic flux density and temperature are presented.
The simulation results are obtained by adding the sum of a number of minor hysteresis
loops to the hysteresis loss part. In addition to this, the eddy current losses are considered
as the sum of eddy currents arising as the PWM ripple is propagated to the magnetic flux
density in the iron core. The result is presented as function of switching frequency along
with measurements showing how the iron losses are increased as the switching frequency is
reduced with constant fundamental frequency. [95]

In [80], three iron loss models are compared. Included in the investigation are one time
domain model and two frequency domain models, of which one is considered a simplified
method. The loss parameters are fitted based on measurements during sinusoidal condi-
tions. Except for the simplified method, this gives a good correlation between simulations
and measurements at varying magnetic flux density and sinusoidal conditions. Further on,
it is shown that the iron loss parameters fitted on sinusoidal conditions still can provide
reasonable estimations on iron losses at non sinusoidal conditions. [80]

5.3.4 Iron losses imposed by manufacturing

As the laminations are being processed throughout manufacturing, the loss characteristics
are affected. This includes the material structure close to the edges after cutting or punch-
ing, as well as creating unwanted axially directed conducting paths when stacking the iron
core. This matter is considered in the following subsection.

Cutting or punching effects

Producing the laminations for electric machines is often done with either mechanical cut-
ting such as stamping/punching or laser cutting. Since punching requires a rather large
tooling investment, prototype machines are often produced by means of laser cutting. Sev-
eral studies have been performed on how the iron losses are influenced by cutting and the
resulting effects close to the edges [65, 68, 71, 81–83, 86–88, 97, 98]. The mechanical stress
on the material when being cut, damages the magnetic structure. This causes the hysteresis
losses to go up as the number of impurities at which the magnetic domains are pinned
(described earlier in Subsection 5.3.1) is increased. How much is depending on e.g. lamin-
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Figure 5.28: Principle sketch of a global eddy current loop due to (partial) short circuits at the
lamination edges

ation thickness and grain size. The quality of the cut has effect on the result, too. A new
cutting tool gives a more clean cut compared to if it is worn out and not as sharp when
apporaching end of life. When testing is done in a single-sheet setup, the eddy losses are
less affected by the cutting process. The assumption in [68] based on single sheet tests is
that the eddy currents are not affected at all. However, if the lamination coating close to
the edges is damaged, short circuit can occur between sheets that creates larger scale global
eddy current loops [66,82]. A principle sketch of global eddy currents in a lamination stack
is shown in Figure 5.28.

Even though the expression for cec introduced earlier in (5.30) not is valid at too large
lamination thickness, it can still be used to illustrate that the global eddy current loop
will generate more losses. As the the distance dlam is increased, so is cec and hence the
resulting losses. How much the losses are increased is more difficult to predict since it is
hard to detect how many laminations that get connected. In addition to this, the electric
conductivity (σ) between laminations is hard to predict or establish.

Studies presented in the literature indicate that laser cutting in general has a higher influence
on the iron losses than stamping [81–83]. This is explained by the stress build up in the
material by local heat from the laser. In [82], it is stated that the depth of the affected iron
is in the range of up to a couple of millimetres, while [88] concludes it to range from 0.1 mm
and upwards. Therefore, small machines, or machines with a higher number of slots are
affected more by the cutting effect. In addition to this, laser cutting also has higher impact
on the coating close to the edge compared to with stamping [82]. The affected area is
clearly visible in Figure 5.29 where the edge area on both sides of a lamination sheet from
the prototype design is magnified using an Alicona InfiniteFocus G4 microscope. The
changing of colour close to the edges indicates that the coating on both sides are affected
with a depth of around 100µm. This distance coincides with what is seen in a corresponding
figure in [82]. As the coating at the lamination edges is affected, the risk of introducing
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(a) Side A (b) Side B

Figure 5.29: Optical investigation of the laser cut edge area on side A (left) and side B (right) of a
lamination

global eddy current loops is increased.

Another detail noticed in Figure 5.29 (a), is the metal lip next to the edge. This is what
is left of the burr, after being grinded in the manufacturing process. The software in the
microscope³ estimates the height of the burr to 2–4µm. This is comparable to the coating
thickness of typically approximately 1–6µm [99]. On the edge of the opposite side (side
B), a rollover depth is found. With an extruding metal lip close to the edge, the risk of
short circuit between the laminations is increased. This holds especially for a stator with
skewing, in which there is an overlap between the stator laminations.

Suggested means to compensate for the cutting effects when modelling the losses are to
change the material properties [98], or to compensate with correction factors [65]. In [65],
a cutting factor is introduced to take the cutting effects on the iron losses into account. The
cutting factor is based on measurements on 0.5 mm laminations with varying flux path
widths. The increase in losses compared to the 30 mm wide reference from the Epstein
test procedure [92] gives the correcting cutting factor. The straight forward engineering
approach is to simply multiply the iron losses obtained from (5.29) with the cutting factor
to get a more realistic iron loss prediction. Similar measurements are performed in [71],
but on 0.3 mm laminations instead. By doing a rough estimation that the relation to
lamination thickness is fairly linear, these two results are used to derive cutting factors also
for other lamination thickness’s. This way, correction factors for the teeth and yoke regions
respectively are derived for the 0.35 mm laminations in the machine under investigation.
The tooth width of in average 4.5 mm results in a correction factor of 1.45, or 45 while
the yoke width of in average 16 mm gives a correction factor of 1.07, hence 7. That is,
according to this approach the iron losses in the teeth and yoke should be 45 and 7

³Focus-Variation: www.alicona.com/focus-variation/ Accessed on 2018-12-02
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higher than if estimated straight off with (5.29).

However, according to [66], grain size is the main influencing factor for cutting effects.
Hence information on the lamination thickness only, might not be sufficient to derive reli-
able cutting factors. The influence due to material properties is also observed in [83]. Here,
two test samples share the same lamination thickness but have different loss properties.
But although there is a difference, it is not as significant as that to a sample with smaller
lamination thickness. Another result presented is how different settings in the laser cutting
influence the normalized specific losses.

Based on the experimental results, [83] introduces correction factors on the loss coefficients
for hysteresis and eddy current losses separately. The machine geometry is divided into dif-
ferent regions depending on the flux path widths where the average impact due to cutting is
assumed constant. The losses can then be estimated based on the previously used expression
in (5.29), but with the relevant correction factors in each region. The strategy to introduce
regions in the simulation model is also implemented in [68]. Here, the regions are set up
based on the distance to the edges. This is done with the assumption that the closer to
the edge, the more affected the material. The losses are computed in the post process with
different material properties in each separate region. The conclusion after having reviewed
parts of the literature is that cutting the laminations affects the iron losses. How much the
losses are affected and on what part in the iron loss model, is however less unanimous.

Losses due to the machine mounting process

Welding as a mean to get the stator package to keep together can introduce more losses due
to the creation of axially directed electrically conducting paths [67,82,83]. In [67] tests are
performed on a ring sample with welding seams on both the inner and outer side. As a
result, there are axially directed electrically conducting paths on both side of the magnetic
flux (see Figure 5.28). This leads to global eddy current loops and high losses. The setup
is however not really representative for an electric machine where welding typically is done
on the outisde only. Complementary tests in the same paper with welding on the outer side
only, did not result in an increase of losses. Veigel et al. [82] states that a weld connection
in most cases is responsible for very high eddy current losses. However, the basis for eddy
current losses is an electrically connected loop with magnetic flux running through. Hence
a number of welding seams on the outside of the stator should not affect the eddy current
losses on its own. In [83], the result of a number of measurements on welded iron strips
is presented. Here, the conclusion is that more welding seams gives more losses. Thermal
residual stresses and local eddy currents are stated as explanations. It is also concluded that
welding on both sides increases the losses significantly more, which agrees with the result
in [67]. This is however not a common way to build machines. Nevertheless, it could
still be that welding on one side in combination with damaged coating as a result of laser
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cutting enhance the risk of getting global eddy current loops (see Figure 5.28).

Another thing in the manufacturing process that can have an impact on the iron losses
is stress in the material due to for example shrink fitting of the stator into its housing
[79,100,101]. In [79] the dependency on losses due to tensile as well as compressive stress is
investigated. Compressive stress can typically be a result of shrink fitting or from the stator
core getting warmer than the housing so that stress is introduced by an uneven thermal
expansion. Tensile stress would especially occur in the rotor laminations as a result of
centrifugal forces during rotation. The result of the study in [79] is that tensile stress has
a small impact on the iron losses. Compressive stress has a much higher impact on the
losses, up to almost a factor of three depending on the grain size, alloying content and
field strength and frequency. By performing loss separation on the measured losses, it is
concluded that especially the excess losses are affected, while hysteresis losses are affected to
a smaller extent and classical eddy current losses in principle are unaffected.

The results from the study performed in [100] show similar influence on the losses based
on compressive stress in the same magnitude, although presented as total losses rather than
separated. In this study, the result of the laboratory set-up is transferred into FEM simu-
lations with modified permeabilities and loss properties in different parts of the machine.
This is according to mechanical FE-simulations estimating the stress levels. The result in-
dicates that the losses are affected to a noticeable extent, but despite that the permeability
is affected, the flux distribution in the stator core is not. This is expected due to the impact
of the air-gap in the complete magnetic circuit.

In [101], means to manipulate the coefficients to be used in (5.29) are presented. There, it
is also said that the classical eddy currents are not effected by compressive stress. For the
hysteresis and anomalous losses, chy, ehy and can are set up as functions of mechanical
stress. The paper also includes plots showing the dependency in the parameters for two
lamination with different thickness. Although the thinner lamination has lower losses from
the start, the influence due to mechanical stress seems comparable in terms of absolute
values.

5.3.5 Measurements on the stator iron core losses

The iron losses in the machine is also investigated by measurements. These measurements
are performed both with and without applied loading with varying result. No load tests
are done with the machine stand alone, hence not being connected to a converter. On
load tests are done with the machine connected to and controlled by the converter. This
subsection sets out to describe the activities performed on this matter. The measurements
of mechanical losses performed earlier in section 5.2 are used to separate the iron losses from
the overall speed dependant losses.



122 Chapter 5. Loss mapping

Figure 5.30: Test object mounted in its cradle with a flywheel connected to the shaft

No load loss measurements

No load loss tests are performed in two different approaches. One being with the machine
connected to a conventional test bench with a torque transducer. The second approach is
a roll out test in which the loss torque is derived from the deceleration and moment of
inertia.

Roll out test set up and results The roll out test is set up in a similar manner as described
for the mechanical losses in section 5.2.5: The logging starts as the machine starts to decel-
erate and the deceleration rate (dωmdt ) and moment of inertia (Jtot) are used to establish the
loss torque TLoss according to (5.40).

TLoss =

∣∣∣∣dωmdt
∣∣∣∣ · Jtot (5.40)

The difference to (5.27) is that an external moment of inertia is added in the form of a
flywheel mounted on the shaft. That is, Jtot is the combination of the rotor inertia Jrotor
and the external inertia Jext of the flywheel. The set-up can be seen in Figure 5.30 where
the machine is mounted in its test frame with a flywheel connected to the shaft.

As the total moment of inertia in the system is increased, the system dynamics goes down.
This is beneficial for reducing mechanical oscillations which facilitates the data collection,
especially close to standstill. In addition to this, the geometrical simplicity of the flywheel
makes it easier to estimate the moment of inertia. Hence the uncertainties from estab-
lishing the moment of inertia of the rotor become less decisive. A disadvantage with the
external flywheel is that the conditions for the mechanical losses are changed. Based on
preliminary tests with and without the flywheel mounted on the dummy rotor (handled in
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subsection 5.2.5) and the magnitude of the mechanical losses compared to the iron losses,
this influence is considered to be negligible. The total moment of inertia, Jtot of the system
(rotor and flywheel together) is again established according to how it is described in [26].
This paper also confirms a maximum offset of±5 and a standard deviation below 2 when
determining J . Since the loss torque is a product of J and dωm

dt , this offset is transferred
as an uncertainty directly onto the loss torque readings.

The mechanical angular velocity, ωm is obtained from the resolver. Since this has a com-
parably much higher accuracy, the uncertainty in the roll out test is considered to be a result
of that in determining the moment of inertia.

The means of reaching the speed at which the test starts is also a bit different compared
to the mechanical test set up. Here a motor drive, available in the lab is used to get the
machine up to the max test speed. Available DC-voltage and motor drive ratings put a limit
on the top speed to around 3500 rpm. In order for the motor drive not to influence the
test result, a three phase circuit breaker is mounted in-between the drive and the machine.
When maximum test speed is reached, the drive is disabled and the three phase breaker is
opened to physically disconnect the machine phase cables from the inverter.

The test is repeated a number of times to verify the consistency. All tests are conducted
at room temperature. The entire procedure is also repeated before and after the mechan-
ical loss measurements, covered previously in subsection 5.2.5. The resulting loss torque is
presented to the left in Figure 5.31. From this, the power losses are derived and presented in
the right plot. When studying the power losses, an apparently squared relation to speed is
observed. This goes well with the theory in subsection 5.3.1 and equation (5.29). The term
representing eddy current losses, with its squared relation to frequency is reflected in the
measurement results. The presence of hysteresis losses and anomalous losses is discussed
later on in this subsection.

The run-through before and after the dummy rotor test is presented as test case 1 and 2
respectively in Figure 5.31. From this it is concluded that the conditions are comparable
before and after the mechanical loss measurements. Hence, the conditions during the
mechanical testing are likely preserved as well. The ringing observed close to stand still
in the loss torque graph (to the left in Figure 5.31) is from mechanical oscillations at the end
of the roll out test, just before the rotor stops.

No load test bench set up and results No load losses are also measured in a conventional
test bench set up. The test object is disconnected from the drive (hence open circuited) and
connected to a rig motor or dyno via a torque transducer and a belt driven speed reduction.
The drag torque measured by the transducer as the machine is rotated is logged as the loss
torque. The test object mounted in the test bench can be seen in Figure 5.32.
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Figure 5.31: Loss torque (left) and power (right) from the roll out tests before (test case 1) and after
(test case 2) the mechanical loss measurements

Figure 5.32: Test object mounted in the test bench mechanically connected to the torque transducer

The no load measurements are performed from 0-6500 rpm, limited by the test bench. The
speed is kept constant for around 10 s at each test point while measuring the torque. This
is done in order for the results not to be influenced by the dynamic effects during the speed
changes. The test sequence is started at standstill and sequentially increased to the top speed
in steps of 500 rpm. When maximum test speed is reached the procedure is repeated as the
machine is gradually decelerated back to zero speed. This full sequence is also repeated
three times for consistency. The entire test is performed once at room temperature around
25°C and once when the machine is warm with an even temperature of around 60°C in the
inner parts of the machine. This is based on temperature readings from the sensors at the
stator slot, stator back and NDE bearing (in accordance to Figure 2.14).
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Figure 5.33: Test sequence for measuring no load losses in the conventional test bench at room
temperature (left) and warm machine (right)

The shaft speed is controlled with the dyno (a separately magnetized Siemens 1GH5 224-
0NJ40-Z DC-machine controlled by a Parker DC590P inverter) and the torque and speed
are recorded with a HBM T12/1kNm torque transducer with the higher accuracy option
[28]. The accuracy class of the transducer is 0.03. Although this not is a number of
the definitive measurement uncertainty, it gives an indication of the range in which the
accuracy will end up. Since the nominal torque, Tnom is reaching 1000 Nm, the accuracy
class in question corresponds to 0.3 Nm. Hence the torque transducer at hand is really not
optimal for measuring the loss torque with expected values of around and even below 1 Nm.
Due to availability reasons it is used nevertheless. Things affecting the total uncertainty
(utot) are a sensitivity tolerance deviation (dC ), linear deviation and hysteresis effects (dlh)
together with a relative standard deviation (σrel) and temperature effects (TKC and TK0).
In addition to this, any external parasitic loads on the torque transducer could affect the
uncertainty further (upar). The latter would be a result of how the torque transducer is
mounted in the rig and should preferably be avoided when preparing the rig for the test. The
two most decisive parts are the temperature and any parasitic loads acting on the transducer
unit. This is explained more in detail in Appendix B.

The two test sequences are presented to the left and right in Figure 5.33 for room temperature
and warm machine respectively. The upper graphs show shaft speed as a function of time,
while the measured drag torque is presented in the lower graphs. Here it is noticed that
the torque readings at stand still differ from zero. This is more obvious in the left graph,
where the readings at standstill have a spread of 0 to -0.3 Nm. This could to some extent
be expected from the accuracy class of the torque transducer.

Another observed phenomenon is a somewhat different curve shape on the torque readings.
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Figure 5.34: Loss torque as a function of speed from drag torque measurements at room temperature
(left) and warm machine (right) in a conventional test bench including the uncertainty
(u±0.3Nm) indicated by the accuracy class of the torque transducer

This difference can be further studied in Figure 5.34 where the absolute values of the drag
torque are presented as loss torque as a function of speed. Included in the graph is also
an uncertainty, u±0.3Nm based on the torque transducer accuracy class. The knee point at
1500 rpm is not expected from the theoretical expressions of the iron losses nor from the
mechanical losses. This in combination with the larger spread at standstill indicates that
the unexpected behaviour could be related to an underlying tension in the transducer. The
exact cause behind this is not investigated any further.

The loss torque in the warm machine behaves more as can be expected from the iron loss
theory. Another observation is that although the left graph has a strange behaviour, the
absolute values seem to be higher at room temperature than in the warm machine. This
phenomenon is also expected and should at least partly be related to the reversible temper-
ature coefficients of the permanent magnets. The warmer machine has a weaker flux linkage
and therefore a lower magnetic flux density,B in the stator core. The difference in absolute
values is however too large to be explained by the weaker magnets on its own. Additional
explanations besides the torque transducer could be related to a thermal dependency of the
hysteresis and eddy current parts of the losses. Again however, the difference is bigger than
what can be expected when consulting the literature [93]. A final comment on the graphs
in Figure 5.34 is that the uncertainty obviously is too high. Despite an excellent rated ac-
curacy, the over-dimensioned nominal torque brings too much inaccuracy into the logged
data readings. All in all, the need of a more accurate low range torque transducer questions
the result from the loss torque measured in the test bench. The results should therefore be
handled with care and used as indications rather than a definitive result.
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Figure 5.35: Loss torque as a function of speed from conventional test bench at two different ma-
chine temperatures and from roll out test at room temperature

Analysis of the results from the different test procedures Before starting with analysing
the test results compared to the simulations, some remarks are made on the conformity
between the two test procedures. To aid in this, the test results are jointly plotted in Fig-
ure 5.35. Here, each test case (two drag torque measurements in a conventional test bench
set-up and one roll out test) is combined and presented as mean values respectively. The
first observation is a good match in the speed dependency. This is seen on the similar in-
clination in the curves and is especially true when comparing the warm machine and the
roll out test. Above 4000 rpm, the same goes for the room-tempered case. The divergent
behaviour below 4000 rpm in this test case is believed to be caused by external tension on
the torque transducer. These readings are therefore not considered in the further analysis.

The match in terms of absolute values is not as good. The difference between the two
tests performed at room temperature (one of the test bench tests and the roll out test) at
4000 rpm is ≈0.3 Nm. If the roll out test results would have been extrapolated to higher
speeds, this offset would have remained roughly constant. The torque readings from the
warm machine follow the roll out test result very precisely. The good match in speed de-
pendency indicates that a roll out test starting at higher speeds would have had a continued
linear relationship between loss torque and speed also at higher revolutions per minute.

Based on earlier measurements on linked magnetic flux as a function of temperature (presen-
ted in Figure 3.13 in Chapter 3), the expected difference in magnetic flux density, B from
the machine at 60°C compared to 25°C is in the range of 5. This due to the reversible
temperature coefficients (RTC) of the permanent magnets. With a quadratic relation to
the eddy losses and close to quadratic relation to hysteresis (according to equation (5.29)),
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the difference in iron losses should be in the range of 10. Hence the curves from the
warm machine and the roll out test should not match as well as they do. Given the large
level of uncertainty from the test bench, this difference is not possible to detect in the
measurements.

A final remark on the analysis work done on the torque transducer readings is somewhat
related to the too large mutual difference between the different measurements. The zero
signal offset during calibration of the torque transducer (performed 3 months after these
tests, according to a planned schedule) corresponded to -0.216 Nm at 21.6°C. Hence, since
measured torque is negative (see Figure 5.33) the room-tempered test bench test should
perhaps be 0.2 Nm lower. Further on, assuming a 20°C temperature difference ∆ϑ at
the torque transducer (from approximately 25°C to 45°C at the torque transducer) results
in a temperature influence on the zero signal, uTK0 equal to ±dTK0 · Tnom ·∆ϑ/10 =
0.01% · 1000 · 20/10 = ±0.2Nm. If this in reality would be +0.2 Nm, there is a chance
that the room temperature readings are ≈ 0.2 Nm too large (due to the zero signal offset),
while the readings from the warm machine are not (if the temperature offset counteracts
with the zero signal offset). That would have brought the torque readings from the two
test bench tests much closer to each other. In fact the difference could go down to the
range of the previously mentioned 10 due to the 5 reduction in flux linkage in the warm
machine. In addition to this, the readings would also have been much closer to the roll out
test.

Nevertheless, with all the speculations the overall conclusion is still that the test bench
results should be considered as information only. Further analysis is instead done with
consideration to the roll out test result only. It is also assumed that these results could have
been accurately extrapolated to higher rotational speeds by simply extending the linear
relation.

No load test results compared to simulations A comparison between the iron losses from
simulations and measurements is done in Figure 5.36. Included in the graph is the result
from the roll out test together with simulations on the iron loss torque. Both T sim

Loss,Fe

from the original simulations (based on data from FEMM) and T sim,Maxwell
Loss,Fe from when

the simulations considering magnetic flux density change rate (dBdt ) instead of frequency are
shown. In addition to this the total loss torque from simulations T sim

Loss is included. This
is the sum of the mechanical losses handled previously in section 5.2 and the iron losses
used in the design stage, i.e., T sim

Loss,Fe derived from equation (5.32) as described in subsec-
tion 5.3.2. Since the roll out test on the permanently magnetized rotor has contributions
from both iron- and mechanical losses, the comparison should be done with the combined
total simulation result T sim

Loss . The simulation result from the Ansys Maxwell simulations
is presented as reference only. As can be seen, the difference between the two simulation
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methods are marginal compared to that to the roll out test.
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Figure 5.36: Loss torque as a function of speed from the roll out test together with iron loss torque
T sim
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Studying Figure 5.36, an obvious and in some ways rather large deviation is observed
between simulations (T sim

Loss ) and measurements. Starting at stand still however, the meas-
ured and simulated readings are in the same range. By returning to the three terms in the
theoretical expression (5.29) in subsection 5.3.1 some conclusions can be made. As the data
studied in Figure 5.36 is presented as torque, the power losses in (5.32), originating from
(5.29) need to be divided with the angular velocity ωm. This is done in (5.41) where the
constant km,Fe includes the iron core massmFe and the number of polesNp according to
5.42.

T sim
Loss,Fe =

PFe
ωm

=
(
chy ·Behy + cec ·B2 · f + can ·B1.5 ·

√
f
)
· km,Fe (5.41)

km,Fe =
mFe ·Np

4 · π
(5.42)

Looking at the frequency dependency, (5.41) states that the expression for iron loss torque
has one constant term, one term depending linearly and one relating to the square root of
the frequency. Since the value of can is rather small in combination with a diminishing
significance with increased frequency, the last term is ignored in the further analysis. This
gives a constant term relating to the hysteresis effects and a linear term relating to the eddy
currents. From Figure 5.36 it can be concluded that this is the case also for the measure-
ments. Despite the obvious deviation in absolute values, the loss torque has a constant
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part present already at stand still and one part that increases linearly with speed, hence
frequency.

So, according to theory the torque present already close to and at stand still should corres-
pond to the static hysteresis losses (in combination with the frictional loss torque already
covered in section 5.2). As the deviation in the constant term is rather small, the estim-
ation of the hysteresis losses should be rather good. The hysteresis loss coefficient (chy)
and exponent (ehy) in (5.29) and (5.41) seem to be about correct. As the rotational speed
is increased, the deviation between simulations and measurements gets increasingly bigger.
This should then correspond to the eddy currents in (5.41) and originally in (5.29). Here
it seems as the parameter cec in simulations is rather far off. The conclusion is therefore
that the hysteresis losses are estimated with an acceptable accuracy, while the eddy current
losses are not.

In order to further analyse these results, the findings from the literature review in sub-
sections 5.3.3 and 5.3.4 are used. Based on this, it seems to be mainly the flux density
waveforms and any presence of global eddy currents that should affect the eddy currents.
Some findings are also indicating increased eddy currents locally in each sheet, but not
in the magnitude found here. It is also stated that laser cutting has a potentially higher
impact on the generation of losses in the iron core. Especially if the coating is damaged
around the edges of the laminations, global eddy current loops could arise. Also welding
as a mean of joining the stack could enhance the risk for getting global eddy current loops.
For the prototype machine studied in this case, both laser cutting and welding is used in
the manufacturing process.

Another way to consult the theory is by returning to the theoretical expression (5.30). Here
it is clear that increased eddy current losses should be a result of either increased conductiv-
ity (σ) or a wider flux path (d), that is larger loops for the eddy currents to circulate. Since
the conductivity should not be enhanced by laser cutting, the flux path thickness is the
remaining component to consider. With the squared relation to d in (5.30), an increased
thickness rather quickly leads to increased eddy current losses. The average conductivity
(σ) in the global loop should on the other hand not be as good as within a lamination. In
addition to this, according to [63], the simplifications made when deriving (5.30) makes
it unsuited to use for too large flux path thicknesses. It is therefore not possible to use it
straight off to try to foresee the increased eddy current losses due to short circuits or partial
short circuits at the lamination edges.

In the event of any axially directed flux density components running orthogonally through
the laminations, the eddy current losses would increase. The eddy current coefficient as
determined in (5.30) would be higher for flux in axial, or z-direction compared to in the
xy-plane along the laminations. The hysteresis losses do not have this dependency of the
flux direction. The axially directed flux component could be a side effect from having a
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skewed stator. Whether skewing actually introduces any axial flux density components and
if so, how large they are has not been investigated any further within this project. The
findings in [43] and [102] are that the iron core losses should decrease when skewing is
introduced. It is however not investigated in any of these papers whether or not there are
any axial flux density components in the stator core due to skewing.

Another possibility that perhaps could explain a part of the deviating results could be stray
flux paths, inducing losses in other parts of the machine construction. Nevertheless, based
on the reflections discussed above, it is stated as most likely that the deviation in the speed
dependant part of the loss torque is related to global eddy currents (described in the prin-
ciple sketch in Figure 5.28). To what extent is however not based on theory, but rather by
comparing the simulation result with measurements.

Iron loss model adaptation based on the test results The final measure when analysing
the no load test results is to try to adopt the simulation model to get a better agreement
with measurements. A similar approach is also found in [103]. The idea is to increase the
hysteresis loss coefficient chy until the simulations agree with measurements at standstill.
Since the flux density is constant during this experiment, it is not possible to determine
whether the exponent ehy should be altered as well. It is therefore kept unchanged for the
time being.

The eddy current coefficient eec is altered in a similar manner until the speed dependencies
agree. As stated previously, the anomalous or excess losses are disregarded in this analysis
due to a marginal effect on the result only. The small bend visible at low rotational speed
that would be a an expected result from the excess losses, is present also in the mechanical
loss measurements.

The result from the corrected loss model is presented as loss torque in Figure 5.37 and
as power losses in Figure 5.38. These results are obtained by multiplying the hysteresis
coefficient, chy with a factor of 1.1 and the eddy current coefficient, cec with a factor of 4.9
according to (5.43). The constant km,Fe is again defined according to 5.42.

T sim
Loss,Fe =

(
1.1 · chy ·Behy + 4.9 · cec ·B2 · f + can ·B1.5 ·

√
f
)
· km,Fe (5.43)

The inset plot in Figure 5.38 is a zoomed in view with focus on the speed range of the roll
out test. Here it is seen that the corrected power losses follow the test result very well.

As can be seen, the resulting corrected no load loss model (consisting of combined mechan-
ical and iron losses) reveals a dramatic increase in losses compared to the original prediction.
The behaviour of the loss torque suggests that the difference mainly originates from inac-
curacy in the estimation of the eddy current losses. In combination with what is found in
the literature, the deviation should to a large extent be related to global eddy currents due
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to the laser cutting. This could possibly be in combination with the welding seams on the
stator back. Consequently the increased no load power losses are specified as being related
to manufacturing of various origin and accounted for by a building factor. This is a similar
approach as in e.g. [104].
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Final remarks on the no load iron loss test As mentioned above, the results in Figurs 5.37
and 5.38 are obtained by adopting the iron loss coefficients chy and cec only, hence not the
hysteresis exponent ehy. One way to examine the hysteresis coefficient versus its exponent is
to extract iron losses during loading conditions as that would alter the magnetic flux density.
This is attempted in the following subsection. Another approach could perhaps be to do roll
out tests at different magnet temperatures. This way, the reversible temperature coefficients
in the magnets should have resulted in a different magnetic flux linkage and hence flux
density in the stator core. This would on the other hand also require more knowledge on
how the iron core is affected by increased temperature. Since this experiment has not been
performed within the project, no more thoughts or considerations are made on this.

Iron losses at loading conditions

Tests are performed in an attempt to look further into how the iron losses relate to applied
load and hence a varying flux density. Although the collected test data is too inconclusive
to give a definitive outcome, the procedure and its results are still presented along with a
discussion on the findings.

Load test bench set up The tests looking at iron losses with load applied on the machine
are carried out in a back to back set up with a similarly rated machine as mechanical load.
The back to back set up means that the electrical power generated when braking is fed back
into the DC-side of the motoring supply. This way the electric power source only has to
cover the losses in the system. A HBM T12/1kNm torque transducer with standard accuracy
option [28] is mounted on the shaft connecting the two machines. The test set up limits
the top speed to around 7000 rpm. This is a safety precaution due to resonance starting
to occur on the intermediate shaft at higher speeds. This also indicates that there might be
external dynamic loads acting on the torque transducer affecting the readings. The voltage
on the DC-side is set to 600 V. The phase currents are recorded with MACC2plus sensors
connected to a Yokogawa WT3000 power analyser. Specified accuracy of the sensors is
5 ppm of rated current plus 3.3 ppm of actual output. This corresponds to in total below
5 mA. Forced cooling is applied with approximately 60°C coolant inlet temperature at a
total flow rate of around 9 l/min. This leads to a machine temperature measured with the
internal sensors in the range 60-70°C. The sensor measuring the supposed hot spot in the
windings is reaching maximum 90°C at some of the test points. Transformation from 3
phase currents to the dq-reference system is done with live math in the rig system. This
means that the measured 3 phase currents are recalculated to dq quantities at each sample.
Good current readings are ensured by considering the average of the data collected with a
sample rate of 200kHz.

The machine is operated in current control using a SKAI 2 inverter from Semicron [29].
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Currents are applied as a matrix in the second and third quadrant in the dq-reference frame.
This means negative d-currents along with positive and negative q-currents. To limit sat-
uration effects, the current is kept below 125 A in both d- and q-direction. The test is based
on the assumption that the copper losses are unaffected by the direction of the current
vector. Hence, the copper losses is constant as long as the length of the current vector is
constant. In addition to this, it is assumed that the electromagnetic torque is not affected
by the copper losses. This is valid as long as the machine is accurately operated in current
control. Finally it is assumed that the electromagnetic torque is the same regardless of any
changes in speed.

Based on the assumptions stated, the iron losses are derived by comparing the measured
torque (Tmeas) from the currents mirrored around the d-axis. Since the machine is operated
in current control, the current is the same disregarding the copper losses. Any resistive
voltage drop is compensated for by the current controller to keep the set current. As a
result, the copper losses do not affect the current and according to the well known torque
equation (5.46) for a PMSM, thus do not affect the electromagnetic torque. As the current
control in the drive drifts slightly in applied currents, the torque and current is interpolated
when post processing the test data. In this way the same current amplitude and angle offset
in relation to the d-axle can be obtained in each of the two quadrants operated during the
test.

The loss torque, TLoss is obtained according to (5.44), where T+
meas and T−

meas are the
interpolated measured torque on opposite sides of the d-axis.∣∣∣∣T+

meas + T−
meas

2

∣∣∣∣ = ∣∣∣∣Tem − TLoss − Tem − TLoss
2

∣∣∣∣ = TLoss (5.44)

The assumption is that the measured torque is a combination of the electromagnetic torque,
Tem and the loss torque, TLoss braking the machine due to mechanical losses and losses in
the iron core. This is defined in (5.45).

Tmeas = Tem − TLoss (5.45)

The electromagnetic torque is established from the current (id,q) and magnetic flux linkage
(ψd,q) together with the number of poles (Np) according to (5.46).

Tem =
Np

2
· 3
2
(iq · ψd − id · ψq) (5.46)

Here it is clear that the electromagnetic torque gets positive or negative depending on the
polarity of iq. That is, if the amplitude of iq is constant, but the polarity is shifted, equally
sized positive or negative torque is produced. It is however not necessary to solve (5.46) in
this approach since the electromagnetic torque is cancelled when solving (5.44).
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Figure 5.39: Measured and interpolated torque as functions of id and iq at 2000 rpm

The test is commenced at three different speeds. This will keep track of the frequency
dependency of the iron- and mechanical losses. The test data recording starts at 6000 rpm
with currents in the second quadrant with positive iq and hence positive torque. This is
followed by 4000 rpm and 2000 rpm. Then the procedure is repeated in the same order in
the third quadrant, hence with negative iq and torque.

Load test result and analysis The measured torque readings (Tmeas) at 2000 rpm are
presented in Figure 5.39 along with the interpolated positive (T+

meas) and negative (T−
meas)

torque as functions of id and iq. Looking carefully in the plot it can be seen that the cur-
rents controlled by the drive do not follow the reference values perfectly. This indicates a
less accurate current measurement internally in the drive unit. This should however not
be an issue since the actual currents fed to the machine are measured by the external cur-
rent sensors. This deviation between set and actual currents is therefore not investigated
any further within this project. It should instead be considered a question for the current
controller.

The interpolated positive and negative measured torque (T+
meas and T−

meas) are used to
derive the loss torque TLoss as previously defined in (5.44). The result is presented for
2000, 4000 and 6000 rpm as surfaces in Figure 5.40 and as contours in Figure 5.41.

Studying the trends in the measured loss torque, the result agrees with expectations from
the theoretical expression describing the iron losses. First of all, higher rotational speed
means higher iron core losses and hence higher loss torque. This is based on the increased
frequency as already discussed previously in the no load subsection. As iq is increased, the
air gap flux is increased and hence presumably also the magnetic flux density (B) in the
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Figure 5.40: Loss torque TLoss as a function of id and iq at 2000 (lower surface), 4000 (middle
surface) and 6000 rpm (upper surface) derived from measurements
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Figure 5.41: Loss torque contours at 2000 (left), 4000 (middle) and 6000 rpm (right) derived from
measurements

iron core. This leads to higher losses and loss torque according to (5.29) and (5.41). This
trend is observed when following the y-axis, representing iq in the test results in Figure 5.40
and Figure 5.41.

Similarly, an increased field weakening current (negative id) reduces the air gap flux linking
with the stator windings. With the assumption that this also means a reduction in magnetic
flux density (B) in the iron core, the iron losses and loss torque should decrease as well
(again according to the expressions in (5.29) or (5.41)). From Figure 5.40 and Figure 5.41, this
is also the case in the measurements. With most of the contours being nearly perpendicular
to the x-axis, the continuity when entering the third quadrant seems to be good as well.
However, when looking more closely in the graphs, it is observed that the loss torque is
reduced almost all the way down to zero as id is reaching approximately -120 A. This is first
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Figure 5.42: Loss torque as a function of id and iq due to stator iron core losses from simulations
with corrected hysteresis and eddy current coefficients at 2000 (left), 4000 (middle)
and 6000 rpm (right)

of all not realistic as the mechanical losses are not affected by the field weakening current.
In addition to this, the simulation result presented previously as stator yoke and teeth core
losses in Figure 5.24 suggests that the losses reach their minimum when id is in the range of
approximately -300 A. In order to facilitate the comparison with simulations, the simulation
result is presented again in Figure 5.42. Here the losses in the yoke and teeth are added into
total stator iron core losses and recalculated from power losses to loss torque. In addition
to this, the iron core losses are estimated based on the revised or corrected hysteresis and
eddy current coefficients, hence as presented in Figure 5.37 and Figure 5.38. The speeds as
well as the scaling on the axis are also changed to the current levels and speeds used in the
test set up. The temperature in the simulation set-up is also adjusted to match the 60°C
measured during the tests.

When comparing the test results in Figure 5.41 with those from simulations in Figure 5.42
it is concluded that the absolute values do not match that well. The readings along the
y-axis when id is zero seem to be in the right order of magnitude. Since the simulations
are based on iron loss parameters calibrated with the roll out test, the simulations at no
load (at origin in the plots in Figure 5.42) should be about correct. At the same time, since
the drive is enabled (switching active) during this test sequence the losses can very well
be higher in this test than during the roll out test. When moving along the x-axis the
difference becomes much more evident. The data from measurements gets close to zero
torque at id being approximately -120 A. When analysing the results a bit more thoroughly,
it is however not possible to conclude whether it is the test results or the simulations (or
both) that are incorrect.

The fact that the test data suggests reaching zero loss torque is a major reason for being
suspicious about these results. In addition to this, the faster reduction in loss torque along
the x-axis from the test compared to simulations is unexpected. Even if the fundamental
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magnetic flux density is decreased, there will still be harmonics contributing to loss torque
due to iron core losses. The flux density waveforms and harmonic content are studied by
means of simulations in [105]. The effect of these harmonics are not included in the simu-
lations so if anything, the loss torque from the measurements should be larger in the field
weakening region. Furthermore, the field weakening should redirect some of the magnetic
flux from the magnets along the airgap and tooth tips instead of through the stator teeth
and yoke. Since the simplified simulation method used here only considers flux densities
in the teeth and yoke (see Figure 5.21), any additional losses in the tooth tips are omitted.
Operating a PMSM in field weakening at higher speeds should lead to higher eddy current
losses in the core due to higher harmonic content [106]. All this being said, the location
in the dq-load map at which the iron losses are at its minimum does not necessarily have
to agree with the field weakening point. The minimum iron loss point could very well be
shifted closer to origin, as seems to be the case in the measurements. The order of mag-
nitude is however still not considered as realistic, leaving a question mark on the reliability
of the readings.

A comparison of the loss torque with and without a connected and enabled drive with cur-
rent references set to zero is presented in Figure 5.43. The difference in loss torque should
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Figure 5.43: Loss torque from roll out tests with and without a drive connected and set to zero
current along with torque transducer readings with a drive connected and set to zero

be a result of current ripple from the drive inducing additional losses in the stator iron core.
The difference seen between the two roll out tests should therefore be an indication on the
losses induced by high frequency components imposed by the drive. Included in the graph
is also the torque transducer readings at measured zero current during the load test. The two
test cases with the drive enabled is done at different test set-ups with different drives and
DC-voltage. The mutual difference should therefore be related to both different switching
frequency and applied DC-voltage. A higher DC-voltage means higher amplitude in the
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current ripple and should therefore give higher losses, while the switching frequency influ-
ence the harmonic content. The stator core losses in the machine is hence to some extent
affected by the drive it is connected to and the voltage level on the DC-side. Since the pur-
pose with Figure 5.43 is to highlight that additional speed dependant losses can be induced
by the drive, no deeper analysis is done on whether the results are comparable between the
two drives. Instead it is again concluded that the readings from the test bench set-up are
considered less reliable due to the relatively large uncertainty from the torque transducer.

Some attempts are made on compensating the on-load test results based on stated inac-
curacies in the current sensors and torque transducer. Due to the relatively large degree of
uncertainties in terms of the actual origin for the deviations, these results are not considered
useful for continued analysis. Instead the analysis is limited to a discussion around different
possible error sources, without implementing them in the test data processing. Since the
torque readings on the opposite sides of the x-axis are used to derive the loss torque, the
sensitivity of the torque transducer is crucial. Despite very good accuracy, the uncertainty
u in the torque transducer is in the same range as the loss torque. Hence the actual version
of the expression in (5.44) becomes as in (5.47) where up and un are the uncertainties of
the measured positive and negative torque.∣∣∣∣Tpos + Tneg

2

∣∣∣∣ = ∣∣∣∣Tem − TLoss ± up − Tem − TLoss ± un
2

∣∣∣∣ = TLoss ±
up
2

± un
2
(5.47)

Things affecting the torque transducer uncertainties are as discussed previously in section 5.2
for example temperature variations, linear deviations, deviations due to different torque
directions and any zero signal offset. As can be concluded from (5.47), those uncertainties
acting in the same direction (having the same sign) on both positive and negative torque
are transferred to and affect the resulting loss torque. Since the accuracy class indicates up
to u <0.3 Nm, the influence on the result can be significant.

In addition to the torque transducer, the readings from the current sensors have a noticeable
influence on the resulting loss torque. This is partly in terms of absolute values of the current
vector, but even more in terms of current angle. As mentioned earlier in connection to
Figure 5.39, there is an observed deviation between the current readings and the set values in
the drive. Unfortunately, the internal current measurements in the drive were not recorded
during the test in question. Some limited complementing tests when looking on both the
current measured and communicated by the drive and the current measured by the test
rig, show a deviation between these two. This deviation seems to be depending on both
machine speed, current amplitude and torque direction. The exact behaviour and wherein
the mismatch in current readings lies is however not pursued more within this project.

Since the transformation from measured currents in the three phases to the dq-coordinate
system is also based on the rotor angle, this is yet another possible error source. The rotor
angle is established by using the resolver signal. Hence the same angle readings are used both
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internally by the drive and for the dq-transformation of the externally measured currents.
Based on the discussions previously in Chapter 4, a faulty current angle will have higher
influence on the resulting torque when operating in the field weakening region. Since the
result is obtained by comparing positive and negative torque, a deviation from the actual
shaft torque can result in double impact on the loss torque when derived with (5.44). The
machine temperature could also affect the test result. The internal temperature sensors
in the machine all indicate around 5°C temperature difference between the recording of
positive and negative torques. This was at the test considered small enough not to have a
significant influence on the result.

The conclusion from the discussion above is that the deviating and inconclusive result to a
large extent probably is a consequence from when the dq-currents are acquired. This could
be either by the current sensors or from the dq-transformation, most likely in combination
with a relatively high inaccuracy in the torque readings. This is based on the trend in the
test result where a more unexpected behaviour is observed in the field weakening region.
It is also to some extent confirmed by [107], where acquiring the torque and the power
factor are judged to be the two most decisive contributors to uncertainties when performing
measurements on an electric machine.

Alternative ways of determine loss torque frommeasurements In addition to comparing
the positive and negative torque, two other methods for determining the loss torque TLoss
from the back to back measurements are tested as well.

The first alternative is to use the difference between electric power Pel and mechanical
power Pshaft at the shaft and deduct the losses PCu in the windings. This method is
therefore dependant on good knowledge of the winding resistance Rs. This is something
that can be hard to obtain since both temperature and frequency affects the actual resistance.
Things like harmonics content in the currents and uneven temperature distributions in the
windings will hence affect the result. The loss torque is determined according to (5.48). This
expression is valid for motoring. When power is generated, the signs on Pel and Pshaft
should be shifted.

TLoss =

∣∣∣∣Pel − Pshaft − PCu
ωm

∣∣∣∣ (5.48)

For the second alternative, TLoss is established by comparing the measured torque Tmeas
with the electromagnetic torque Tem. The voltages are measured and transformed into ud
and uq components. These are used to derive the magnetic flux ψd and ψq linking with the
stator. Again the winding resistance is necessary as input for determining the linked mag-
netic flux. This can be seen in (5.49) and (5.50) where ωe is the electrical angular frequency.
Another complication with this method besides requiring accurate ways of acquiring the



5.3. Stator core losses 141

Figure 5.44: Comparison of three different means of deriving loss torque from measurements using
(5.44) in Method 1, (5.48) in Method 2 and (5.51) in Method 3 at 2000 (left), 4000
(middle) and 6000 rpm (right)

resistance, is to get useful readings of the PWM-generated 3 phase voltages.

ψd =
uq −Rs · iq

ωe
(5.49)

ψq =
Rs · id − ud

ωe
(5.50)

Once the linked magnetic flux is obtained, Tem is determined with the previously intro-
duced expression in 5.46 and the loss torque with (5.45) solved for TLoss according to (5.51).

TLoss = |Tmeas − Tem| (5.51)

An advantage with both of these alternative methods is that the interpolation of the test
data becomes obsolete. This is because there is no need to mirror the result around the
x-axis. The loss torque as derived with (5.48) and (5.51) is presented as Method 2 and 3 re-
spectively together with that derived by (5.44) in Figure 5.44. Here the stator resistance,Rs
is estimated with consideration to the winding temperature but not the frequency. Hence
DC-resistance is used rather than AC-resistance. The phase resistance is measured at room
temperature. The temperature coefficient for copper together with temperature is used to
estimate the resistance in each test point. The copper temperature is established by using
the readings from the internal temperature sensor (sensor 1, SHS in Table 2.2) mounted
in the center of one of the slots.

The voltages needed in (5.49) and (5.50) are acquired by using the average of the readings
sampled at 200 kHz during 1.2 s at steady state operation. That is, the dq-transformation is
done on each sample in the raw data and the results averaged over 1.2 s are used as output.
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Looking in Figure 5.44 a distinguishable dispersion between the results is observed. As
concluded previously, the first method (Method 1 in the plots) when using (5.44) yields
unexpectedly small losses during field weakening. The data post processed with equation
(5.48) (Method 2 in the plots) has a strange behaviour to speed. The test case at 2000 rpm
shows higher losses than at 4000 and 6000 rpm. Looking closer, it is noticed that this is the
case especially at higher currents. This opens for a possibility that the result is influenced by
the estimated resistance. If the resistance would have been higher, the losses in the copper
(PCu) would have been higher. Since the results in Figure 5.44 is presented as torque, higher
copper losses would affect the result more at lower speeds. This is because the losses in the
windings are divided by mechanical speed before presented here. An attempt to alter the
resistance is done by doubling the resistance to see how it affects the result. This is presented
further down in Figure 5.45 This makes the result more reasonable in terms of the speed
dependence, but is still somewhat strange in other aspects.

The loss torque is still increased in the field weakening region, compared to at origin. This
is something that contradicts with the expectations from the original simulations. But on
the other hand, as mentioned earlier, the loss torque does not necessarily have to go down
during field weakening even if the fundamental magnetic flux density does. No more effort
is however put into sorting out these speculations on modifying the resistance.

The loss torque derived with (5.51) (Method 3 in the plots in Figure 5.44) shows a bit more
reasonable behaviour. The torque is in the same range as with the post processing method
first used and also with the simulations. The major difference is the behaviour seen in the
field weakening region. Here the loss torque is increased as the airgap flux linkage is re-
duced. This is again contradicting with the simulations as well as the first results (Method 1).
However, if field weakening leads to increased harmonics it might be leading to increased
losses despite a reduction in the fundamental magnetic flux density in the iron core. A
parenthesis to these results is that doubling the resistance in accordance to what was dis-
cussed when looking at the copper losses, instead makes the loss torque behave unexpectedly
here. Hence altering the resistance affects the two methods (Method 2 and Method 3 in
Figure 5.44) in different ways. This can be observed in Figure 5.45 where the results are ob-
tained with twice the stator resistance. The fact that the three different methods give such
diverging results combined with the known limitations in the simulation model makes it
difficult to draw consistent conclusions on the load dependency of the iron losses from the
measurements performed and presented here. This is especially the case when operating in
the field weakening region.

5.3.6 Revised iron core losses based on the measurements

The stator iron core losses determined with (5.43) where the hysteresis and eddy current
terms are revised based on the roll out test, is presented as function of torque and speed in
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Figure 5.45: Comparison of three different means of deriving loss torque from measurements using
(5.44) in Method 1, (5.48) in Method 2 and (5.51) in Method 3 at 2000 (left), 4000
(middle) and 6000 rpm (right) with modified (doubled) stator resistance
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as function of torque and speed utilizing MTPA

Figure 5.46. As previously, the result is obtained by utilizing MTPA as control strategy. The
result here should be compared to that presented previously in Figure 5.25. As already noted,
the losses in the iron core are significantly increased compared to the original estimations.

The iron loss parameters could perhaps be tuned further based on the result of the on-load
testing. The large uncertainties following these results make this analysis less valid and
is therefore not put into use. If this would not have been the case, the relation between
the hysteresis coefficient (chy) and exponent (ehy) could possibly be adjusted a bit more.
Also the contribution from the anomalous losses in relation to the classical eddy currents
should perhaps be possible to include in the post-measurement analysis. The result can
then be expected to be a somewhat different relation to magnetic flux density, hence torque
in Figure 5.46. Due to the difficulties in getting adequate results from the test, no effort is
directed towards that at this time.
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5.3.7 Concluding remarks on the iron core losses

In order to accurately predict the iron losses, a lot of information is required on the material
as well as on the geometry and manufacturing technique. A lot of this information is hard
to obtain even if the prototype is manufactured, not to mention during the design phase.
This could for example be how the laminations are manufactured, whether the cutting tool
is new or almost worn out. Or in the case of laser cutting (as in the prototype studied here)
how the manufacturing settings are set and kept during production. Also any presence of
global eddy current loops due to short circuits at the lamination edges is hard to detect in
advance.

In addition to this, the drive used to control the machine will have an effect on the iron
losses. The adaptation of the iron losses is based on the roll out test results, hence at no load
and with no drive connected. It would perhaps be more just to base the iron loss parameter
correction on the the roll out test with a drive connected. Or even better, based on the
on-load test. All in all, the output from the simulations in terms of iron loss prediction
should be considered as indications rather than facts. Hence, how a machine in a larger
population statistically can be expected to behave.

It is also concluded that the rather blunt method originally used to estimate the iron losses
gives a comparable result to when it is estimated based on the rate of flux density change
in each element in the simulation model. This is despite a presumably more accurate con-
sideration of the magnetic flux density variations and distribution. At least this seems to
be the case for the prototype machine with laser cut laminations. The case of a more serial
production like manufacturing with stamped laminations has not been investigated here.
Expectations from the literature, e.g. [81–83] is however that the simulation results should
be closer to the test data if measurements are done on a machine produced in serial pro-
duction.

In the other end of the scale where the machine is built and tested, additional uncertain-
ties are introduced. As the iron losses are such a small part of the measured values, even
equipment with high accuracy can give scattered results. Again, statistics are important to
consider. If not by performing measurements on multiple machines, this should be done
at least by repeating the tests several times with as similar pre-conditions as possible. This
is not always easy if the test method is time consuming.

The final concluding remark based on the aspects mentioned above, is the importance of
knowing the limitations in estimating the iron losses in a PMSM. The prevalent simulation
model is easy to implement rather than accurate. At the same time, there is a risk that
measurements on a prototype are misleading as well. The results should instead be used
as indications rather than predictions. For example to compare different designs to each
other. More important than acquiring a correct prediction is to know what aspects are



5.4. Rotor losses 145

acting negatively on the iron losses and how to avoid them.

5.4 Rotor losses

For the sake of a simplified design routine, the estimation of rotor core losses is neglected
during the design phase. Since the rotor is rotating synchronously with the fundamental
frequency in the stator, the major part of the magnetic flux in the rotor is constant. The
same simplification is also applied to the permanent magnets. The magnetic flux density
ripple still present comes from the space harmonics imposed by e.g. saturation effects and
the interaction with the stator teeth, in combination with time harmonics originating from
the waveforms of the electrical signals [45].

The way for taking the losses in the rotor iron core and permanent magnets into account
is to use the same approach as for the iron core in the stator. Hence the amplitude and
frequency, or alternatively the change rate dB

dt of the flux variation are used to solve e.g.
(5.29) or (5.36) – (5.38). In the prototype studied in this work, the rotor core shares the
same material as the stator core. Using a high performing material in the rotor can be seen
as superfluous since the losses are much lower than in the stator. This is however common
practice when the stator lamination is manufactured in one piece. The material left inside
the stator ID can just as well be used for the rotor. For machines built up by segmented
stators a different steel grade can be used for the rotor. This could for example open up
for a less expensive material, or a material with improved mechanical integrity to allow for
higher rotational speeds [108]. Since the prototype studied here has the same material in
the rotor and stator iron core, the parameters introduced in Table 5.1 can be re-used for the
rotor core. The core loss model for rotor core also needs to take into account the field bias
from the magnets.

The electric conductivity and relevant geometrical dimensions of the permanent magnets
are used for estimating the magnet losses. Simulations performed in [109] indicate that a
coarse axial segmentation is sufficient to reduce the magnet losses significantly. This is also
supported by [110] where it is found effective to just partially segment the surface mounted
magnets. The same paper also states that the eddy current density in the rotor decreases
exponentially with distance from the airgap. For the interior permanent magnet machine
with laminated electrical steel closest to the airgap, this should mean even lower losses in
the magnets. The axial segmentation of the magnets in the prototype is therefore chosen in
order to facilitate manufacturing rather than with consideration to the magnet losses [1].

The rotor losses are investigated at four different load cases according to Table 5.2. This
means a square in the dq reference frame. The first load case is roughly representing the field
weakening point. The second load case is at no load. The third case is in close connection



146 Chapter 5. Loss mapping

0 5000 10000 15000
0

50

100

150

200

250

300

350

400

Speed [rpm]

P
ow

er
 [W

]

 

 
1: i

d
 = −400, i

q
 = 0

2: i
d
 = 0,      i

q
 = 0

3: i
d
 = −400, i

q
 = 400

4: i
d
 = 0,      i

q
 = 400

Figure 5.47: Rotor iron core power losses due to eddy current and hysteresis losses estimated from
Ansys Maxwell 2D FE-simulations at four different load cases

with the maximum peak torque operation point. The forth case is in principle outside the
normal operating region but is included as information.

Table 5.2: Definition of load cases when investigating the rotor losses

Load case id [A] iq [A]

: -  Short circuit

:   Idling

: - 

:  

The power losses in the rotor iron core estimated based on (5.36) – (5.38) being solved in
Ansys Maxwell [96] 2D FE-simulations are presented in Figure 5.47. With no information
availible on the loss coefficients (chy and cec) for the magnets, the PM power losses are
instead estimated based on the electric conductivity and by considering the magnets as
axially conducting rods in the rotor [105]. In combination with the B-field acting on the
magnets, this gives induced eddy currents internally in the magnets. The resulting power
losses in the magnets are presented in Figure 5.48. Here it should be noted that the losses
in the magnets are estimated based on non segmented magnets, i.e., with magnets as long
as the active length of the rotor. Since no end effects are included in the estimation of the
eddy current losses, it is questionable whether 2D-simulations on a shorter machine (with
the length of one magnet) would give an adequate result. If the rod becomes as long as it
is wide, the neglected end effects should most likely have too much impact on the result.
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Figure 5.48: Induced eddy current power losses in 224 mm long magnets estimated from Ansys
Maxwell 2D FE-simulations at four different load cases

As can be seen in Figure 5.47, the losses in the rotor iron core go up to around 350 W
at top speed. It is also considerably higher during load compared to at no load. As the
difference between load case 1 (lower left in the dq-map) and load case 3 (upper left in the
dq-map) is small, the losses should be roughly the same as field weakening commences.
This is provided that the relation between the four load cases are reasonably linear. This is
however not investigated in this study. The result is instead used as indications on the order
of magnitude of the losses in the rotor iron core

The seemingly high losses indicated by the results in Figure 5.48 are to a large extent mis-
leading, partly since load case 3 (represented by the curve reaching up to almost 800 W at
15000 rpm) is not used above base speed. As the speed exceeds the base speed, the losses are
gradually better represented by the curve related to load case 1. Hence with the prerequisites
valid for Figure 5.48, the losses can be expected to be limited to around 400 W in accord-
ance with load case 1. Even more significant to the result is that the simulations are done
on non-segmented magnets. As the prototype holds 14 smaller magnets along the active
length, the losses in the magnets should be considerably smaller. How much is not studied
any deeper at this time. Instead the results presented in [109] are used to provide some
indications. These results suggest a reduction in magnet losses with around 40 and 70
when the magnets are segmented into 4 and 8 pieces respectively. A coarse extrapolation of
these results indicates a reduction of 80-85 or around 6 times, when using 14 segments.
For the prototype studied here, this indicates losses in the permanent magnets staying well
below 100 W in all possible operating points.

In combination with the rotor core losses, the total combined losses in the rotor iron core
and permanent magnets are estimated to reach around 420 W during peak power operation
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at top speed. Peak torque operation around base speed results in rotor losses of around
100 W. The uncertainties associated with these numbers are however limit the results to
indications, rather than accurate predictions.

The indication from [111] is that the analytical approach to estimate the eddy current losses
in the rotor magnets holds a limited accuracy compared to complete 3D electromagnetic
FEM simulations. The study presented in [70] also indicates that the losses in the rotor
can be significantly higher than predicted in ideal FE-simulations. This is due to the time
harmonics introduced by the switching frequency and the DC-link voltage. Figures show-
ing the loss distribution however indicates that the increased rotor losses are concentrated
close to the airgap. Since that study is done on surface mounted magnets, the result is not
directly transferable to the IPMSM design studied in this project. The laminated rotor core
close to the airgap is better suited to limit the effect of the harmonics compared to the more
coarsely segmented magnets.

An important reason for why the rotor losses need to be considered despite being compar-
ably small, is the limitation in heat dissipation usually seen in the rotor. The way the oil
cooling is implemented in the prototype studied here (introduced in section 2.2.2) how-
ever makes this issue less relevant. As one of the two oil circuits are passing through the
rotor before being sprayed onto the windings, the heat generated in the rotor is removed,
thus keeping the PM temperature down. Similar results are presented in [112]. It is also
noticed in one of the continuous operation tests mentioned briefly in section 2.3. As the
cooling circuit passing through the rotor is turned off, the PM temperature (estimated from
induced voltage) is elevated with 20-30°C.

Since the intended normal condition for the machine under investigation is with coolant
passing through the rotor, no more focus is directed towards the rotor losses. The heat
arising in the rotor iron core and permanent magnets is handled and is hence not an issue
when running the machine.

5.5 Winding losses

The losses in the windings consist of resistive DC-losses as well as AC-losses. The AC-losses
are related to eddy currents due to proximity effects. This is a result of self flux leakage when
alternating currents flow in the conductors, in combination with external flux leaking from
the stator core, typically close to the air-gap [113–115]. At a certain ratio between frequency
and conductor diameter, skin effects due to self inductance can occur as well.

The copper losses originally considered in this project are those related to the resistive DC
copper losses. In addition to this, the AC-losses are investigated theoretically with consid-
eration to proximity effects and by considering the skin depth.
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5.5.1 DC copper losses

The DC copper losses in the stator windings are determined by looking at the resistive
losses in the conductors. The DC-resistance, Rs,DC is determined with (5.52) where ρCu
is the resistivity of copper and lcond and Acond are the total length and cross sectional area
of the conductor respectively. The geometrical parameters are determined based on input
from the FE-environment. The length is a combination of the active length lactive and
end winding length lEW , where the latter is estimated based on the distance between the
relevant slots. The conductor area is the slot areaAslot times the copper fill factor kfill. As
the prototype is being built and the wire diameter and number of wires in each bundle is
known, kfill is adjusted accordingly. The resistance is also verified with measurements on
each phase on the prototype machine at room temperature.

Rs,DC = ρCu ·
lcond
Acond

= ρCu ·
lactive + lEW
Aslot · kfill

(5.52)

The resistivity is temperature dependant according to (5.53) where tcCu is the temperature
coefficient of copper and ∆ϑ is the temperature difference to room temperature.

ρCu = ρCu{20°C} · (1 + tcCu ·∆ϑ) (5.53)

In the simulations, the winding temperature is defined as a temperature difference to the
permanent magnet temperature. The permanent magnet temperature is in turn defined
when setting up the FE-simulations (see Chapter 3). When analysing the prototype the
average copper temperature is assumed to be 20°C higher than the permanent magnet
temperature. This is based on heat flow FE-simulations in [1] giving the preliminary heat
distribution within the machine at an assumed continuous current density (presented in
Figure 2.5). This is eventually also confirmed to be roughly adequate when performing
measurements on the prototype.

The DC copper losses, PDCCu are determined in the dq-reference frame according to (5.54)
where id and iq are the magnetizing and torque producing currents, respectively. Here, the
dq-components are derived with power invariant transformation (see Appendix A).

PDCCu = Rs,DC · I2rms = Rs,DC ·
(
i2d + i2q

)
(5.54)

The copper losses based on the DC-resistance at 130°C when utilizing MTPA in the control
are presented in the torque speed map in Figure 5.49. Note that the losses here are presen-
ted in kW. As the DC-resistance has no speed dependency, the copper losses are constant
for a given torque below base speed. As the machine reaches voltage limitation and field
weakening starts, the copper losses are increased for the same torque. This is because the
control leaves the MTPA and increase negative id to the expense of the torque producing
iq. Hence the current needed to produce the same torque is increased which consequently
leads to higher copper losses.
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Figure 5.49: Estimated copper power losses, PDCCu based on the DC-resistance at 130°C in the stator
windings as function of torque and speed utilizing MTPA

5.5.2 AC copper losses

Estimating the resistance becomes more challenging when taking the AC-losses into ac-
count. The analysis is done on skin effects and proximity losses due to leakage inductance
from the stator core. When relevant, the additional losses are added to the copper losses
established based on the DC-resistance. Proximity losses due to self flux leakage is not
included in the analysis done here.

Skin effect

The skin effect is a phenomenon caused by alternating currents creating a changing mag-
netic field which in turn generates opposing eddy currents. This results in that the center
of the conductor can no longer be used to transport the current. Instead the current gets
more concentrated around the periphery. The result is a reduced effective conductor area,
hence increased resistance. The skin depth δ is established from the permeability µ and
conductivity σ of the conductor together with the frequency f according to (5.55) [50,
pg.209]. With copper being considered a non-magnetic material, the permeability of free
space (µ0 = 4π · 10−7) can be used.

δ =
1√

π · µ · σ · f
(5.55)

A thicker skin depth means a longer distance into the conductor before the opposing eddy
currents occur, hence is better from a conducting point of view. As can be noticed, the
conductivity has a reverse relation to the skin depth, meaning that reduced conductivity
leads to a thicker skin depth. This means that the skin effect in copper is reduced with in-
creased temperature (compare to the resistivity in (5.53)). When solving(5.55) with relevant
numbers for copper, the skin depth becomes around 2 mm at 1000 Hz. Lower frequency
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means larger skin depth. With a wire diameter of 0.85 mm and a fundamental frequency
of 750 Hz at maximum speed, the skin effect will not have any significant influence on the
copper losses in the prototype. Also for the harmonics at higher frequencies, the increase in
losses due to skin effects is negligible. In [116] a unitless parameter,X is defined as in (5.56)
and used to evaluate the skin effect. Here, r is the conductor radius. The results presented
from the FE-analysis confirms that the skin effect is negligible below a value of X =0.5.

X =
r

δ
=
√
f · r · √π · µ · σ (5.56)

For the machine under investigation in this project,X is equal to 0.35 at maximum funda-
mental frequency (750 Hz at 15000 rpm). Meanwhile, 1 and 10 increase in impedance
is reached approximately at X =0.7 and X =1.5 respectively. This corresponds to around
3 kHz and over 13 kHz respectively in the machine in question. The skin effects in the
0.85 mm diameter strands are therefore not considered any further in this analysis.

Proximity effects

The proximity effects in the windings are caused by magnetic fields affecting the conduct-
ors. This generates eddy currents in the same way as described previously for the iron core.
The magnetic fields acting on the windings originate both externally through leakage from
the surroundings and internally from the alternating currents in the neighbouring conduct-
ors [113–115]. The external fields in the PM machine originate both from the rotor magnets
and from the stator armature field. Besides keeping the windings in place, the tooth tips
also prevent the PM flux from reaching the windings. At the same time, a small airgap
in an otherwise enclosed high permeability material leads to enhanced field near that air-
gap, which potentailly can give increased proximity losses [117]. In [118] it is shown that
a homogenized approach can be used to approximate the proximity losses as long as the
unitless parameter X (in (5.56)) is below 0.5. The homogenized approach means that the
magnetic flux acting on the bundled wires are modelled as homogeneous, hence acting in
one direction without being affected by the internal fields from the current running in the
conductors. This is exemplified in Figure 5.50 where the magnetic flux Bleak leaking from
the stator is drawn as homogeneous and evenly distributed.

This approach of a homogeneous field is used when investigating the proximity losses in
the machine under investigation here. This work has been done based on the work in
[119]. The derivation of the relevant equations is reproduced and explained more in detail
in Appendix C. The study starts with the fundamental Maxwell-Faraday equation, here
expressed as (5.57) [50, pg.208] with E and B as the electric and magnetic field vectors.

∇×E = −∂B
∂t

(5.57)
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Figure 5.50: Homogeneously distributed magnetic flux (Bleak) leaking from the stator core through
the windings

Since the diameter of the individual conductors in the bundle of wires is relatively small, it
is assumed that the field passing through is unidirectional. Another assumption is that the
current is evenly distributed in all wires within the slot. This should be fairly correct as long
as there is transposition of the strands. This means that the exact location of each individual
strand is different in the different slots as it passes through the machine. That should
essentially be true for the prototype machine as all coils within each phase are connected in
series. Further on, it is also assumed that the magnetic flux density varies sinusoidally and
is evenly distributed, or uniform within the slot. With these assumptions, B within the
slot can be expressed by the peak flux density, Bpeak as a function of time, t and electrical
angular frequency, ωe as in (5.58).

B = Bpeak · sin (ωet) ŷ (5.58)

Here, ŷ defines the direction of the magnetic field. Since it is unidirectional no x̂ or ẑ
representing x- or z-components are needed. Solving (5.57) for the expression in (5.58), the
electric field becomes as in (5.59).

E = Bpeak · ωe · x · cos (ωet) ẑ (5.59)

The power losses in a conductor due to resistance, R and current, i can be developed to
instead consider resistivity, ρ and current density J . With the conductivity σ being the
resistivity inverse and current density being the conductivity multiplied by the electric field
E in accordance with Ohm’s law, the power loss due to an electric field becomes as in (5.60).

P = R · i2 = ρ · J 2 = σ · E2 (5.60)

The losses in a round wire with radius rwire due to the external magnetic field is obtained
by integrating σ · E2 over a quarter of a circle and multiply by 4. Since it is the average
power loss that is interesting, the squared cosine term can be replaced with a factor 1/2.
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This is done in (5.61).

P avgwire = 4 · σ ·B2
peak · ω2

e ·
1

2

rwire∫
x=0

√
r2wire−x2∫
y=0

x2dy dx (5.61)

When solving the integration in (5.61), the average power loss per unit conductor length in
one conductor becomes as in (5.62).

P avgwire =
1

2
· σ ·B2

peak · ω2
e ·
π

4
· r4wire (5.62)

From (5.62) it can be concluded that the proximity losses depend on a square relation to
the electrical angular frequency as well as the magnetic flux density passing through the
wires. For electric machines, this means high speeds and typically large field weakening
currents. This is because it suppresses the flux density in the teeth, making a larger part to
find other paths. In the torque speed map of an electric machine, maximum influence on
the losses should be seen when operating at high power and speed. Similarly to the skin
effect, reduced conductivity means lower losses. Hence, as the temperature is increased,
the proximity losses are reduced.

When reflecting a bit more on the expression in (5.62), the similarity to the equation used
for proximity losses in [116] is evident. The difference except for the factor of 1/2 due to the
usage of peak flux density (as in (5.62)) instead of rms values (as in [116]), is a function of
the previously used dimension less number X (defined earlier in (5.56)). This is to include
what happens at higher frequencies. ForX <0.5, this additional function included in [116]
is equal to 1.

In order to get an estimation of the total proximity losses P proxCu in the machine, the ex-
pression in (5.62) needs to be multiplied by the length of the conductors. Since the end
windings are unaffected by the proximity effects due to slot leakage field [70,120], the total
length considered for the proximity losses, lprox is the active length la multiplied by the
number of conductors Nc in a slot and number of slots Ns in the machine according to
(5.63). The number of conductors is the number of turns multiplied by the number of
parallel strands in the wire bundle.

lprox = la ·Nc ·Ns (5.63)

This gives the total average proximity losses, P proxCu in the entire machine with (5.64) where
rwire is the radius of a single strand.

P proxCu =
1

2
· σ ·B2

peak · ω2
e ·
π

4
· r4wire · lprox (5.64)
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The flux density Bpeak needed to solve (5.64) is established from FE-simulations with cur-
rents applied in the dq-reference frame (id from -500 to 0 and iq from 0 to 500 in steps
of 100 A). This is done by considering the integral of the square of the normal magnetic
flux density along a line running from top to base in the middle of the slot (dashed line
in Figure 5.50). This applies for the condition of the flux being equally distributed over
the slot width, which of course not always is the case. Nevertheless, since the purpose of
this study is to investigate the proximity losses, no more effort put on acquiring more ac-
curate data. The peak magnetic flux density at each dq-current combination is determined
by monitoring the average squared flux density in the slots for a number of different ro-
tor positions. Repeating the procedure for a number of different temperatures indicates a
marginal difference in Bpeak only.

An alternative way to estimate the proximity losses would be to consider the flux density
change instead of estimating the flux density as sinusoidal. In that case, the termB2

peak ·ω2
e

in (5.64) should be replaced by
(
∂B
∂t

)2. This requires a more accurate way to determine the
flux density than just described. One way can be to again utilize the Maxwell-Faraday
equation (expressed in (5.57)) and instead look at the electric field. Since the purpose of
investigating the proximity losses here is to study the influence rather than absolute values,
no more work is done on this alternative method.

The proximity losses determined with (5.64) are presented as a function of machine torque
and speed in Figure 5.51. Note that the losses here are presented in W. Beside the as-
sumptions stated above, the torque speed map is derived with MTPA and 130°C winding
temperature. This is considered as average temperature during operation. With lower tem-
perature, the conductivity is increased leading to higher proximity losses. It is also worth
noticing that this is with the assumption that there are no circulating currents in the parallel
strands in the wire bundle. Looking in the plot it is possible to confirm the predicted beha-
viour of proximity losses mainly impacting when operating at high power and high speeds.
The temperature dependency is also mainly affecting that same operating region. At room
temperature, the simulation model suggests reaching up to around 400 W as maximum at
peak power and top speed. Looking at the rest of the torque speed map, the difference due
to temperature is insignificantly small.

With the simulation model it is also possible to estimate the impact of changing the wire
diameter. With double copper area in each strand and half the number of strands per
wire bundle (to keep the same total copper area in each slot), the proximity losses are
approximately doubled as well. The strand diameter is investigated also in [121], where a
similar conclusion is reached. Increasing the strand diameter gives higher AC-losses in the
windings.

Despite the assumptions made while deriving the proximity losses, the result is considered
useful to indicate the approximate level and behaviour of proximity losses. Although it
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Figure 5.51: Estimated proximity losses, P proxCu at 130°C in the stator windings as a function of
torque and speed utilizing MTPA

is important to bare in mind that the uncertainty on the absolute values should be rather
large, it is still possible to conclude that the impact is marginal on the overall copper losses
in the prototype machine. Compared to the DC-losses, the proximity effect due to external
magnetic flux leakage is close to negligible.

Something not considered in this analysis is the influence of the PWM-switching on the
proximity losses, which might be visible already in Figure 5.43. Results presented in [122]
indicate around twice the proximity losses with harmonics from the switching frequency
superimposed on the applied fundamental phase currents, compared to if the fundamental
current is applied only. Since the analytical evaluation on the proximity losses in the proto-
type indicates a marginal order of magnitude compared to the total copper losses, the part
related to the switching frequency is not investigated further.

Another aspect, not investigated here is whether there are circulating currents in the wind-
ings. This could occur if the bundles of paralell strands in the wire are not twisted within
the slot nor are displaced in the other slots connected in series. This means that the indi-
vidual strands have approximately the same routing in all slots. This is the case in the study
performed and presented in [70]. As magnetic flux leaks through the slot, electric fields
are created. These fields generate opposing currents circulating through the conductors on
each side of the stray flux (closer to the slot opening and closer to the stator back). This
results in current imbalance, hence increased current in a number of strands and reduced
current in others. Consequently this leads to increased losses in the windings.

A way to counteract the circulating currents is to introduce transposition of the conduct-
ors, hence to twist the wire bundles when winding the machine [77]. The effectiveness of
this has been shown e.g. in [123], where the proximity losses are significantly reduced as
transposition is implemented. Also a mutual displacement of the strands between different
slots connected in series acts as countermeasure against circulating currents [124].
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The impact on the winding losses due to any circulating currents in the prototype machine
design is studied by simulations in [105]. The result indicates increased winding losses at
base speed with a factor of 2 and 1.56 for currents applied in d and q direction respectively.
This is with the precondition that no twisting or displacement of the strands is present.
The uneven distribution is due to that current in d counteracts the PM flux from the rotor.
This makes a larger proportion of the flux to leak through the slots.

The actual presence of this kind of rotating currents in the physical prototype is not invest-
igated thoroughly. It is instead noted that all coils in each phase are connected in series.
Hence the strands in the prototype are passing through the entire stator. This allows for
some kind of stochastic distribution to be assumed and hence improved conditions for
preventing current imbalance. This being said, there is still a possibility that the losses are
affected to some extent. This is probably not as much as indicated in the simulations, but
presumably more than nothing. How much is however not established within this analysis.

5.5.3 Copper losses from measurements

The copper losses are also verified by measurements on the prototype. The machine is
mounted in the same back to back set-up as described earlier in section 5.3.5. The winding
temperature is around 120°C (according to sensor 1, SHS in Table 2.2) throughout the
entire test. The rig-motor is controlled to 10 rpm, corresponding to 0.5 Hz in the 6 pole
machine. The torque is controlled with MTPA and set torque is altered in steps up to peak
torque. At this speed, the contribution from the iron losses as well as mechancial losses are
assumed to be negligible. The power loss is derived by simply considering the difference
between mechanical power at the shaft and electric power fed into the machine. The elec-
tric power is established with a Yokogawa WT3000 power analyser and mechanical power
is obtained from torque measured with a HBM T12/1kNm torque transducer [28]. The
resulting copper losses as a function of applied torque from measurements and simulations
are presented in Figure 5.52. The match is seen as an indication that the simulation model,
in which the DC-losses are dominating, is a good approximation of the case in the actual
machine. It should be noted that the effects of circulating currents in terms of increased
AC-resistance are according to [70] not visible at such low frequencies. The influence of
the PWM switching should according to [122] be detectable also below base speed. There
are however no results presented for speeds as low as 10 rpm. At these speeds it is assumed
that the current controller can keep the set currents close to reference.
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Figure 5.52: Copper power losses as a function of torque with MTPA-control from simulations and
measurements on a warm machine with 120°C winding temperature at 10 rpm

5.6 Loss mapping summary and over all concluding remarks

The loss analysis chapter is summarized by looking at the combined losses from simulations
compared to the measurements on the prototype machine. The results are also concluded
in terms of where to put the effort when trying to predict the losses based on simulations
and analytical models. The expectations on the accuracy in the machine loss predictions
are discussed briefly, too.

5.6.1 Total losses from simulations

The losses derived throughout this chapter are combined into a loss map as a function
of torque and speed in Figure 5.53 and as a function of power and speed in Figure 5.54.
Included are the mechanical losses (Pmech) due to windage and friction from section 5.2, the
revised iron core losses (P Corr

Fe ) from section 5.3, the rotor losses (Protor) from section 5.4
and the total combined DC- and proximity copper losses (PCu) considered in section 5.5.
Maximum available DC-voltage in the simulations from which these loss maps are obtained
is set to 600 V.

The losses in Figure 5.53 are used to derive the efficiency η according to (5.65). Here Pin is
the power fed into the machine from the drive, Pout is the mechanical power on the shaft
and Pem is the electromagnetic power that produces torque. The resulting efficiency map
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Figure 5.53: Total power losses, Ploss as a function of torque and speed from simulations on a warm
machine with 100°C PM and 130°C winding temperature
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Figure 5.54: Total power losses, Ploss as a function of power and speed from simulations on a warm
machine with 100°C PM and 130°C winding temperature

is presented in Figure 5.55.

η =
Pout
Pin

· 100% =
Pem − Pmech − PFe − Protor

Pem + PCu
· 100% (5.65)

According to this prediction, the efficiency in the prototype machine should reach 96 in
a large part of the operating region. When comparing to the efficiency map derived during
the design phase, presented earlier in Figure 2.12 in Chapter 2, the maximum efficiency is
dropped with around 2. It is also established that the difference to the result in Figure 2.12
is especially pronounced at low torque, high speed operation. This makes sense since the
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Figure 5.55: Efficiency η as a function of torque and speed from simulations of a warm machine
with 100°C PM and 130°C winding temperature

revised speed dependant stator core losses differed rather much compared to the original
prediction. At higher torque where the copper losses dominate, the difference is less ob-
vious. This is also expected based on that the copper losses are not changed much in the
analysis performed within the work presented here.

The difference in efficiency is especially affected by the increased losses above base speed.
The amount of heat to be dissipated with the cooling is increased, hence the continuous
power should be affected. If the initial cooling conditions are kept the same, the continu-
ous power and torque are reduced compared to the original estimations. Since no deeper
analysis is done on estimating the capacity of the cooling system, the influence on the con-
tinuous operation is not investigated any further.

5.6.2 Efficiency measurements

The simulated losses are compared to measurements on the prototype machine. The test
procedure and result are presented here.

Test set-up

The efficiency of the prototype machine is measured by comparing power in and power out
in the back to back test set-up described earlier in subsection 5.3.5. (Torque is recorded with
a HBM T12/1kNm torque transducer [28] and electric power is established with a Yokogawa
WT3000 power analyser). The used method makes it important to consider the uncertain-
ties in the acquired data. This is because small differences are measured on large quantities.
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The closer to 100 efficiency, the larger the relative error will be in the final result. The un-
certainties related to measured torque and measured power factor are identified as having a
significant impact on the overall uncertainty in the efficiency measurements [107]. The ef-
ficiency can also be acquired by measuring the different losses separately and subtract them
from the measured electric power as described in [125]. This is not done within the work
presented here. A more accurate way to determine the efficiency is to perform calorimetric
tests [126]. This is not possible within this work due to availability reasons.

The drive used to control the machine is a SKAI 2 inverter from Semicron [29]. The MTPA
control is implemented with look up tables of id and iq as function of speed and requested
torque. The voltage is controlled with space vector modulation and has a voltage margin of
6 leaving a maximum phase voltage of 400 V. The switching frequency is 8 kHz. Limita-
tions during the test are maximum 150 kW power due to the connected brake machine and
8000 rpm top speed due to resonance phenomena in the mechanical connection between
the machines. Especially the top speed limitation is unfortunate since the impact of the
iron losses is more distinguishable in the higher end of the speed range. The brake ma-
chine is controlled with speed references while the unit under test is controlled with torque
references.

The test sequence automatically changes speed and torque in order to complete the entire
torque speed map. The speed starts at 500 rpm, then 1000 rpm and further up in steps of
1000 rpm up to the largest tested speed. For each speed, the torque starts at zero and is
increased in steps of 5 up to 20 (of peak torque at that speed), then in steps of 10 up
to peak torque. The test sequence also includes negative torque, but that result is omitted
here. Above base speed, peak power in the rig motor limits the torque from reaching 100.
Each test point is logged for 2.2 s to get an averaged result. Before commencing each test
point, the machine is (electrically) heated or cooled down to maintain relatively constant
temperature in all test points. Due to low accuracy when reading the motor temperature in
the drive, the temperature sensor mounted in the hot spot of the windings (sensor 1, SHS
in Table 2.2) still indicates a temperature variation between 115-135°C. This is considered
sufficiently constant for the purpose of the test. Immediately after each test point, the
drive is disabled and the rig-motor is controlled to 1000 rpm. In this way, the magnet
temperature can be estimated by recording the induced voltage of the test object. The
estimated PM temperature indicates between 84-94°C for almost all test points. For both
the windings and the magnets, the temperature in the higher range is recorded at higher
speeds in the later part of the test sequence.

Test results

The test result is presented as losses in Figure 5.56 and as efficiency in Figure 5.57. Note
the different speed scale compared to the simulation results presented previously. Peak effi-
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Figure 5.56: Measured power losses as a function of torque and speed on a warm machine with
84-94°C PM and 115-135°C winding temperature
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Figure 5.57: Measured efficiency as a function of torque and speed on a warm machine with 84-94°C
PM and 115-135°C winding temperature

ciency in the test is above 96 in a limited area around 5500-7000 rpm and 100-150 Nm.The
deviant readings at 8000 rpm, 50 Nm is caused by a faulty torque reading at that test point.
In order to facilitate the comparison, the efficiency map from the simulations is presented

again with the measured speed range in Figure 5.58. Here, the additional voltage margin of
6 used by the drive is considered as well.

When comparing to the simulation results in Figure 5.53 and 5.55 and with a more relevant
speed range in Figure 5.58 it is concluded that the measured efficiency does not have the
same wide area of above 96 efficiency predicted by the simulations. Although being closer
to the measurements compared to the originally estimated efficiency map in Figure 2.12,
the simulations still overestimate the efficiency. This is especially the case when entering
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Figure 5.58: Efficiency η as function of torque and speed from simulations on a warm machine with
90°C PM and 120°C winding temperature

the field weakening region. The loss prediction at low speed and high torque follows the
measurements better. This indicates that it is the speed dependant losses that still are un-
derestimated in the simulations. Given the absolute values observed in the iron losses in
the stator compared to the AC proximity losses in the windings, this deviation in speed de-
pendency is more likely to be related to the iron core losses. The deviation in efficiency at
low speed, low torque is considered less crucial since the losses generated in this region are
small in relation to the cooling capability. The influence in terms of increased temperature
in the machine or total energy efficiency in the system is marginal only.

An attempt to investigate the deviating result still noticed at higher speed, is done by ma-
nipulating the iron loss parameters even further. This time it is based on the roll out test
result with the drive connected, presented previously in Figure 5.43. The difference between
the two roll out tests in the figure is that higher losses are noticed when the drive still is con-
nected and active with the current references set to zero. The influence on the core losses
(or more generally in magnetization losses, if dividing all losses as DC-current and other
losses) in the stator should be related to the switching frequency as well as the DC-voltage
and is therefore dependant on the inverter. Since the roll out test is done with a different
inverter as well as a different DC-voltage than that used in the efficiency measurements, the
result can only provide a limited indication on how the results are affected by an inverter.

By adjusting the speed dependant eddy current term of the losses in (5.29) to match the
roll out test with the drive connected, the iron losses are increased. This is accomplished
by increasing the factor in front of the eddy current term in equation (5.43) from 4.9 to 8.
This can be considered mathematically correct in terms of achieving a congruent result. It
is however not necessarily physically correct since there is no evidence that all losses comes
from the iron core. With all other loss contributors unchanged, the resulting simulated
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Figure 5.59: Efficiency η as a function of torque and speed from simulations on a warm machine
(90°C PM and 120°C winding temperature) with modified speed dependant eddy cur-
rent losses in the stator iron core

efficiency map is presented in Figure 5.59. As can be seen, the result is that the peak effi-
ciency drops below 96. On the other hand, when focusing on the surface representing
an efficiency exceeding 95, it is considered a better representation of that in the measured
efficiency map. As already mentioned, the result from this simulation case is based on a
different drive and should therefore be considered as an indicator only. It is nevertheless
considered possible to conclude that the inverter is influencing the efficiency to a noticeable
extent.

Any presence of circulating currents or current imbalance within the slots is not included in
the simulations either. Studies performed and presented in [105] indicate that circulating
currents could result in up to twice the copper losses in the prototype machine. This comes
with the precondition that no twisting or displacement of the strands is present. As the
machine has all coils connected in series, the circulating currents are assumed to be low.
Omitting them entirely might however be a faulty assumption. A possible experimental
investigation could be to perform a sequence of tests with opened and short circuited, or
clamped bundle ends. Either during the manufacturing steps, or if it would be possible to
access the winding terminals in the prototype. Since circulating currents have a depend-
ency to frequency [70] and hence speed, it should be mentioned as a possible source for
the deviation observed between the test result in Figure 5.57 and the simulation data in
Figure 5.58.

Another thing that could be investigated when analysing the results is the harmonic content
in the currents. A way to measure this is to look at the total harmonic distortion (THD)
in the currents. High THD should result in both increased iron losses due to the high
frequency components and also in higher copper losses due to the increased rms current.
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The THD measured by the power analyser (Yokogawa WT3000) during the test indicates
2–4 THD depending on load point and speed. The resulting influence on the loss map
and hence efficiency is not pursued any further.

Additional reasons that to some extent can be used to explain the deviation between simu-
lations and measurements are related to the hardware used during the test. One part is the
test equipment. In addition to the inherited limitation in accuracy when comparing power
in versus power out [126], there is a question mark on the torque transducer in the test
set-up. As already mentioned, the maximum test speed is limited by resonance effects on
the shaft connecting the test object with the rig-machine. This should influence the torque
transducer readings to some extent. When studying the data sheet [28], external parasitic
loads acting on the torque transducer are considered as one of the major contributor on the
instrument accuracy. This is also explained a bit more in detail in Appendix B. How much
the resonance influences the test data in this case is not investigated further, but the impact
should be higher at higher rotational speed. Hence higher inaccuracy can be expected in
the region where the higher deviation between test and simulation is observed.

In addition to this, the look up tables used to set up the control in the inverter do not
have any field weakening scheme. Partly since the available test facilities hardly ever makes
the machine to operate in field weakening. Field weakening is instead implemented by
the drive by trying to maintain a desired voltage margin. The exact functionality of this
part of the control has not been investigated in any deeper manner. Any influence on the
measured data compared to the simulations due to this is therefore not established.

Finally, as touched upon previously in the thesis, temperature should influence the result as
well, partly in terms of losses in the windings. Although being measured in a presumed hot
spot, the temperature is not constant along the entire copper wires. Secondly, any influence
on iron losses due to temperature variations is omitted in the analysis. How much this could
affect the result is therefore not established.

The conclusion from studying the efficiency is that the simulations manage to provide a
result that to a reasonable extent is comparable to the test. This is especially the case when
the iron losses are corrected even further in Figure 5.59. It is however important to be
aware of the limitations and uncertainties present in the analysis. This holds both from
the simulations in terms of how well the models manage to represent reality and also from
the measurements in terms of limitations and inaccuracies in the test equipment. The
machine is only tested up to just over half its intended top speed and furthermore, with a
limitation in maximum power. All in all, less than half the operating area is covered in the
test. The result is however still considered as useful for verifying part of the loss analysis
done throughout the chapter. High torque low speed operation indicates good agreement
in the non speed dependant models. That adds credibility to the copper losses and to some
extent the hysteresis part of the iron losses. As the speed reaches about half speed at 7000-
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8000 rpm, the simulations could still be adjusted to agree well without being unrealistic.
The limit in the result is obviously what is happening outside the tested speed range. This is
unfortunate as it constrains the possibility to investigate and verify a major part of the field
weakening region. This could on the other hand also have introduced further complications
related to the control in the frequency converter.

The concluding remark on the efficiency measurements is therefore, in line with all tests
performed throughout the thesis: It is a challenging task to combine and compare simula-
tions and measurements. This goes for setting up the test as well as explaining the results.
The outcome should therefore, as always mainly be considered as indications pointing in
the right direction, rather than providing any definitive answers. Given the reasonable
conformity between simulations and measurements, this is considered fulfilled.

5.6.3 Summary of the loss analysis

As stated already in the previous subsections, there are lots of challenges related to analysing
the losses in an electric machine. This starts already in the modelling. The mechanical loss
models implemented are analytical and based on empirical results in the works of others.
The bearing loss model being based on the work of the manufacturer [49] is considered well
proven. This is based both on the underlying data and on the measurements performed
here. In combination with expressions for the friction from the oil seal and carbon brushes,
the conformity to test is considered satisfying. The remaining part still interesting to have
had done is related to the thermal aspects. A study on how well the model handles the
changes in viscosity would have been interesting. On the other hand, the part of the total
losses originating from the mechanical losses is marginal. The more interesting area of use
is instead related to loss separation from the similarly behaving iron losses. An accurate
model of the mechanical losses is an enabler for investigating the losses in the iron core in
a better way.

The second part included in the mechanical loss model is the air drag. This part is con-
sidered as less proven compared to the friction losses. The main reason is the limited test
speed. As there is no possibility to verify against measurements, the effort put on the
model becomes less relevant. Also when studying the literature, the expressions are very
much empirical with numerous variations depending on speed, temperature, relative air
pressure, surface roughness and so on. No commonly used, general model seems to exist.
The resulting losses obtained from the analytical model indicate a marginal effect on the
total losses within the speed range of the machine.

The iron loss model originally considered is selected with focus on keeping the computa-
tional effort low. Focus is on the main power loss contributors to provide the vital input
to cooling integration and thermal design. This model is hence known to be less accur-
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ate already from the start. This is partly due to the simplified way to acquire the relevant
flux densities from the FEM simulations, but also since the models are known not to be
based on the underlying physics, neither forseeing the impacts from practical realisation and
manufacturing [63]. Although the model in use underestimates the losses rather much, the
investigation indicates that other supposedly better models in principle are equally inac-
curate (see Figure 5.36). The learning is instead the importance of knowing the limitations
of the model that is in use and also which factors that have an impact on the losses in the
physical machine. This includes the harmonics imposed by both geometry and applied
currents and also the influences on the material parameters from manufacturing. During
the no load roll out tests, global eddy currents caused by partial short circuits between lam-
inations are the seemingly dominating explanation for the difference. These eddy current
loops are introduced during the manufacturing process. Axially conducting paths at the
lamination edges are created by e.g. damaged coating close to the edges and welding seams
at the stator back. A factor of almost 5 is needed on the speed dependant eddy current loss
torque to get the result to better agree with the test. When running the efficiency tests with
a drive connected, this factor of 5 seems insufficient. Better conformity is achieved by in-
creasing the eddy currents in the stator core with an additional factor of just over 1.6. This
gives in total 8 times higher eddy current losses compared to those originally estimated. It
is however not settled whether these additional losses are related to e.g. higher dB

dt in the
iron core only or if some parts also are related to AC-losses in the windings.

Less effort is directed towards the rotor losses. Although the models used share the same
limitation in reliability as in the stator, the impact in absolute numbers are much smaller.
The importance of still knowing the rotor losses is also somewhat mitigated by how the oil
cooling is implemented. The usual problem of dissipating heat from the rotor is solved by
the way the cooling system is implemented.

In addition to the straight forward DC copper losses, proximity losses due to external flux
leakage in the slots and skin effects in the strands from the alternating currents are studied.
Self flux leakage in strands is not included since it is not expected to give much influence
with such small diameter on the copper (0.85 mm). The small copper wire diameter is
also a sufficient precaution to prevent skin effects to occur, at least on the fundamental
current components. The external flux leaking from the stator core through the slots is
estimated from FE simulations. Together with a number of assumptions on for example the
conformity and sinusoidal behaviour, this is used to estimate the proximity losses. Although
being considered a rather blunt approach, the outcome should still be sufficient to give an
indication on the order of magnitude. Compared to the DC-losses originally considered,
the influence is limited. Also at high torque close to top speed where the proximity losses
are most noticeable, the result according to the model used indicates less than 5 increase
on the total winding losses. In the remaining part of the load map, the influence is much
less than that. Other things not included in the analysis are any influence from harmonics
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due to for example the switching frequency, or circulating currents due to strands not being
sufficiently twisted or dislocated.

5.6.4 Conclusions from the loss analysis

The iron losses have the largest impact on the result based on the analysis performed here.
This is to some extent expected since the iron losses are known to be hard to model correctly.
This in combination with being one of the two major loss contributors in an electrical
machine makes it relevant to study further. This is also why the majority of the work on
mapping the losses is directed towards the stator core. All the more surprising is the order
of magnitude with which the simulated iron losses must be increased in order to match the
test results. The roll out test without the drive indicates a factor of 4.9 between simulations
and measurements, while that with the drive still connected indicates a factor of 8. This
brings the iron losses to about the same level as the copper losses in part of the load map.
The stated explanations for having to scale up the iron losses are global eddy currents due
to manufacturing in combination with harmonics from the frequency converter. Here,
especially the first part is hard to predict. The important lesson must instead be to consider
and if possible prevent this phenomenon during the machine assembly.

The short-cut in the analysis here is to adopt the model to the test data by implementing
correction factors. This highlights the incomplete estimation of power losses and identifies
different loss origins that are excluded in the design process. The correction factors are a
seemingly straight forward method to improve the simulation model for fast prediction and
machine sizing. Since lots of analysis work can be done more easily outside the test lab, the
improved model is of use also when there is a physical prototype. The limitation with this
approach found out during the study is the conformity between the prototype and a unit
produced in higher volumes. The theoretical study on the iron losses concludes many of
the impacting factors as being a result of the manufacturing method. As this can be quite
different depending on the numbers produced, the verified and corrected simulation model
will still have potential limitations in its accuracy. One example is the global eddy currents
that to some extent are explained by the damaged coating on the iron sheets. This is in turn
found to be a more likely event when cut with laser compared to when stamped. Hence
the losses in the serially produced version might be different than that in the prototype.

The other part in the major loss contributor category is losses in the windings. Before
commencing this work, the copper losses were believed to be dominating when making
a loss separation. Unlike the iron losses, the copper losses originally considered are not
affected much throughout the analysis done here. That is unexpected since already a small
relative change in losses should result in a significant impact in absolute numbers. Here it
must also be mentioned that these results are with some potential loss contributors being
omitted. When consulting the literature, support can be found for AC-phenomena mainly
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being an issue in larger machines or machines with solid windings [113, 121, 124, 127]. In
randomly wound machines with wire bundles built up by several thin strands, the AC-
losses seem less prominent. Going deeper into this area is an interesting topic for future
work.

When the copper losses become speed dependent and hence start to resemble those in the
stator core, things get more complicated. This is especially the case since the iron core losses
also have a dependency to the applied load. The idea with the on load measurements in
section 5.3.5 is to succeed in mapping the iron losses as a function of applied currents. This
can provide a good starting position for isolating any speed dependency in the copper losses.
Limitations in the test procedure in terms of requiring unrealistically high measurement
accuracy, instead diminish the analysis to being a game of guessing. Is the load angle correct,
or is the dq-map rotated a couple of degrees? Is the inaccuracy in the torque transducer
deviating differently on opposite sides of zero torque? Does the data interpolation provide
a decent representation of the data points? Hence more focus is directed to read out the
test results instead of being able to try to make the line between iron losses and AC copper
losses more visible.

This brings the next and also most important lesson learned, being the importance in know-
ing the limitations in the analysis. This holds for those introduced in the simulations as
well as those imposed by the test set-up. Simulations are models trying to represent some
kind of reality, while test results are blurry pictures of the same thing. Any discrepancy can
therefore originate from either side of the table. The models are inaccurate, but it is hard
to determine to what extent, since measurements not necessarily provides the full picture
either.

One way to get around parts of the issues introduced during measurements is to run mul-
tiple tests. This way, the statistical basics get better. This could however be problematic
if the tests are time consuming, both in terms of available resources and in getting similar
conditions throughout all tests. The temperature can for example have an impact on both
the test object and the test equipment.

Many of the tests in the work this thesis is based on are done during a limited time slot.
The tests in the conventional test bench as well as in the back to back set-up are done
during approximately two working weeks each. This includes time to install, debug and
decommission the test object as well as setting up the motor control parameters and running
the tests. In addition to the limited possibility to run multiple tests, the limited time also
enforces intensive testing when the test window is open. This leaves little time to do deeper
analysis work with the test object still in the test bench. Many questions regarding the data
are therefore discovered after the test period and consequently often left unanswered.



Chapter 6

Discussion and Conclusions

As introduced in the Objectives section in Chapter 1, the work sets out to, to some extent
close the knowledge gap between the automotive industry needs and the electric traction
machine provisions. This should be done by providing a profound knowledge base con-
cerning the design of an electric machine based on requirements from a heavy commercial
vehicle. With the work presented here, some aspects important to consider in the border-
line between the two disciplines are covered. This being said, many aspects are still to be
pursued.

6.1 Conclusions

In addition to the conclusions given towards the end of each chapter, this section provides
a shorter summary and some overall conclusions from the different parts of the project.

The first conclusion drawn from the PhD work is that there is no such thing as a perfect
machine design. The constant flow of compromises that follow the work of designing
an electric machine indicates the importance of having a good insight into the intended
application. Corresponding insight and understanding are important also when ordering
a machine for a specific application. A good understanding of the consequences of any
specific requirement is the key to success. A potential consequence is the risk of getting
what was ordered rather than what was actually wanted or needed.

The main conclusion from Chapter 3 is the importance of considering the thermal depend-
ency of the magnet material. Since the material data provided by the suppliers in general is
given at room temperature, the elevated temperatures during normal operating conditions
have to be handled in the simulation model. It is also concluded that the fairly elemental
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analytical expression describing the RTC of the permanent magnets, is sufficient for provid-
ing a functional thermal behaviour in the simulations. The flexibility of the simulation tool
makes the implementation easily achievable in the pre- and post processing codes. With
the rapid test procedure of the dynamic testing methodology, the thermal model is verified
without time consuming tests.

The analysis in Chapter 4 provides conclusions on how much the torque production in an
IPMSM actually is affected by skewing. This differs rather drastically from the expecta-
tions aquired when studying relevant text books, such as [8, 9, 16]. The simulation result
indicates a load dependant influence on the torque production where some parts of the
load map shows a considerable reduction. This influence is in the thesis defined as ”the
apparent skewing factor” of the machine. Since this apparent skewing factor is determined
experimentally, the exact value needs to be settled individually for different machines. The
overall trend should however be similar also for other IPMSM designs. Within the work
on skewing, it is also shown that the part of the load map affected the most coincides with
where the machine is operated during field weakening. This is an operating area frequently
used by a traction machine in a vehicle application.

The concluding remarks from Chapter 5 are related to the difficulties in determining the
iron losses. This is partly since it is hard to model correctly and partly since it also is
hard to measure in an accurate way, at least at on-load conditions. Influences from the
manufacturing process that are difficult to predict have a large influence on the iron losses
in the machine. Ongoing activities in the research community focus on how the hysteresis
and eddy current losses are affected on a local scale, e.g. in a single lamination. A more
tricky aspect is the influence of eddy currents due to partial short circuit between the sheets.
Since the conductivity in such a connection is hard to estimate, the resulting eddy current
losses are hard to predict as well. The other of the two main loss contributors, namely the
copper losses, instead turns out to agree better with the simplified original estimations than
expected. The parallel strands in the wire bundles efficiently suppress the AC-components
of the resistive losses. The conclusion from the mechanical loss study is first of all a sense
for the order of magnitude, or rather lack of magnitude of the mechanical losses in the
machine. This is valid at least at lower rotational speeds at which the dummy rotor used
in the analysis seems to never come to a stop. The bearing loss model [49] developed
by the bearing supplier is also found to provide a good representation of the actual case.
Together with elementary analytical models for sliding friction, this provides a good base
for estimating the mechanical losses.

The final overall conclusions are related to the machine designed and produced throughout
the PhD work. Aspects identified as important prior to setting the actual requirements
are the machine size and power density. In terms of size, the long and slender prototyped
design is tailored to fit on the side of a high volume production heavy duty transmission.
Installation in a rig set-up proves the fulfilment of the requirement. The long and slender
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design also provides good conditions for handling high rotational speed with sufficient
mechanical integrity in the rotor. This is in turn a prerequisite for the machine to provide
sufficient power to propel a heavy hybrid electric or full electric vehicle in the limited space
claim.

The power density of the machine is approximately 2.9 kW/kg or 12.9 kW/l considering
180 kW as peak power and 62 kg and 14 litres respectively. This is comparable with or
higher than many of the competing machines intended for similar applications. Besides the
increased speed, the other aspect identified as important to obtain a power dense machine
is the implementation of direct cooling. With oil applied directly on the active parts, the
housing can be made smaller and as the total machine weight goes down, the power density
is increased.

6.2 Discussion

This section sets out to discuss some of the results and conclusions obtained from the work
presented. The way of working throughout the project is mentioned. In addition to this,
the discussion is somewhat extended beyond the scope of the thesis. This is in order to
add a different aspect point on what to consider when designing a machine for a claimed
environmental friendly application.

Regarding validation of the simulations The results presented in this thesis need to be
discussed in terms of how the simulation results have been validated with measurements.
A consistent theme with the test results presented, is the limitations imposed by the test
facilities. This is either in terms of top speed or available power. Despite the limitations, the
results are in most cases still considered sufficient to give indications on the credibility of the
underlying simulations. The continuous performance test results (from Figure 2.20) can for
example be plotted together with the simulated loss map to give a more accurate prediction
of the continuous performance at higher rotational speeds. As can be seen in Figure 6.1,
the continuous performance operation is when around 4 kW of losses are dissipated. This
indicates around 80 kW at top speed.

Other test results that suffer from limitations are e.g. those performed on the dummy rotor.
With the limited speed, the plateau at which the loss torque is expected to become stable
is hardly reached. Furthermore, the windage cannot be considered to be validated at all.
On the other hand, this opens for the possibility to instead focus more on the mechanical
friction losses.

The results obtained in the torque ripple analysis are on the other hand considered more
robust. The apparent skewing factor is indeed extracted from simulations. However, the
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Figure 6.1: Loss map from simulations with measured continuous power

close conformity between expectations from simulations and the test result indicates cred-
ibility to the simulation model and hence the analysis. Also an unexpected torque variation
is explained and eventually verified in complementary measurements. The implementation
in the post-analysis model makes it possible to select and study any skewing angle. By com-
paring the results without skewing with the simulation results with a skewing of 1, 2, 3 and
so on degrees, a smooth and continuous transition is seen. This adds further credibility to
the simulation results.

The skewing analysis can also be discussed with regards to the actual results. The unexpec-
tedly large impact on torque production in the usually occurring operation region might
be a sufficient reason for not implementing skewing. This holds especially if it also affects
the efficiency, as the reasoning towards the end of Chapter 4 indicates.

Regarding the way of working The way of working can be discussed in a couple of dif-
ferent aspects. One part is related to how the results are obtained. Here, a distinguishable
difference can be noticed before and after licentiate. Pre-licentiate work is with a broader
perspective with focus on fast and somewhat accurate results. With the help of the sim-
ulation environment, a prototype is designed and built rather early in the project. Post-
licentiate work is more detailed, much slower and a bit more accurate. The extra effort
spent is of course an important foundation for obtaining understanding, but gives a close
to marginal result in terms of accuracy. Nevertheless, the understanding obtained here is
a prerequisite for eventually finding an acceptable compromise between design speed and
accuracy in the results.

An advantage of arranging the work as in this project is the access to something real to
which the theoretical knowledge can be connected. This has been especially important for
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the learning process of the author to this thesis. Real understanding is acquired when the
test results are analysed and compared to the expectations.

Regarding the way of working as a PhD student with such close connection to the in-
dustry, some observations are made. As mentioned in the introduction, one major dif-
ference between industry and academia is the time aspect. This is partly in terms of the
expectations on the results, but also related to the practical work in different lab environ-
ments. The experiments performed at the university have been set up and left for months.
This way, test data analysis is made with the test object still being mounted in the rig. If
needed, tests can be modified and re-made in order to answer any potentially question
marks in the results. The test periods under the direction of industry is instead strictly lim-
ited. In order to maximize the valuable time in the rig, planning in advance is crucial and
the deeper reflections have to wait until afterwards. Any confusion discovered afterwards is
left to be solved with speculations. Something that in retrospective would have been con-
sidered valuable would have been a dedicated test lab for a longer part of the project. This
way, the tests could have been performed with more focus on understanding the results,
rather than just producing data.

Regarding the target applications The results in this thesis are presented with consider-
ation to electric propulsion of a heavy commercial vehicle. Although many of the results
are relevant also for other applications, some observations are made on the differences.

As mentioned several times, the most crucial aspect of a traction machine is to make it fit
in the application. After that first requirement is fulfilled, cost and efficiency become the
main focus. Another difference is related to how the machine is to be used. Rather than a
constant operation, the load variations are large and ever-present. This way, the difference
between peak and average operation can be fairly large.

Related to this, the definition of continuous and peak power is a topic necessary to discuss.
The definitions considered in this thesis is operation at thermal equilibrium (hence similar
to the S1 duty cycle¹) for continuous operation and around 10 seconds of operation with
maximum current for peak. Looking at the applications, continuous operation will never
happen. Instead an average or possibly an rms-value needs to be considered.

The standard used within the automotive industry² is defining continuous power as 30
minutes of operation after at least 4 h of preconditioning at room temperature. Maximum,
or Net Power is measured by preconditioning the machine at room temperature for atleast
2 h, followed by 3 minutes of operation at 80 of max power. Then the power is measured
at full load at a sufficient number of motor speeds from standstill to top speed during

¹”Duty type S1 - Continuous running duty” in IEC 60034
²UN ECE Regulation no.85
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maximum 5 minutes.

When analysing the test procedures in the standard it is concluded that the tests in many
aspects are adopted to passenger cars. The duration of a trip in a car can typically be 30
minutes or less. This is however not the case for a commercial vehicle, something that
questions the usefulness of this definition for the given application. Another aspect is re-
lated to the size of the machine that is tested. For a smaller machine, 30 minutes might be
sufficient for reaching stable temperature. The time this takes for a bigger machine with a
larger thermal mass could very well be longer. The resulting 30 minutes power of a large
electric machine can therefore be noticeably different from the continuous S1 performance.
Also the rather long time window for operation at peak load can be debated. Again, the
larger the machine, the longer the time before over-temperatures are reached.

Regarding environmental aspects The last part of the discussion is dedicated to envir-
onmental aspects. From this point of view, the decision to use rare earth material in the
machine design can be discussed. The purpose with this part of the discussion is not to
provide any answers on what would be the environmentally correct machine design. In-
stead the intention is to direct some focus to the issue of a potential shift from local to
global emissions and pollution and that there is research focusing on these aspects. The
discussion and conclusions here are all based on [128–130] where the results from the work
on a life cycle assessment (LCA) analysis is presented. Included are three different types of
PM machines designed for vehicle applications. The result is divided into carbon dioxide
(CO₂)-emissions affecting the climate, along with health effects due to toxicity and toxic
waste.

The material used in the three machines in question is approximately 45-48 kg of electric
steel, around 5 kg of copper and 1.5-2.5 kg of magnets [129]. The amount of aluminium is
not presented while the relatively large amount of steel is due to inefficient use of the steel
sheets when stamping the laminations. More than 50 of the steel is not used in the actual
machine, but lost in the stamping process. For the magnets, around 20 is lost in the
manufacturing process. The mutual distribution between copper and magnets agrees well
with that in the machine studied in this PhD work (≈9 kg copper and ≈2 kg magnets).

In the LCA study, the CO₂-emissions are linked to the energy consumption during manu-
facturing together with that consumed during the use phase. The latter considers the energy
needed to move the weight of the machine itself, along with the losses in the machine. This
is hence highlighting the importance of designing a machine with a high efficiency over a
large part of the intended operating region. That becomes even more important for a com-
mercial vehicle, since the required and expected component life typically is up to 10 times
longer than that of a passenger car. In the case of a vehicle being charged from the grid,
the carbon intensity of the energy mix becomes an important factor. Depending on where
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in the world the vehicle is charged, the CO₂-emissions related to the vehicle are different.
The same goes for if the study considers an existing energy mix, or if assumptions are made
regarding an improved future energy mix. During manufacturing, the major contributor
to CO₂-emissions is the preparation of the iron core, followed by making the aluminium
housing and the copper windings [130]. The CO₂-emission part of the LCA analysis is
considered robust and well proven [128].

The other aspect covered in the LCA analysis in [128–130] is the toxicity. This part is espe-
cially distinctive during the material preparation and production phases. With the under-
lying assumptions to the study, the dominant contributor to toxicity is the copper. This is
mainly connected to long term emissions of heavy metals to ground water. It is hence to
some extent linked to the environmental legislation at the location of the mine and mater-
ial processing facility. The toxicity part of the study is more uncertain and the results can
differ considerably between different studies. This is because it is hard to quantify indir-
ect toxicity and determine the true origin of contaminants where the effect is not directly
noticeable [128].

Based on the results in the referenced study, some conclusions are drawn. One is that
despite a rather large environmental impact per unit weight, the rare earth materials in the
permanent magnets have a limited influence on the environmental impact of an IPMSM.
This is due to the proportionally small amount mounted in the machine. Furthermore,
since the study associates most toxicity to the copper, it is not obvious whether e.g. an
electrically magnetized machine would be a better choice. This is especially since the mutual
relation between copper and magnet weight in the machines in the study is around 2-3:1
only. Removing the magnets to the expense of more copper could perhaps even increase
the environmental impact. As stated in [129], it would instead make more sense to consider
e.g. concentrated windings and a segmented stator. This would mean less copper in the
end windings and higher utilization of the electric steel.

The other conclusion from looking into the LCA-study is that both the CO₂-emissions and
the toxicity to some extent are consequences of external factors. The climate impact is to a
large extent related to the carbon intensity of the energy mix during the use phase. Hence a
more clean energy production leads to a direct improvement on the environmental impact
of the electric vehicle. Moreover, the toxicity from the production phase holds the potential
to be improved. This is achieved by introducing tougher requirements regarding pollution
from the mining and processing industries.
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6.3 Future work

This section lists a number of studies identified as relevant and interesting to do as a con-
tinuation or complementation of the work and results presented throughout the thesis.
Suggested topics are as follows:

• In connection to the thermal behaviour, a more thorough study is needed on the
cooling of the machine. This should preferably include:

– The creation of a thermal model capable of predicting the heat dissipation in
the two oil circuits. The model should be used to tune the coolant flow dis-
tribution in order to either optimize the continuous performance or reduce
the pumping power. Inspiration to the creation of the thermal model could
potentially be found in [131] for the stator back and in [132] for the rotor and
end winding cooling.

– Operation at higher temperatures, both in terms of reducing the margin to
the insulation class in the windings and the maximum operating temperature
of the magnet grade. Also operation with a higher oil inlet temperature (up
to 100-120°C) should be tested. This will investigate the potential to share oil
with the gearbox without any additional oil cooler. Tests with higher oil inlet
temperatures have not been possible to do due to safety restrictions on the oil
temperature in the test cell.

– Operation at lower temperatures to prove the usefulness of the oil cooling sys-
tem at cold starts. Since the viscosity of oil is highly temperature dependent,
too low temperatures could paradoxically lead to overheating the machine. The
back pressure is then too large, leading to no oil circulation.

– A deeper study of the cooling circuit routed via the rotor. Such a study could
be partly related to centrifugal pumping effects and partly related to the results
presented in [132]. In [132], tests of a similar rotor oil cooling solution reveal
significantly higher mechanical looses in the upper speed range (7-10 krpm).
This is a consequence of oil foam being created in the motor compartment
that prevents proper oil drainage. Examples on what to study related to the
pumping effect is the pumping power and whether it could be sufficient to
run the rotor oil cooling.

• Some additional studies related to skewing and the torque ripple analysis could be
carried out. Aspects to consider could be:

– Experimental validation of the simulated apparent skewing factor. This would
require building and testing a prototype without skewing. The study could
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then also be extended to include a more thorough investigation on how the
efficiency is affected by the implementation of skewing.

– An alternative skewing angle to the 30 electrical degrees used in the prototype:
A similar investigation is presented for a surface mounted PMSM in [34]. The
implementation in the simulation model is easily done, while the subsequent
analysis to find an optimum should prove less elementary. This holds both in
terms of torque versus torque ripple and in terms of which part of the load
map, the load dependant skewing factor should be optimized for.

– Alternative means of reducing the torque ripple; this since one of the con-
clusions from the skewing chapter is how the fundamental torque is affected
when operated in the field weakening, or constant power region. Examples on
alternative means to reduce the torque ripple could be e.g. chamfered stator
tooth-tips [133], rotor pole shaping [134], or shifting the magnets [24] or flux
barriers [135] slightly between the poles. Torque ripple reduction can also be
accomplished by manipulating the applied currents [136, 137]. The expense
would be increased switching losses in the frequency converter [138].

• Repeating a number of the tests performed throughout the thesis. More specifically,
the following is identified as relevant for improving the overall results:

– Testing the continuous and peak performance and measuring the efficiency in
the entire speed region of the machine.

– Perform thermal dependency tests up to full speed and power.

– Complement the dummy rotor tests with higher speeds and different temper-
atures to investigate the air friction as well as the thermal dependency of the
bearing friction.

– Perform no load iron loss tests at different temperatures to investigate any
thermal dependency of the iron losses.

– Investigate the possibility to map any circulating currents in the wire bundles
inside the slots. This to determine if it would by possible to open the bundles
in the winding terminals and compare to if the bundles are clamped and hence
short circuited in the connection to the phase cables.

– Consider re-testing the on-load iron losses with more effort to ensure as identical
conditions as possible throughout all tests. In addition to this, a larger statist-
ical basis should be collected. Before executing this test, consideration should
be directed towards the influence of the accuracy in the instrumentation to
determine the usefulness of the results.

• In the case of better test results being obtained from the on-load iron loss testing,
the simulation model should be calibrated correspondingly. In this case, more con-
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sideration needs to be made towards the control parameters of the drive as e.g. the
switching frequency and DC voltage level should have an influence on the result.
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Appendix A

Park Clarke transformation

The transformation from a three phase system to the rotating dq coordinate system via the
two-phase stator stationary αβ coordinate system is described here. This transformation
is done in order to facilitate the control of the electric machine. It is also a useful aid for
understanding how torque is created in the electric machine. The transformation procedure
is commonly known as the Park Clarke transformation.

The 3-phase AC-quantities (a, b & c) in an electric machine are generally expressed as
vectors in a stationary coordinate system called αβ. The term ”stationary” comes from that
the axes are fixed to the stator. The idea is that the rotating magnetic field formed by
the three alternating phase currents (iabc) can be expressed as a vector that rotates in the
αβ reference frame. The α-axis is per definition aligned to the magnetic field created by
a positive current in Phase A, or more simple; α is aligned to Phase A, with the β axis
in orthogonal direction. Phase B and C are distributed with ±120° respectively in the
coordinate system.

Transformation from the three phase to the αβ system with the so called Clarke transform,
can be done with either amplitude invariant or power invariant transformation. As the name
suggests, the amplitude invariant transformation keeps the same amplitude of the vectors
throughout the transformation. The difference in power invariant transformation is a factor

of
√

3
2 introduced to compensate for that the electrical power in a two-phase system gets

lower than if multiplied in the three-phase system. In power invariant transformation, the
power will be the same disregarding if it is calculated in the two-phase (αβ) or three-phase
(abc) system. The assumption here is also that the three phases are symmetrical so that the
sum of all phases are zero at all time. This means that the zero sequence term is neglected
and left out. If the three phase system is not perfectly symmetrical, the zero sequence term,
representing the sum of all phases should be included as well.
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Power Invariant transformation from iabc to iαβ is done according to:

iα =

√
3

2
ia (A.1)

iβ =
1√
2
(ib − ic) (A.2)

Amplitude Invariant transformation from iabc to iαβ is done according to:

iα = ia (A.3)

iβ =
1√
3
(ib − ic) (A.4)

Power Invariant transformation from iαβ to iabc is done according to:

ia =

√
2

3
iα (A.5)

ib =

√
2

3

−iα +
√
3iβ

2
(A.6)

ic =

√
2

3

−iα −
√
3iβ

2
(A.7)

Amplitude Invariant transformation from iαβ to iabc is done according to:

ia = iα (A.8)

ib =
−iα +

√
3iβ

2
(A.9)

ic =
−iα −

√
3iβ

2
(A.10)

In order to further facilitate the control of the electric machine, one more coordinate system
is introduced. Instead of being attached to the stator, the new coordinate system is attached
to the rotor and is hence rotating with the same frequency as the electric machine. This
rotating coordinate system is defined as the dq coordinate system. The big advantage is that
the rotating flux vector in the stationary αβ reference frame instead becomes stationary in
the rotating dq coordinate system. The d-axis is per definition aligned to the permanent
magnet flux in the rotor. Orthogonally directed is the q-axis. In its most basic set-up, with
a magnetic bar in the rotor, maximum torque in a machine is obtained if the current is
applied in q-direction. This means that the electromagnetic south pole in the stator is kept
90 degrees ahead of the permanent magnet north pole in the rotor. Since the coordinate
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system is rotating with the rotor, the torque is preserved for as long as iq is kept constant.
With iron present in the rotor as well, things are getting more complicated as the reluctance
torque starts to have an impact as well. Even though this is utilized in the machine designed
in the PhD work, the theory behind the reluctance torque is out of the scope here.

Transformation from αβ– to dq coordinates is done with the Park transform. In order to
complete the transformation, knowledge of the rotor position angle Θ is required. Trans-
formation from iαβ to idq is done according to:

id = iα cosΘ + iβ sinΘ (A.11)

iq = iβ cosΘ− iα sinΘ (A.12)

Transformation from idq to iαβ is done according to:

iα = id cosΘ− iq sinΘ (A.13)

iβ = id sinΘ + iq cosΘ (A.14)





Appendix B

Torque transducer measurement
uncertainties

This appendix describes how to establish the uncertainties from the HBM torque trans-
ducer used for part of the measurements. All parameters from the data sheet are specified
as maximum, or worst case values. The information is mainly acquired from the HBM
webpage¹ together the data sheet of the torque transducer in question [28].

Parameters specified as maximum values in the data sheet have a rectangular distribution.
This means that a distribution factor of 1√

3
shall be used to obtain the typical values.

This gives the measurement uncertainty udC from the sensitivity tolerance dC and max-
imum torque of the application Tmax according to

udC =
1√
3
· dC · Tmax (B.1)

The measurement uncertainty udlh due to linear deviation including hysteresis effects is
determined from the linearity and hysteresis deviation dlh according to

udlh =
1√
3
· dlh · Tnom · kmr (B.2)

Additional input is the measuring range of the transducer Tnom and a factor for the mech-
anical remanence kmr of the material in the transducer. A mechanical remanence factor of

¹https://www.hbm.com/se/3941/the-calculation-of-the-measurement-uncertainty-for-torque-applications/
Accessed on 2018-12-02
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2 needs to be considered when both positive and negative torque is recorded. The torque
transducer have a nominal measuring range of 1 kNm.

The measurements uncertainty udTKC due to the temperature impact on the sensitivity
dTKC is determined according to

udTKC =
1√
3
· dTKC · Tmax ·

ϑmax − ϑnom
10

(B.3)

where ϑmax− ϑnom is the deviation in temperature ϑ from nominal (room temperature).

The measurement uncertainty udTK0 due to the temperature influence on the zero signal
dTK0 is determined according to

udTK0 =
1√
3
· dTK0 · Tnom · ϑmax − ϑnom

10
(B.4)

The measurement uncertainty udσ from the standard deviation of the repeatability dσ is
determined based on the difference between maximum and minimum measured torque
according to

udσ = dσ · (Tmax − Tmin) (B.5)

Since dσ is given as typical value, the distribution factor is not included here.

The measurement uncertainty upar due to any parasitic loads acting on the torque trans-
ducer is determined according to

upar =
1√
3
· Lpar
Lpar,ref

Tnom · dpar (B.6)

Here the sum of the relation between the different parasitic loads and each relevant max-
imum permissible load, is denoted Lpar

Lpar,ref
. Maximum acceptable value of Lpar

Lpar,ref
is 100.

The deviation factor dpar indicates how much the parasitic loads affect the result.

The total measurement uncertainty is obtained by considering the rms value of all individual
contributors. This gives a confidence interval of 68. For a higher confidence interval, the
resulting total uncertainty is multiplied with a factor 1.645 for 90, 1.96 for 95 and 2.576
for 99 confidence interval.

A sensitivity analysis is done by using relevant numbers from the data sheet to solve B.1-
B.6. The results are obtained by considering torque measured between ±300 Nm. Hence
Tmax is 300 Nm in this specific case. The temperature at the torque transducer is varied
from nominal temperature used during calibration, to a temperature difference of 20°C.
The parasitic loads are varied from 0-100. The result is presented in Table B.1 where the
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Table B.1: Sensitivity analysis on measurement uncertainties when measuring between between
±300 Nm with a temperature difference ∆ϑ ranging from 0°C to 20°C from calibration
temperature and a parasitic load variation ranging from 0 to 100

udC . Nm

udlh . Nm

udTKC -. Nm depending on temperature

udTK0 -. Nm depending on temperature

udσ . Nm

upar -. Nm depending on parasitic load

variation on udTKC and udTK0 is due to the temperature variation and the variation in
upar is due to the order of the parasitic loads.

As can be seen in the table, the largest potential uncertainties come from the temperature
effect together with any parasitic loads on the transducer. These are also the two contrib-
utors that are affected more by ambient conditions rather than the torque transducer itself.
It is therefore not considered when calibrating the sensor and can hence easily be missed
when performing the analysis.
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Proximity loss derivation

The derivation of the AC losses in the wires due to proximity effects based on the work
in [119] is presented here. The underlying assumption is that the magnetic field, B is
uniform and unidirectional, hence that it is evenly distributed and has one direction only.
The magnetic field is defined as

B = B · sin (ωt) ŷ (C.1)

with the derivative
∂B

∂t
= B · ω · cos (ωt) ŷ (C.2)

Maxwell’s third equation states that:

∇×E = −∂B
∂t

(C.3)

where E is the electric field. The curl of E is developed to

∇×E =

 x̂ ŷ ẑ
∂
∂x

∂
∂y

∂
∂z

Ex Ey Ez


=

[
x̂

(
∂Ez
∂y

− ∂Ey
∂z

)
, ŷ

(
∂Ex
∂z

− ∂Ez
∂x

)
, ẑ

(
∂Ey
∂x

− ∂Ex
∂y

)] (C.4)

With current running only in the direction of the wires, the electric field is reduced to a
ẑ-component, hence Ex and Ey are equal to zero. From C.2 it is also assumed that the
B-field only has a ŷ-component, hence x̂ and ẑ are equal to zero as well. This leaves

∇×E = −ŷ ∂Ez
∂x

(C.5)
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Insertion of this into Maxwell’s third equation gives

− ŷ
∂Ez
∂x

= −ŷB · ω · cos (ωt) (C.6)

When solved for E this becomes

E =

∫
∂Ez
∂x

ẑdx =

∫
B · ω · cos (ωt) ẑdx = B · ω · x · cos (ωt) ẑ (C.7)

Power losses in a conductor due to resistance,R and current i can be developed to a function
of resistivity ρ and current density J according to

P = R · i2 = ρ · J 2 (C.8)

With the conductivity being the resistivity inverse and current density being the electric
field E times the conductivity σ, the power loss can be re-written to

ρ · J 2 =
1

σ
· (σ · E)2 = σ · E2 (C.9)

By replacing E with the previously derived expression (C.7), the average power loss can be
determined with (C.10) where the average loss density is integrated over a quarter of a circle
and multiplied by 4. With the average value of cos2 (ωt) being equal to the average value of
sin2 (ωt), the Pythagorean trigonometric identity gives that the average of cos2 (ωt) = 1

2 .

P avgwire = 4 ·
r∫

x=0

√
r2−x2∫
y=0

σ · E2dy dx

=
1

2
· σ ·B2 · ω2 · 4

r∫
x=0

√
r2−x2∫
y=0

x2dy dx

=
1

2
· σ ·B2 · ω2 · 4

r∫
x=0

x2 ·
√
r2 − x2dx

(C.10)

The solution to the standard integral∫
x2 ·

√
c2 − a2x2dx (C.11)

is [139, pg.162][
−
x
(
c2 − a2x2

)3/2
4a2

+
c2x

√
c2 − a2x2

8a2
+

c4

8a3
arcsin

(ax
c

)]
(C.12)
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where the two first terms are equal to zero if a = 1, c = r and the limit goes from
x = 0 → r. This leaves[

r4

8
arcsin

(x
r

)]r
x=0

=
r4

8
arcsin

(r
r

)
− r4

8
arcsin

(
0

r

)
(C.13)

where arcsin(1) = π
2 and arcsin(0) = 0. Hence the integration in the last step of C.10

becomes r
4

8 · π2 = π
16 · r4. Inserting this into (C.10) finally gives

P avgwire =
1

2
· σ ·B2 · ω2 · π

4
· r4 (C.14)
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Nomenclature

αsh Skewing angle [rad]

γ Loss correction factor for iron core losses with rotational flux [-]

δ Skin depth [m]

∆ϑ Temperature difference [°C]

∆B Magnetic flux density difference [T]

∆T Average torque ripple [Nm]

∆TEM Peak to peak torque ripple in the electric machine [Nm]

∆TReduction Reduction in torque ripple due to skewing []

η Efficiency []

Θ Rotor position angle [rad]

ΘEL Electric rotor position angle [rad]

ϑ Temperature [°C]

ϑK Temperature [K]

λ Ratio between major and minor flux components [-]

λI Relative distance from bearing I to CoG [-]

λII Relative distance from bearing II to CoG [-]

µ Magnetic permeability [H/m]

µ0 Magnetic permeability of free space [H/m]

µr Relative magnetic permeability [H/m]

µFe Relative magnetic permeability of iron [H/m]

µbrush Carbon brush friction coefficient [-]
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µfb Bearing friction coefficient [-]

µsl Sliding friction coefficient [-]

µsc Sliding friction coefficient at standstill [-]

µFF Sliding friction coefficient at full-film conditions [-]

µseal Friction coefficient of the oil seal lip to shaft contact [-]

νair Dynamic viscosity of air [Pa·s]

νg Operating viscosity of the bearing grease [Pa·s]

ρ Electrical resistivity [Ω·m]

ρCu Resistivity of copper [Ω·m]

ρair Density of air [kg/m3]

σ Electrical conductivity [S/m]

σrel Relative standard deviation [-]

σyield Yield strength [Pa]

τ Sheer stress [Pa]

ϕ Angle between voltage and current [rad]

ΦA, B & C Phase A, B & C

ψ Magnetic flux linkage [Wb]

ψdq Magnetic flux linkage in the rotating reference frame [Wb]

ψmeasdq Measured magnetic flux linkage in the rotating reference frame [Wb]

ψsimdq Simulated magnetic flux linkage in the rotating reference frame [Wb]

ω Angular frequency [rad/s]

ωcrit Critical resonance rotational speed [rad/s]

ωe Electrical angular frequency [rad/s]

ωm Mechanical rotational speed [rad/s]

ωmax Maximum rotational speed [rad/s]

∇ Vector differential operator

∅ Diameter [m]

A Area [m2]

Acond Cross sectional area of a conductor [m2]

Ad Area of the magnetic path through the air(gap) [m2]

AFe Area of the magnetic path through iron [m2]

APM Area of the magnetic path through magnets [m2]

Aslot Stator slot area [m2]

B Magnetic field vector [T]
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B Magnetic flux density [T]

Bd Magnetic flux density in the air(gap) [T]

Br Magnetic remanence (residual magnetism) [T]

BFe Magnetic flux density in iron [T]

Bleak Magnetic flux density leaking through a stator slot [T]

Bm Instantaneous value of the magnetic flux density [T]

BMaj Major flux density component [T]

Bmax Maximum magnetic flux density [T]

BMin Minor flux density component [T]

Bmin Minimum magnetic flux density [T]

Bpeak Peak value of the magnetic flux density [T]

B0PM Magnetic flux density in a magnet due to the permanent magnetization [T]

BPM Magnetic flux density in magnets [T]

can Anomalous loss coefficient¹

cec Eddy current loss coefficient¹

chy Hysteresis loss coefficient¹

cosϕ Power factor [-]

Can Coefficient associated to anomalous power losses [-]

CF Correction factor for the rolling resistance [-]

Cenvf Viscous drag coefficient for the envelope surface [-]

Cgabf Viscous drag coefficient for the gables [-]

dσ Standard deviation in the torque transducer [-]

db Width of the iron bridge between two adjacent magnets [m]

dbrush Carbon brush contact diameter [mm]

dB Bearing bore diameter [mm]

dC Deviation in the torque transducer due to sensitivity tolerances [-]

dg Radial airgap distance [m]

dlam Lamination thickness [mm]

dlh Deviation in the torque transducer due to linearity and hysteresis [-]

dseal Inner diameter of the oil seal [mm]

dTK0 Deviation of the zero signal in the torque transducer due to temperature [-]

dTKC Deviation in the torque transducer due to temperature [-]

¹ No units are allocated to these coefficients since they represent empirical observations rather than under-
lying physics [21, 61]
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ehy Hysteresis loss exponent [-]

er Rotor eccentricity (rotor imbalance) [μm]

E Electric field vector [V/m]

E Electric field [V/m]

EFe Young’s modulus for steel [MPa]

f Frequency [Hz]

feq Equivalent frequency [Hz]

fm Factor for the relation between static and dynamic bearing forces [-]

F Force [N]

Fb Bearing force [N]

Fbrush Force applied by the carbon brush [N]

FD Dynamic centrifugal force [N]

FE Externally applied force [N]

FG Gravitational force [N]

Fseal Force applied by the oil sealing [N]

F lineseal Line force in oil sealing [N/m]

g Gravitational acceleration [m/s2]

Gsl Sliding frictional variable [-]

Grr Rolling frictional variable [-]

ha Harmonic order [-]

hm Machine height (active length) [m]

Hc Magnetic coercivity [kA/m]

HcB Normal magnetic coercivity [kA/m]

HcI Intrinsic magnetic coercivity [kA/m]

Hirr Irreversible hysteresis losses [W/kg]

i Alternating current [A]

iαβ Currents in the stationary reference frame [A]

iabc Currents in the 3-phase system [A]

idq Currents in the rotating reference frame [A]

imax Maximum current [A]

I Direct current [A]

Irms Rms current [Arms]

J Current density [A/m2]

J Moment of inertia [kg·m2]
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Jext Moment of inertia of an external flywheel [kg·m2]

Jrotor Moment of inertia of the rotor [kg·m2]

Jtot Total moment of inertia [kg·m2]

kfill Stator slot fill factor [-]

km,Fe Factor considering iron the core mass and number of poles [kg]

kmr Factor for the mechanical remanence in the torque transducer [-]

ksh Skewing factor [-]

kapsh Apparent skewing factor acting on the torque [-]

k
|ψ|
sh Apparent skewing factor acting on the linked magnetic flux [-]

ksr Surface roughness coefficient [-]

l Length [m]

la Active electric machine length [m]

lactive Total active conductor length [m]

lb Distance between the bearings [m]

lcond Total conductor length [m]

ld Airgap distance [m]

lEW Total endwinding conductor length [m]

lFe Length of the magnetic path through iron [m]

lPM Lenght of the magnetic path through magnets [m]

lprox Total conductor length when considering proximity losses [m]

lR Rotor length [m]

ltot Total (overall) machine length [m]

Lpar Parasitic load acting on the torque transducer [N]

Lpar,ref Maximum permissible parasitic load on the torque transducer [N]

m Mass [kg]

mact Mass acting on the iron bridge between two adjacent magnets during rotation [kg]

mFe Iron core mass [kg]

mFe,th Stator teeth iron core mass [kg]

mFe,yk Stator yoke iron core mass [kg]

mr Rotor mass [kg]

MArea Area moment of inertia [m4]

nbase Base speed [rpm]

nburst Burst speed [rpm]

nmax Maximum operational speed [rpm]
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N Number of turns in a coil [-]

Nbrush Number of carbon brushes [-]

Nc Number of conductors in a stator slot [-]

Np Number of poles [-]

Ns Number of slots in the stator [-]

p Absolute pressure [Pa]

pan Anomalous power losses [W/kg]

pec Eddy current power losses [W/kg]

phy Hysteresis power losses [W/kg]

pFe Iron core power losses [W/kg]

pFe,th Stator teeth iron core power losses [W/kg]

pFe,yk Stator yoke iron core power losses [W/kg]

Pair Air friction, or windage power losses [W]

P envair Air friction, or windage power losses at the rotor envelope surface [W]

P gabair Air friction, or windage power losses at the rotor gables [W]

PB Bearing power losses [W]

PBearing Bearing power losses [W]

Pbrush Carbon brush power losses [W]

Pcont Continuous power [W]

PCu Copper power losses in the stator windings [W]

PDCCu DC copper power losses in the stator windings [W]

P proxCu Total average proximity power losses [W]

Pel Electric power to/from the machine [W]

PFe Iron core power losses in the stator [W]

P 0 deg
Fe Iron core power losses in the stator in the major flux density direction [W]

P 90 deg
Fe Iron core power losses in the stator in the minor flux density direction [W]

P Corr
Fe Power losses in the iron core from simulations corrected based on measurements [Nm]

PFe,FEMM Iron core power loss estimation from simulations in FEMM [14] [W]

PFe,Maxwell Iron core power loss estimation from simulations in Ansys Maxwell [96] [W]

POrginalFe Iron core power losses in the stator estimated during the design stage [W]

P rotFe Iron core power losses with consideration to rotational flux density variation [W]

Pin Power going in to the electric machine [W]

PLoss Overall power losses in the electric machine [W]

P Corr
Loss Total mechanical and iron core power losses from corrected simulation model [W]
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P sim
Loss Total mechanical and iron core power losses from original simulation model [W]

Pmech Mechanical power losses [W]

Pout Power going out from the electric machine [W]

Ppeak Peak power [W]

Ppeak sim Peak Power according to simulations [W]

Protor Power losses in the rotor [W]

Pseal Oil seal power losses [W]

Pshaft Mechanical power measured on the electric machine shaft [W]

P avgwire Average power losses per unit length in a wire due to proximity effects [W/m]

r Radius [m]

rA Airgap radius [m]

ract Radius to CoG of the mass mact [m]

rin Inner rotor radius [m]

rish Reduction factor for inlet shear heating in bearings [-]

rrs Reduction factor for kinematic replenishment in bearings [-]

rw Weighting factor for the sliding friction [-]

rwire Radius of a conducing wire [m]

R Resistance [Ω]

R1 Rolling frictional constant [-]

RA Specific gas constant of air [-]

Rs Stator resistance [Ω]

Rs,DC DC stator resistance [Ω]

Reδ Couette Reynolds number [-]

Rea Reynolds number for axial airflow in the airgap[-]

Rer The tip Reynolds number [-]

RTC Reversible temperature coefficient of the permanent magnets [/°C]

s Axial distance from a rotor gable to the opposing stationary housing gable [m]

S1 Sliding frictional constant [-]

SEW Temperature sensor located in the end windings of phase A

SDE Temperature sensor located at the driving end bearing

SHS Temperature sensor located at hotspot of phase A

SNDE Temperature sensor located at the non driving end bearing

SSB Temperature sensor located at the stator back outside of phase A

t Time [s]
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tcCu Temperature coefficient of copper [K−1]

T Torque [Nm]

TLossB Loss torque in the bearings [Nmm]

TB,drag Bearing loss torque due to drag losses [Nmm]

TB,rr Bearing loss torque due to rolling resistance [Nmm]

TB,seal Bearing loss torque due to friction in the bearing seal [Nmm]

TB,sl Bearing loss torque due to sliding friction [Nmm]

Tbrush Loss torque in the carbon brushes [Nmm]

Tcont Continuous torque [Nm]

Tem Electromagnetic torque [Nm]

TEM Electric machine torque [Nm]

TLoss Loss torque [Nm]

T Corr
Loss Loss torque from simulations, corrected based on measurements [Nm]

T sim
Loss Loss torque from simulations due to mechanical- and iron losses [Nm]

TLoss,Fe Loss torque due to iron losses [Nm]

T sim
Loss,Fe Loss torque due to iron losses from simulations in FEMM [14] [Nm]

T sim,Maxwell
Loss,Fe Loss torque due to iron losses from simulations in Ansys Maxwell [96] [Nm]

Tmax Maximum torque of the application [Nm]

Tmech Loss torque due to mechanical losses [Nm]

Tmeas Measured Torque [Nm]

T+
meas Measured positive Torque [Nm]

T−
meas Measured negative Torque [Nm]

Tmin Minimum torque of the application [Nm]

Tnom Measuring range of the torque transducer [Nm]

Tpeak Peak Torque [Nm]

Tseal Loss torque in the oil seal [Nmm]

TK0 Temperature effects on the torque transducer zero signal [-]

TKC Temperature effects on the torque transducer reading [-]

udq Voltages in the rotating reference frame [V]

udσ Measurement uncertainty due to the standard deviation [Nm]

udC Measurement uncertainty due to the sensitivity tolerance deviation [Nm]

udlh Measurement uncertainty due to the linear deviation [Nm]

udTK0 Measurement uncertainty due to the torque transducer zero signal deviaiton [Nm]

udTKC Measurement uncertainty due to the torque transducer temperature deviation [Nm]
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un Measurement uncertainty on negative torque readings [Nm]

up Measurement uncertainty on positive torque readings [Nm]

upar Measurement uncertainty due to parasitic loads on the torque transducer [Nm]

v1 Peripheral rotor speed [m/s]

vaxial Axial air flow in the air-gap [m3/s]

x̂ Unit vector in x-direction

X Unitless parameter for evaluating the skin depth [-]

ŷ Unit vector in y-direction

ẑ Unit vector in z-direction

2D Two Dimensional

3D Three Dimensional

AC Alternating Current

AMT Automatic Mechanically engaged Transmission

AP Axial field die Pressed

CAD Computer-Aided Design

CFD Computational Fluid Dynamics

CO₂ Carbon Dioxide

CoG Center of Gravity

CPSR Constant Power Speed Range

DC Direct Current

DE Driving End

EM Electric Machine

Emf Electro-motive force

ESS Energy Storage System

EV Electric Vehicle

EW End Windings

FE Finite Element

FEA Finite Element Analysis

FEM Finite Element Modelling

FFT Fast Fourier Transform

FPGA Field-Programmable Gate Array

HEV Hybrid Electric Vehicle

HS Hot Spot
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IEA Division of Industrial Electrical Engineering and Automation

ICE Internal Combustion Engine

ID Inner Diameter

IPMSM Interior Permanent Magnet Synchronous Machine

LCA Life Cycle Assessment

LTH Faculty of Engineering at Lund University

MTPA Maximum Torque Per Ampere

MFPT Minimum Flux Per Torque

MMF Magnetomotive Force

MSE Modified Steinmetz Equation

NdFeB Neodymium-Iron-Boron

NDE Non-Driving End

OD Outer Diameter

ppm parts per million

PEC Power Electronic Converter

PM Permanent Magnet(s)

PMSM Permanent Magnet Synchronous Machine

PTO Power Take Off

PWM Pulse Width Modulation

rms root mean square

RTC Reversible Temperature Coefficient

RTD Resistance Temperature Detector

SAE Society of Automotive Engineers

SB Stator Back

THD Total Harmonic Distortion

TP Transverse field die Pressed

WEG Water/Ethylene/Glycol
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